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t.  EXECUTIVE  SUMMARY 


The  proposal  for  this  project  set  forth  a  comprehensive  plan  to  perform  research 
in  three  areas: 

(i)  Taylor  testing  of  conventional  materials 

(ii)  Taylor  testing  of  unconventional  materials 

(iii)  Biaxial  testing  under  combined  tension  and  torsion. 

This  report  documents  the  progress  that  was  made  in  developing  the  analytical  tools  to 
reduce  the  data  from  Taylor  cylinder  tests.  Also  included  in  the  report  are  the  results  of 
our  efforts  to  deduce  the  mechanical  properties  of  some  unconventional  materials,  such 
as  concrete,  that  are  ill  suited  for  Taylor  impact  testing.  Some  progress  was  made  on 
testing  and  analysis  of  data  from  biaxial  tests  under  combined  tension  and  torsion,  but 
items  (i)  and  (ii)  were  deemed  of  higher  priority  by  the  Air  Force.  Thus,  we  have  more 
accomplishments  to  report  in  these  areas. 

Regarding  the  first  of  our  objectives,  we  achieved  a  major  milestone  with  the 
development  of  an  elementary  one-dimensional  theory  for  estimating  the  state  of  stress  of 

ductile  materials  at  strain-rates  that  exceed  104  /  s .  The  theory  could  be  applied  to  post¬ 
test  cylinder  data  or  to  a  high-speed  film  record  of  a  Taylor  cylinder  test.  References  to 
both  applications  are  in  included  in  the  report. 

Also  referring  to  the  first  objective,  a  modification  to  the  Johnson-Cook  Strength 
Model  was  devised  by  including  additional  terms  to  more  accurately  account  for  high 
strain-rate  behavior.  The  new  material  model  is  called  the  Revised  Johnson-Cook 
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Strength  Model  (RJC).  To  evaluate  all  of  the  parameters  in  the  model,  only  Taylor 
cylinder  data  and  the  results  of  quasi-static,  uniaxial  stress  tests  arc  required.  There  is 
remarkable  agreement  between  the  RJC  strength  model  and  the  one-dimensional  theory 
mentioned  in  the  previous  paragraph,  although  they  are  completely  independent  of  one 
another.  References  are  provided  in  the  report  and  the  results  of  a  number  of  Taylor 
cylinder  tests  are  included. 

Regarding  the  second  of  our  objectives,  references  arc  provided  for  data  reduction 
of  Taylor  cylinder  tests  of  dense  urethane  (Adiprcne-100).  The  one-dimensional  analysis 
was  used  in  conjunction  with  a  high-speed  film  record  of  the  test  to  deduce  the 
mechanical  properties  of  the  viscoelastic  material.  This  was  a  novel  application  of  the 
theory  because  there  was  no  perceptible  deformation  of  the  recovered  specimen  to 
measure.  A  reference  to  these  results  is  included  in  the  report. 

Another  class  of  materials  that  are  poor  candidates  for  conventional  Taylor  testing 
are  those  that  are  geologically  based.  Many  of  them,  especially  concrete,  are  very  brittle 
with  very  low  tensile  and  shear  strengths.  Yet,  it  is  exactly  these  material  properties  that 
are  presently  of  interest  to  code  developers  for  design  puiposes.  Although  mechanical 
testing  of  these  materials  has  been  carried  out  for  years,  there  is  very  little  known  about 
their  response  to  loads  that  produce  strain-rates  in  excess  of  103  /  ,v .  Under  high-pressure 
loading  when  the  material  is  confined,  even  less  is  known.  As  indicated  before,  the 
brittle  nature  of  these  materials  prevents  many  of  them  from  being  tested  by  any  of  the 
usual  laboratory  methods.  One  of  the  most  common  methods  for  deducing  the  properties 
of  geological  target  materials  is  interpretative  analysis  of  penetration  test  data.  This  has 
the  advantage  of  subjecting  the  target  to  the  highest  strain-rates  and  pressures,  but 
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requires  the  use  of  an  accurate  penetration  theory  for  the  results  to  have  any  value. 
Several  improvements  to  classical  penetration  theories  were  proposed  in  order  to  more 
accurately  reflect  the  mechanical  properties  of  hard  targets.  References  to  these  results 
are  included  in  the  report. 

The  work  on  biaxial  testing  led  to  publication  of  a  general  treatise  on  testing 
machines  and  strain  sensors.  This  appeared  as  a  chapter  in  the  most  recent  edition  of  tht 
ASM  Metals  Handbook.  It  is  included  as  an  Appendix  to  this  report. 
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2.  INTRODUCTION 

This  report  documents  our  efforts  to  quantify  the  state  of  stress  for  materials  at 
high  rates  of  strain.  Dynamic  testing  of  materials  at  strain  rates  higher  than  104/s  has 
been  a  subject  of  considerable  interest  for  many  years.  The  split-Hopkinson  pressure  bar 
is  capable  of  testing  at  high  strains,  but  the  rates  arc  limited  to  less  than  104/s  in  practice. 
Flyer  plate  experiments  arc  capable  of  reaching  ultra  high  strain  rates  in  excess  of  106/s 
but  only  at  very  low  strains.  Specimen  design  and  interpretation  of  the  results  is  critical 
and  argumentative  in  both  of  these  tests. 

Our  efforts  have  been  concentrated  on  the  Taylor  impact  test.  The  Taylor  test  is 
capable  of  very  large  strains  and  strain  rates  in  excess  of  104/s  even  for  relatively  low 
impact  velocities.  Beginning  with  these  advantages,  we  sought  improvements  in  the 
Taylor  test  and  new  methods  for  reducing  data  from  the  test.  The  results  we  achieved  are 
useful  and  important  for  understanding  material  behavior  and  quantifying  this  behavior 
into  computational  mechanics  codes. 

There  are  several  new  results  presented  in  this  report.  They  fall  into  three 
categories,  with  some  natural  overlap.  The  three  categories  are:  improvements  in  the 
experimental  design,  analytical  modeling  to  support  data  reduction,  and  computational 
modeling  to  refine  constitutive  behavior  and  to  support  code  calculations. 

In  the  course  of  the  project,  a  Taylor  test  facility  was  constructed  at  The  University 
of  Alabama.  The  purpose  of  this  facility  was  to  investigate  some  aspects  of  the  test  for 
potential  improvements.  One  of  the  objectives  was  to  demonstrate  to  the  technical 
community  that  the  Taylor  test  could  occupy  a  position  of  importance  in  the  laboratory 
like  any  other  piece  of  materials  testing  equipment.  In  this  context,  we  tried  to 
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I 

demonstrate  that  worthwhile  and  sensible  conclusions  about  the  state  of  stress  in  the 
|  specimen  could  be  drawn  from  the  test  without  the  use  of  expensive  camera  equipment. 

The  reliance  on  a  recovered  specimen  is  consistent  with  ordinary  laboratory  capability  and 
Taylor’s  original  intention.  However,  our  objective  is  to  use  the  recovered  specimen  to 
gain  more  than  a  simple  estimate  for  “dynamic  yield  stress,”  which  docs  not  provide  us 
with  information  that  has  the  same  value  it  once  did.  Most  of  our  innovations  are  directed 
to  this  end. 

| 

To  reduce  the  effects  of  radial  inertia  and  make  the  propagation  of  plastic  waves 
,  more  truly  one-dimensional,  experimentation  with  sub-scale  4  mm  (0. 1 64  inch)  diameter 

Taylor  cylinders  was  investigated.  These  cylinders  are  difficult  to  test  because  of  their 
very  low  mass  and  their  extremely  small  cross-sectional  area.  They  have  a  propensity  for 
dynamic  buckling  and  many  of  the  recovered  specimens  have  no  value.  This  difficulty  is 
generally  not  shared  by  the  larger  specimens.  These  sub-scale  specimens  also  present  a 
challenge  to  measure.  With  an  initial  diameter  of  only  4  mm,  a  one  percent  longitudinal 
strain  corresponds  to  a  change  in  specimen  diameter  of  only  about  20  pm.  This  is  less 
than  one  thousandth  of  an  inch  and  a  source  of  tremendous  uncertainty  in  experimental 
results.  However,  the  data  from  these  tests  is  excellent  and  worth  the  patience  required  to 
obtain  it. 

An  elementary  one-dimensional  theory  was  devised  to  reduce  the  data  from 
recovered  Taylor  specimens.  The  fundamental  basis  for  this  theory  was  confirmed 
through  direct  measurement  of  high-speed  films  and  a  comparison  with  code  calculations. 
In  both  procedures,  the  comparison  was  very  favorable.  This  theory  was  successfully 
applied  to  several  specimen  materials.  One  of  the  most  interesting  applications  of  the 
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theory  is  to  the  estimation  of  the  quasi-static  yield  stress  for  the  specimen  material.  This 
result  offers  additional  confirmation  for  the  basis  of  the  theory. 

Over  the  past  thirty  years,  a  number  of  constitutive  models  have  been  devised  to 
describe  the  high  strain-rate  behavior  of  materials  with  varying  degrees  of  success.  Some 
of  the  relations  arc  based  on  fundamental  physics,  while  others  arc  ad  hoc.  One  of  the 
most  widely  used  constitutive  equations  is  the  Johnson-Cook.  The  advantage  to  this 
relation  is  its  simplicity.  Traditionally,  it  requires  only  five  free  parameters  to  relate  the 
effective  stress  to  the  effective  strain,  effective  strain  rate  and  temperature.  The  methods 
used  to  evaluate  these  parameters  are  well  documented.  However,  this  relation  tends  to 
underestimate  the  effect  of  strain-rate  at  higher  rates.  To  make  the  Johnson-Cook  strength 
model  apply  to  higher  rate  cases,  three  constants  were  added.  The  new  relation  is  called 
the  Revised  Johnson-Cook  strength  model.  The  new  constants  adjust  the  behavior  at  high 
rates  to  accommodate  the  sudden  strengthening  that  many  materials  experience  when  a 
critical  strain-rate  is  reached.  All  of  the  constants  can  be  evaluated  from  a  quasi-static 
strength  test  and  recovered  Taylor  cylinders.  The  results  provide  for  estimates  of  critical 
strain-rate  and  ultimate  dynamic  stress.  Both  are  important  in  ultra  high  rate  processes, 
such  as  impact,  penetration,  and  warhead  collapse  problems. 
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A  large  number  of  Taylor  cylinder  tests  were  performed.  The  purpose  of  these 
tests  was  to  support  the  development  of  new  analytical  and  computational  constitutive 
models  that  can  account  for  high  rale  behavior.  In  both  cases,  the  objective  was  to  utilize 
recovered  specimen  data  to  the  maximum  extent  possible.  As  indicated  in  the 
introduction,  the  analysis  of  specimen  behavior  in  the  radial  direction  (Gillis  and  Jones 
[5],  see  Appendix  A)  indicated  that  the  lowest  caliber  specimen  should  be  used  whenever 
possible.  The  lowest  caliber  smooth  bore  launch  tube  that  we  could  purchase 
commercially,  without  a  retooling  fee,  was  0.167  caliber.  The  effect  of  radial  inertia  is 
nearly  absent  from  these  cylinders.  All  impacts  occurred  against  composite  targets  with 
hardened  Astralloy-V®  faces.  Asiralloy-V®  is  a  high  strength  steel  that  is  carbonitride 
treated  to  a  hardness  of  Rc  60-65. 

A  number  of  tests  were  performed  on  a  variety  of  materials.  Data  from  all  of  these 
tests  is  not  included  in  this  report.  Data  on  OFHC  copper  and  wrought  iron  0. 164  caliber 
specimens  is  reported  in  Jones,  Drinkard,  Rule,  and  Wilson  [13]  (Appendix  B).  Data  from 
7075-T6  aluminum,  OFHC  copper,  wrought  iron,  and  Astralloy-V®  is  contained  in  Rule 
and  Jones  [20]  (Appendix  C).  Astralloy-V®  data  from  0. 1 64”  diameter  specimens  is 
reported  in  Jones,  Barkcy,  Rule  and  Huber,  [13]  (Appendix  D).  These  data  consist  of 
cylinder  profile  measurements,  undeformed  section  length  measurements,  and  overall 
length  measurements  for  a  wide  range  of  impact  velocities. 

The  materials  mentioned  above  were  relatively  straightforward  to  test  and  to 
evaluate,  One  class  of  materials  that  turns  out  to  be  difficult  to  test  is  high  strength  steels 
other  than  Astralloy-V®.  In  the  process  of  hardening  the  steel  to  produce  high  strength. 


there  may  be  such  a  loss  of  ductility  that  the  strain  to  failure  is  very  low,  even  in 
compression.  For  such  specimens,  there  is  a  very  narrow  window  in  which  data  can  be 
collected.  The  reason  for  this  is  that  the  specimens  shatter  on  impact  at  moderately  high 
velocities  and  sustain  little  deformation  at  low  velocities.  This  magnifies  the  uncertainties 
in  the  measurement  of  recovered  specimens  and  their  effect  on  data  reduction. 


3.1  REDUCTION  OF  TAYLOR  TEST  DATA 

3.1.1  An  Elementary  One-Dimensional  Theory  for  the  Taylor  Test 

The  requirements  for  Taylor  testing  have  changed.  The  earliest  theories 
concentrated  on  taking  measurements  from  a  recovered  specimen  and  using  them  to 
produce  an  estimate  for  the  dynamic  yield  stress.  High-speed  photography  has  improved 
the  analysis  because  instead  of  giving  us  only  the  data  discernible  from  a  recovered 
specimen  it  provides  sequential,  specimen  profiles  during  the  deformation  process.  One 
accomplishment  of  the  research  program  was  to  document  processes  for  the  determination 
of  strain  and  strain  rate  from  high-speed  films  (see  House,  Aref,  Foster,  and  Gillis  [8] 
(Appendix  E)  and  Cinnamon,  Jones,  House,  and  Rule  [2]  (Appendix  F)).  In  the  first 
reference,  an  elementary  estimate  of  local  stress  was  obtained  using  an  impulse- 
momentum  balance.  The  approach  taken  in  the  second  reference  is  somewhat  different. 
The  elementary  one-dimensional  theory  mentioned  earlier  was  applied  to  a  specimen  by 
analyzing  the  high-speed  film  record  of  a  single  Taylor  test. 

In  Taylor’s  theory  of  the  impact  test  some  average  value  of  flow  stress  was 
obtained  from  the  post-test  measurements.  This  stress  was  not  associated  with  a  particular 
strain  and  only  marginally  associated  with  an  average  strain  rate.  Contemporary 
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constitutive  modeling  requires  the  state  of  stress  of  the  specimen  material.  This  presents  a 
new  challenge. 

Most  materials  laboratories  will  not  be  equipped  with  high-speed  camera 
capability.  Recognizing  this,  one  of  the  objectives  of  this  modeling  was  to  devise  a 
method  for  reducing  Taylor  cylinder  data  to  estimate  the  state  of  stress  in  the  specimen 
material  using  only  the  post-test  specimens.  A  very  satisfactory  theory  was  devised  that  is 
capable  of  estimating  the  state  of  stress  at  strain  rates  usually  exceeding  1 04  /  s  and 
requiring  only  a  few  specimens  over  a  range  of  specimen  impact  velocities  (see  Jones, 
Drinkard,  Rule,  and  Wilson  [13],  Appendix  D). 

This  theory  relies  upon  the  assumption  that  the  particle  velocity  of  the  material 
behind  the  deformation  front  is  proportional  to  the  velocity  of  the  undeformed  section. 

This  is  a  very  reasonable  assumption  that  has  been  computationally  verified.  The  result  is 
an  estimate  for  compressive  dynamic  stress  a  at  strain  e 

In  this  equation,  e  is  the  constant  strain  at  which  the  deformation  wave  propagates  in  the 
specimen,  p  is  the  specimen  density,  a0  is  a  reference  stress  related  to  the  quasi-static 

yield  stress  for  the  specimen  material,  p  is  the  dimensionless  constant  of  proportionality, 
and  v  is  the  current  velocity  of  the  undeformed  section.  Once  p  and  ern  have  been 

determined,  the  dynamic  flow  stress  for  the  specimen  material  at  strain  e  can  be  estimated 
with  Equation  (1). 

To  complete  the  description  of  the  mechanical  behavior  of  the  material,  we  require 
an  estimate  for  the  strain  rate  at  the  deformation  front.  A  very  useful  estimate  for  the 
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maximum  strain  rate  after  initial  transient  behavior  is  completed  was  given  earlier  by 
Jones,  Maudlin,  and  Foster  [16] 


L0-t 


where  v0  is  the  impact  velocity,  L0  is  the  original  specimen  length,  and  t  is  the 

undeformed  section  length  at  the  completion  of  initial  transient  behavior.  In  the  course  of 
the  project,  several  other  estimates  for  strain  rate  were  developed  and  used  in  constitutive 
modeling.  In  Jones,  Wilson  and  Rule  [19]  (Appendix  G),  an  estimate  based  on 
conservation  of  energy  across  the  deformation  front  was  given 


vexpi^-Av*  -v2) 
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Equations  (1)  and  (3)  are  an  implicit  constitutive  equation  for  the  specimen  material.  In 
this  case,  the  parameter  that  connects  the  two  equations  is  v,  the  undeformed  section 
velocity.  Another  velocity  dependent  strain  rate  estimate  was  given  by  Cinnamon,  et  al  [2] 
(Appendix  F) 


L0-i exp-  —  (v*  —  Vq) 
I  2ecr0 


This  estimate  was  used  effectively  in  film  data  reduction.  Each  of  these  strain  rate 
estimates  has  some  value  in  the  context  in  which  it  was  used.  In  any  event,  the  state  of 
stress  for  the  specimen  material  can  be  estimated  from  post-test  measurements  once  /? , 


a0 ,  and  ~i  have  been  determined.  Finding  suitable  estimates  for  these  parameters,  was  the 
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subject  of  Jones,  Drinkard,  Rule,  and  Wilson  [14],  Using  some  of  the  fundamental 
equations  from  the  analysis  and  a  new  definition  of  undeformed  section  length  at  strain  et 
we  were  able  to  connect  [5  to  post-test  measurements.  The  details  of  this  analysis  arc 
contained  in  Appendix  B.  The  reader  should  consult  Figures  3  and  4  in  Appendix  B. 

3,2  The  Revised  Johnson-Cook  Strength  Model 

Another  method  for  reducing  data  from  Taylor  impact  tests  was  introduced  by 
Rule  and  Jones  [20]  (Appendix  C)  in  the  course  of  examining  low  caliber  cylinders.  The 
thinking  that  led  to  the  development  of  this  method  was  presented  by  Allen,  Rule  and 
Jones  [1]  (Appendix  H).  A  new  constitutive  model  was  devised  that  accounts  for  the 
extreme  rate  sensitivity  that  some  materials  exhibit  when  a  critical  strain  rate  is 
approached.  With  this  model  we  accomplish  several  things.  The  analysis  provides  for 
estimates  for  the  critical  strain  rate  and  the  ultimate  dynamic  strength  of  the  material. 

Both  of  these  are  important  issues  to  material  scientists  involved  in  design  problems  in 
which  ultra  high  strain  rates  are  possible. 

Many  ductile  metals  display  an  enormous  increase  in  yield  stress  for  strain  rates  in 
excess  of  1 03  /  s .  This  observed  behavior  provided  the  motivation  for  the  Revised 
Johnson-Cook  strength  model.  The  goal  was  to  retain  the  simplicity  and  convenience  of 
the  original  Johnson-Cook  strength  model,  while  accommodating  this  extraordinary 
behavior.  This  was  accomplished  with  the  addition  of  three  new  parameters  to  the 
Johnson-Cook  model.  The  new  constitutive  model  has  the  form 


(1-T*W) 


(5) 


where  o  is  the  equivalent  yield  strength  of  the  material,  e  is  the  equivalent  plastic  strain, 
e *  is  the  dimensionless  equivalent  plastic  strain  rate  (made  dimensionless  by  dividing  by 
a  unit  plastic  strain  rate),  T*  is  a  non-dimensional  temperature,  and  C, ,  A/,  and  N  arc 
empirical  coefficients  and  exponents.  There  are  seven  constants  in  Equation  (5).  An 
eighth  constant  C6  is  added  to  account  for  the  peak  strain  rate  sensitivity  that  satisfies  the 

inequality 
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A  method  for  estimating  the  values  of  all  eight  constants  using  only  quasi-static  yield 
strength  data  and  Taylor  cylinder  data  is  presented  in  Rule  and  Jones  [20]  (Appendix  C). 
The  rationale  behind  this  method  is  also  discussed  as  some  consider  the  use  of  such  data  to 
be  inappropriate.  In  general,  the  results  are  very  satisfactory,  achieving  good  agreement 
with  the  one-dimensional  analysis  presented  earlier.  A  comparison  between  the  Revised 
Johnson-Cook  and  the  one-dimensional  theory  is  given  for  Astralloy  V®,  a  high  strength 
steel  designed  for  applications  requiring  wear  resistance,  in  Appendix  C,  Figure  7.  The 
comparison  is  very  favorable.  The  data  reduction  for  this  type  of  material  is  difficult  and 
subject  to  some  of  the  uncertainties  mentioned  earlier.  Nevertheless,  the  results  show 
strong  correlation.  The  same  is  true  of  OFHC  copper  in  the  as  received  condition,  see 
Appendix  C,  Figure  5.  The  copper  is  more  ductile  and  there  is  less  uncertainty  in  the 
measurements.  There  is  less  scatter  in  the  data  and  the  agreement  is  very  good. 
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3.3  High  Speed  Film  Data  Reduction 

High-speed  film  data  provides  dynamic  Taylor  cylinder  data.  Instead  of  having 
only  a  recovered  specimen  to  analyze,  we  have  a  film  record  that  gives  us  a  sequence  of 
images  of  the  specimen  at  known  times  relative  to  the  time  of  impact.  Effectively,  each  of 
the  frames  of  the  film  record  is  a  deformed  Taylor  cylinder  that  can  be  measured  for 
mechanical  characterization  of  the  specimen  material.  In  this  project,  the  data  from  the 
film  record  was  used  in  two  distinct  ways.  First,  Cinnamon,  Jones,  House  and  Rule  [2] 
(Appendix  F)  used  the  images  to  confirm  the  fundamental  assumption  behind  the 
development  of  the  one-dimensional  model.  Second,  House,  Aref,  Foster  and  Gillis  [9] 
(Appendix  E)  measured  the  film  record  directly  to  estimate  the  state  of  stress  in  the 
specimen  material.  Each  of  these  approaches  has  merit  and  the  results  confirm  the  state  of 
stress  estimates  from  the  two  theories  presented  earlier. 
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4.  TAYLOR  TEST  RESULTS 

Taylor  testing  of  a  number  of  important  materials  took  place  over  the  life  of  the 
project.  The  results  of  some  of  the  testing  have  already  been  mentioned.  However,  there 
arc  several  materials  that  deserve  special  mention.  These  are  listed  below. 

4.1  Mechanical  Characterization  of  Astralloy-V® 

Astralloy-V®  is  a  high  strength  steel  manufactured  and  marketed  by  a  firm  in 
Birmingham,  AL.  The  product  is  intended  for  use  in  applications  in  which  high  wear  is 
anticipated.  The  Taylor  target  face  is  made  from  this  material  because  it  can  be  case 
hardened  to  60-65  on  the  Rockwell  C  scale  either  by  carburizing  or  by  carbo-nitriding. 

The  material  appears  to  be  ideal  for  hard  target  penetration  applications.  The  material  was 
tested  and  the  results  reported  by  Jones,  et  al  [12]  (Appendix  D)  and  later  by  Rule  and 
Jones  [20]  (Appendix  C),  where  a  comparison  between  the  estimates  obtained  with  the 
elementary  theory  were  compared  to  those  obtained  with  the  Revised  Johnson-Cook 
Strength  Model.  There  was  remarkable  agreement  (see  Figure  7  of  Appendix  C). 

4.2  Mechanical  Characterization  of  High  Strength  Steels 

High  strength  steels  generally  present  a  challenge  for  Taylor  testing.  The  reason 
for  this  is  that  the  specimens  do  not  deform  very  much  at  low  impact  velocities.  At  higher 
impact  velocities,  the  specimens  fail  because  the  strain-to-failure  is  very  low  for  most  of 
the  alloys.  Astralloy-V®  is  a  special  case  because  it  retains  some  ductility  in  spite  of  the 
fact  that  its  compressive  yield  stress  is  around  1800  MPa. 

Several  candidate  hard  steel  casing  materials  were  tested  during  the  course  of  this 
project.  The  purpose  of  the  tests  was  to  provide  high  strain-rate  behavior  to  code 
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developers  and  to  attempt  to  correlate  mechanical  response  to  penetration  performance. 
Several  materials  were  tested.  The  results  arc  contained  in  Jones,  Ahearn,  Taylor  and  Rule 
[11]  (Appendix  1). 

4J  Mechanical  Characterization  of  Dense  Urethane  (Adiprcne-100) 

All  of  the  materials  described  above  shared  one  thing  in  common.  There  was  a 
recovered  specimen  for  each  successful  test.  There  are  a  number  of  important  ductile 
materials  whose  high  rate  behavior  is  required  for  which  the  recovered  specimen  provides 
no  information.  Dense  urethane  (Adiprenc-100)  is  such  a  material.  The  specimen 
undergoes  large  deformation  during  the  test,  but  recovers  immediately,  before  any 
measurements  can  be  made.  In  this  case,  a  high-speed  film  record  can  provide  us  with  the 
specimen  behavior.  Wilson,  Foster,  Jones  and  Gillis  [25]  (Appendix  J)  showed  how  the 
elementary  theory  described  earlier  could  be  used  in  conjunction  with  a  high-speed  film 
record  to  deduce  the  mechanical  properties  of  dense  urethane. 

Data  from  selected  frames  of  the  film  record  was  digitized  and  the  plot  of  the 
normalized,  undeformed  section  length  vs.  normalized  overall  length  data  was  a  linear 
relation  from  which  the  slope  and  intercept  could  be  found.  As  observed  earlier  for 
recovered  metallic  cylinders,  this  information  is  all  that  is  necessary  to  estimate  the  state  of 
stress  for  the  material.  The  slopes  and  intercepts  of  the  lines  were  then  used  to  estimate 
the  key  parameters  in  the  one-dimensional  model  and  very  reasonable  estimates  for  the 
state  of  stress  at  strain-rates  in  excess  of  104  /.v  were  made. 

4.4  Mechanical  Charaeterfzation  of  PVC  and  of  PET 

One  approach  to  the  purification  of  recycled  thermoplastic  mixtures  is  selective 
grinding  to  induce  differences  in  size  and  shape  between  polymers  of  different  chemical 
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compositions.  These  mixtures  could  then  be  separated  using  one  of  several  technologies 
including  conventional  sieving  or  hydrocycloncs.  The  trick  here  is  to  select  the  grinding 
temperature.  An  investigation  of  mechanical  properties,  with  emphasis  on  fracture 
behavior,  was  conducted  on  the  polymers  PVC  and  PET  (see  Green,  Petty,  Gillis,  and 
Grulkc  [6],  Appendix  K).  The  Taylor  impact  test  facility  at  the  University  of  Alabama 
performed  experiments  which  showed  that,  at  room  temperature  and  high  strain  rates, 
PVC  deformed  plastically  while  PET  exhibited  brittle  fracture. 
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5.  QUASI-STATIC  YIELD  STRENGTH  ESTIMATES 


One  of  the  most  interesting  results  that  stems  from  the  elementary  analysis  is 
an  estimate  for  quasi-static  yield  strength.  We  can  use  the  Taylor  impact  test  to  estimate 
the  quasi-static  stress/strain  curve  for  the  specimen  material.  The  fundamental  equation 
comes  directly  from  the  theory  and  takes  the  form 


2  e£n(£l£f) 


(7) 


where  p  is  the  specimen  density,  e  is  the  mean  engineering  strain,  £  is  the  undeformed 
section  length  at  the  end  of  initial  transient  behavior,  £  f  is  the  undeformed  section  length 
at  the  end  of  the  event,  P  is  a  dimensionless  constant  determined  from  experimental  data, 
and  v0  is  the  impact  velocity  of  the  specimen.  If  an  estimate  for  £  can  be  found,  then 

Equation  (7)  can  be  used  to  estimate  the  quasi-static  yield  stress  for  the  specimen  material 
at  specific  compressive  strains  e.  A  very  simple  estimate  was  provided  by  Jones,  et  al  [13, 
p,l  1]  (Appendix  B),  This  estimate  is  based  on  modeling  the  deformed  and  undeformed 
regions  of  the  Taylor  specimen  as  concentric  cylinders.  The  estimate  takes  the  form 

1  _b  (l-y?)(l  +  <0 
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where  L0  is  the  initial  specimen  length  and  b  is  a  parameter  that  is  determined  from 

recovered  Taylor  cylinder  date.  Equations  (7)  and  (8)  produce  remarkably  accurate 
compressive  stress/strain  diagrams,  in  spite  of  the  fact  that  no  load  cell  is  involved  at  all. 
Figures  10  and  1 1  of  Appendix  B  show  the  comparison  between  experimentally 
determined  quasi-static  stress/strain  diagrams  and  the  estimates  using  Taylor  cylinder  data 
for  two  different  materials.  Obviously,  the  comparisons  are  very  favorable,  with  the 
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discrepancies  being  attributable  to  uncertainties  introduced  by  the  theory  and  specimen 
measurement.  This  aspect  of  the  analysis  provides  us  with  some  confirmation  and 
confidence  for  the  theory. 

There  is  very  little  material  data  reported  at  strain-rates  of  104  /  .vand  higher, 
so  a  direct  comparison  of  the  elementary  theory  with  the  results  of  some  other  test  is 
impossible.  However,  quasi-static  testing,  in  cither  tension  or  compression,  can  be 
accurately  performed  for  any  materials  (see  House  and  Gillis  (Appendix  L)).  The 
comparisons  that  the  theory  gives  us  in  this  case  arc  very  significant.  Also,  the  theory  car 
now  be  applied  to  a  series  of  Taylor  tests  of  the  same  material  and  data  reduction  can  be 
performed  and  the  stress/strain-rate  diagrams  can  be  drawn  without  relying  on  data  from 
any  other  test. 
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6,  PENETRATION  TESTING 


There  arc  classes  of  materials  for  which  there  are  presently  no  reliable  methods  for 
acquiring  material  properties  at  high  strain  rates.  Among  these  arc  brittle  geological 
materials,  such  as  concrete  or  rock.  In  spite  of  the  fact  that  these  materials  have  been 
studied  for  dozens  of  years,  there  is  very  little  known  about  their  behavior  at  strain  rates 
consistent  with  penetration  tests.  Specimen  size  and  the  brittle  nature  of  these  materials 
has  limited  laboratory  testing.  Most  of  the  information  that  has  been  reported  about  these 
materials  at  ultra  high  strain-rates  comes  from  penetration  tests.  The  free  constants  in 
penetration  models  can  be  used  to  estimate  the  material  properties  of  the  target  from 
penetration  depth  after  the  test  is  completed.  The  results  are  only  as  good  as  the 
penetration  theory  used  to  acquire  them.  In  this  context,  any  improvements  to  the  accepted 
theories  that  can  be  made,  may  offer  an  improvement  in  the  estimate  of  the  mechanical 
properties  of  the  target. 

The  most  reliable  one-dimensional  theories  for  rigid  body  penetration  of  hard 
targets  are  those  that  stem  from  cavity  expansion  models.  These  theories  produce 
estimates  of  pressure  on  the  nose  of  the  penetrator  that  is  dependent  on  the, square  of  the 
current  velocity  of  the  penetrator.  Such  pressures  are  usually  referred  to  as  Poncelet 
pressures  and  they  lead  directly  to  logarithmic  penetration  depth  estimates.  Nose 
geometry,  penetrator  mass  loss,  and  assumptions  about  friction  and  shear  can  all  have  an 
influence  on  the  results.  These  are  the  subjects  of  a  series  of  papers  devoted  to  improving 
and  amplifying  the  one-dimensional  penetration  models  with  velocity-squared  target 
pressure. 
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A  very  simple  theory  was  developed  by  Jones,  Jerome,  Wilson,  and  Christopher 
[15]  (Appendix  L)  to  estimate  the  depth  of  penetration  of  hard  concrete  targets.  This 
theory  was  used  to  estimate  the  time  of  penetration  and  can  be  used  to  find  the  target 
properties  algebraically. 

The  noses  of  rigid  pcnctrators  can  have  a  considerable  influence  on  performance  at 
high  velocities.  In  order  to  investigate  this  influence,  an  analysis  of  nose  geometry  was 
performed  by  Jones,  Rule,  Jerome,  and  Klug  [17]  (Appendix  M).  A  product  of  the 
analysis  is  an  analytical  formulation  of  a  nose  shape  that  minimizes  the  net  force  on  the 
penctrator  due  to  a  Poncclet  normal  pressure.  The  solution  is  explicit  and  in  the  form  of  a 
perturbation  scries  in  powers  of  the  nose  ratio  cc  —  al  b,  where  a  is  the  shank  radius  and  b 
is  the  nose  length.  This  result  avoids  the  use  of  more  complicated  means  to  satisfy  the 
boundary  conditions  (e.g.,  see  R.  L.  Halfman  [7,  pp.  466469])  and  alternative  constraints 
on  the  nose,  such  as  volume  or  surface  area.  The  results  are  given  in  Appendix  M,  Figure 
3  for  several  different  nose  shapes.  The  nose  factor  N  governs  the  penetration  capability 
for  a  fixed  nose  ratio,  with  the  smallest  values  of  N  providing  for  the  deepest  penetration, 
assuming  no  mass  loss  or  change  in  shape  occurs. 

The  results  presented  by  Jones,  Rule,  Jerome,  and  Klug  [17]  reflect  the  possibilities 
for  penetration  modeling  of  geological  targets  without  friction.  The  blunting  and  erosion 
of  some  penetrator  noses  indicates  that  this  approximation  may  not  be  entirely  appropriate. 
This  issue  was  addressed  by  Jones  and  Rule  [10]  (Appendix  N)  and  Rule  and  Jones  [21] 
(Appendix  O)  for  some  very  simple  frictional  models.  In  the  first  case,  pressure- 
dependent  friction  proportional  to  the  pressure  was  used  with  reasonable  success.  In  the 
second  case,  constant  friction  was  used.  Constant  friction  can  be  interpreted  as  maximum 
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target  shear  under  high  pressure.  Estimating  this  material  property  at  high  strain-rates  for 
geological  materials  is  very  difficult  because  the  sample  sizes  must  be  very  large  and  the 
material  is  brittle.  Laboratory  tests  to  estimate  these  material  properties  have  yet  to  be 
devised  and  penetration  data  was  effectively  used  to  find  them  here. 

One  of  the  factors  that  influences  the  use  of  elementary  penetration  models  to 
deduce  the  mechanical  properties  of  geological  target  materials  at  high  strain-rates  and 
pressures  is  the  loss  of  mass  and  blunting  of  the  noses  that  occurs  during  very  high  speed 
penetration.  These  effects  arc  not  included  in  the  penetration  modeling  discussed  in  the 
previous  paragraphs,  but  they  can  obviously  influence  the  results.  To  address  these 
questions,  an  elementary  analysis  of  nose  erosion  and  mass  loss  was  presented  by  Foster, 
Jones,  Toness,  DeAngelis,  and  Rule  [4]  (Appendix  P).  The  principle  behind  the  modeling 
is  that  erosion  is  the  result  of  surface  melting  of  the  penetrator  nose  due  to  friction  acting 
on  the  nose.  The  result  is  the  very  simple  estimate  for  mass  loss  given  below. 


Am  = 


7m1tQMz 

k\CpdT 


(9) 


In  this  equation,  k  is  the  mechanical  equivalent  of  heat  equal  to  4. 1 8  joules/calorie,  m1  is 
the  cross-sectional  area  of  the  penetrator  at  the  shank,  ra  is  the  maximum  dynamic  shear 

strength  of  the  target,  M  is  the  cross-sectional  area  of  the  nose,  k  J CpdT  =  1 032 J  /  g  for 

steel,  and  z  is  the  length  of  the  tunnel.  Equation  (9)  agrees  very  well  with  experimental 
observations.  Figures  2  and  3  of  Appendix  P  show  the  correlation  for  mass  loss  of  steel 
penetrators  impacting  high  strength  concrete  targets.  In  Figure  2,  the  penetrators  are  4340 
steel  with  ogive  noses.  In  Figure  3,  the  penetrators  are  AerMetlOO  steel,  also  with  ogive 


noses. 
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Equation  (9)  is  a  very  interesting  and  useful  relationship.  By  examining  it,  we  sec 
that  mass  loss  is  proportional  to  the  length  of  the  tunnel  that  the  projectile  makes  in  the 
target  and  inversely  proportional  to  the  heat  required  to  melt  the  steel.  Mass  loss  is  also 
proportional  to  the  product  mi2M ,  which  is  roughly  equivalent  to  the  surface  area  of  the 
nose.  These  are  all  very  reasonable  conclusions. 

In  Foster,  Jones,  Toncss,  DeAngelis,  and  Rule  [4]  many  of  the  details  required  to 
derive  Equation  (9)  were  omitted.  Another  paper  followed  (Jones,  Foster,  Toncss, 
DeAngelis,  and  Rule  [14])  that  was  devoted  to  filling  all  of  the  gaps  and  presenting  as 
complete  a  picture  of  the  assumptions  that  were  made  in  the  process  of  arriving  at 
Equation  (9).  This  paper  is  included  in  the  report  as  Appendix  Q. 

The  effect  of  friction  between  the  target  and  the  projectile  was  assessed  by  Jones, 
Toness,  Jerome  and  Rule  [19]  (Appendix  R)  for  several  different  steels  against  the  same 
concrete  target. 

Finally,  work  continued  on  penetration  of  metallic  targets  by  metallic  projectiles  in 
Cinnamon  and  Jones  [3].  The  objective  was  to  correlate  penetration  performance  to  the 
dynamic  mechanical  properties  of  the  target  and  the  projectile.  It  should  be  noted  that 
there  is  substantial  correlation  between  strength,  crater  diameter  and  penetration  depth. 
The  details  of  this  work  are  contained  in  Appendix  S. 
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7,  CONCLUSIONS 


On  this  project,  we  successfully  reached  a  number  of  important  conclusions.  We 
concentrated  on  the  high  rate  response  of  materials  and  produced  several  methods  for 
deducing  the  slate  of  stress  in  a  significant  range  of  strain-rates  between  the  limits  of  the 
Split-Hopkinson  Pressure  Bar  and  Flyer  Plate  experiments.  The  significance  of  these 
results  reflect  the  need  for  reasonable  constitutive  modeling  of  warhead  candidate 
materials  in  the  critical  strain-rate  regime  of  104  -I0ft  /.v. 

For  high  rate  behavior  of  metals  and  some  other  materials,  we  devised  an 
elementary,  one-dimensional  theory  for  estimating  the  state  of  stress.  This  theory  is 
versatile  enough  that  an  estimate  for  quasi-static  stress  was  produced  that  was  remarkably 
close  to  that  achieved  by  means  of  a  load  frame  and  load  cell.  This  provided  confirmation 
for  the  theory,  while  a  direct  comparison  with  high  rate  results  was  not  possible. 

In  the  context  of  modeling  the  flow  stress  of  materials  in  the  neighborhood  of 
104  -106  /s  strain-rate,  an  alternative  to  the  conventional  Johnson-Cook  Strength  Model, 
the  RJC  Model,  was  offered.  Terms  were  added  to  the  relation  to  account  for  high  strain- 
rate  behavior.  This  required  the  evaluation  of  three  additional  constants.  A  scheme  for 
finding  all  eight  of  the  adjustable  parameters  in  the  model  using  only  quasi-static  and 
Taylor  test  data  was  given.  Comparison  between  the  RJC  model  and  the  elementary 
theory  was  very  favorable. 

The  elementary  theory  for  reducing  Taylor  test  data  from  experiments  on  an 
unconventional  material,  that  is  one  for  which  the  recovered  specimen  showed  no 
deformation,  was  successfully  applied  to  film  data  from  tests  on  dense  urethane.  The 
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results  of  the  application  arc  very  promising  and  suggest  that  the  theory  may  have 
widespread  use.  Everything  that  was  observed  in  the  application  of  the  theory  to 
recovered  metallic  specimens  was  also  present  for  the  film  record. 

Air  Force  priorities  dictated  that  some  effort  be  directed  toward  characterizing 
geological  materials  for  hard  target  pcnctrator  applications.  The  difficulty  here  is  no 
laboratory  tests  have  been  devised  to  date  for  testing  these  materials  at  strain-rates  and 
pressures  comparable  to  those  observed  in  the  penetration  process.  As  a  result,  we  have  to 
rely  on  the  free  parameters  in  penetration  models  to  provide  us  with  constitutive  behavior 
of  the  geological  target  materials.  Naturally,  any  improvements  or  modifications  to 
existing  models  may  refine  the  estimates  for  material  behavior.  There  were  several  papers 
published  on  hard  target  penetration  on  this  project.  Included  in  the  results  are  estimates 
for  shear  stress  in  hard  targets  under  high  pressure. 

The  objectives  of  the  project  were  largely  fulfilled.  But,  in  a  project  of  this  nature 
that  crosses  several  disciplines  and  a  wide  variety  of  material  problems,  there  are  a  number 
of  important  issues  that  remain  to  be  addressed. 

In  the  course  of  the  investigation  of  hard  target  penetration  modeling,  it  was  clear 
that  friction  acting  on  the  nose  of  the  penetrator  nose  was  inadequately  modeled  by  any  of 
the  usual  methods.  High-speed  friction  is  a  very  complex  phenomenon  that  may  have  no 
simple  explanation.  Historically,  the  dependence  of  friction  on  pressure  and  velocity  is 
vague  because  most  of  the  testing  was  done  at  relatively  low  velocities.  In  order  to  model 
hard  target  penetration  events  successfully,  we  will  have  to  devise  some  new  and  accurate 
friction  laws. 
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Constitutive  modeling  with  the  Taylor  test  could  be  accomplished  if  a  completely 
reliable  estimate  for  strain-rate  could  be  found.  Although  three  different  estimates  for 
strain-rate  were  proposed  in  this  project,  all  have  some  weaknesses.  Work  should 
continue  in  this  area  because  the  results  have  such  important  implications. 

Finally,  mass  loss  and  blunting  of  high  steel  penetrators  has  serious  consequences 
for  performance.  We  gave  an  analysis  that  accounted  for  mass  loss  due  to  surface  melting 
of  the  nose.  This  produced  a  very  reasonable  estimate  that  agreed  fairly  well  with 
experimental  observations.  However,  there  are  a  few  things  that  should  be  looked  into. 
The  changing  geometry  of  the  nose  was  not  included  in  the  analysis  and  this  is  one  reason 
for  the  discrepancy  between  the  predictions  and  the  experimental  evidence.  Another  area 
that  should  be  explored  further  is  the  heat  required  to  melt  the  steel  penetrator  material. 
We  used  the  heat  required  to  melt  iron  to  make  the  estimates.  This  problem  will  be 
studied  in  the  coming  years. 
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ABSTRACT-  In  this  paper,  we  examine  the  effect  of  radial  inertia  on  the  axial 
stress  distribution  during  axisymmetric  constant-volume  deformation.  In  place  of 
the  frequently  used  assumption  that  at  each  axial  position  tho  axial  stress  is 
constant,  we  assume  that  plane  cross-sections  remain  plane.  It  is  shown  that  both 
the  radial  and  circumferential  stress  components  will  be  compressive  if  only  strain- 
rale  effects  are  considered,  Strain-acceleration  must  be  taken  into  account  in  order 
to  have  radial  tension,  as  would  be  expected  in  a  dynamic  tension  test.  Results  of 
this  analysis  are  applied  to  the  Taylor  impact  test, 

INTRODUCTION;  As  an  aid  to  visualization,  the  present  analysis  is  framed  in 
terms  of  a  Taylor  impact  test,  However,  it  is  equally  applicable  to  any  axially 
symmetric,  dynamic  deformation.  ^ 

In  the  discussion  of  radial  inertia,  one  expects  that  under  dynamic  tension  a 
tensile  radial  stress  would  be  required  to  move  material  radially  inwards  towards 
the  axis  of  symmetry,  In  analyses  that  neglect  strain-acceleration,  the  radial  stress- 
is  compressive.  Under  dynamic  compression,  a  compressive  radial  stress  would  be 
expected,  to  move  material  outwards  from  the  axis  of  symmetry.  In  analyses  that 
neglect  strain-acceleration,  the  magnitude  of  this  radial  stress  is  significantly 
underestimated.  The  present  analysis  rectifies  these  problems  by  accounting  for  the 
strain-acceleration.  The  ensuing  results  are  applied  to  the  Taylor  impact  test. 

THEORY;  Consider  the  normal  impact  of  a  Taylor  [1948]  cylinder  against  a 
massive  anvil  and  assume  that  the  subsequent  deformation  of  the  cylinder  is 
axisymmetric.  The  natural  coordinate  system  to  describe  the  deformation  is  polar 
cooordinates  r,6,z.  The  prescribed  symmetry  obviates  displacements  in  the 
circumferential  direction;  displacements  in  the  radial  and  axial  directions  are 
denoted  by  77  and  £,  respectively  as  shown  in  the  appended  drawing.  The  axial 
displacement  £  is  assumed  independent  of  r.  (“Plane  cross-sections  remain 
plane”)  The  radial  displacement  17  must  be  an  odd  function  of  radial  position.  To 
lowest  order  terms 

V(r,zti)  =  H(ztt)r  0) 


A-l 
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where  N(ztt)  is  a  dimensionless  function  to  bo  determined.  For  isochoric 
deformation ,  N  has  the  form 

AT  =  (l  +  e)-,/J-l  (2) 

where  e  is  the  engineering  axial  strain. 

Let  the  normal  stress  components  er,,crt,<r,  express  the  force  intensity 
with  respect  to  the  deformed  configuration.  Assume  that  the  shear  stress  can  be 
neglected  and  ar  =ere.  Then,  assuming  that  a  von  Mises  type  of  yield  criterion  is 

obeyed,  it  follows  that 

<jr -a, -a  (3) 

* 

where  a  is  the  flow  stress  (positive). 

Simplified  by  all  of  the  foregoing  assumptions,  the  differential  equation  of 
motion  for  the  radial  direction  is 

3c,  Idt-  pd2r]  l  dt1  (4) 

where  p  is  the  mass  density  of  the  specimen  material.  Integrating  Equation  (4) 
partially  with  respect  to  r  leads  to 

<xr^-(ll2)pd1N/dt3\R2~ri]  (5) 

where  R  is  radius  of  the  specimen.  R  can  be  expressed  as 

R  =  R0(l+N)  =  R0(l+ey'n  (6) 

where  ft0  is  the  initial  specimen  radius.  It  is  also  possible,  using  Equation  (2),  to 
express  d2N/dt 2  in  terms  of  strain  e,  strain-rate  e,  and  strain-acceleration  e 

d1N/dt2  a  [3c2  -  2(1  +  e)e\l  4(1  +  e)sn .  (7)  . 

In  the  one-dimensional  analysis  of  Taylor  [1948],  the  axial  stress  cr,  and 
the  effective  stress  c  coincide;  at  least  in  magnitude.  Furthermore,  the  Taylor 
axial  stress  must  be  the  average  value  over  the  cross-section  because  he  used  it  in 
the  sense  that  atA  equaled  the  axial  force.  The  present  approximate  analysis 
requires  equal  strain  and  strain-rate  components  at  every  point  in  a  given  cross- 
section.  Consequently,  most  constitutive  jelations  would  require  a  constant 
effective  stress. 


A- 2 
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Assume  that  &t  represents  the  average  axial  stress  as  determined  from  the 

Taylor  equations  or  some  other  one-dimensional  analysis  of  the  test.  To  find  the 
effective  stress  a ,  the  relation 

=  jV,al4  -  -cA  +  j <j rdA  (8) 

is  first  employed.  Here  A  =  nR1  is  the  current,  local,  cross-sectional  area  and  the 
integration  is  performed  over  it.  Now,  a,  is  given  in  Equation  (5).  Substituting 
into  Equation  (8)  and  performing  the  integration,  leads  to 

a,  =~<r-(l/4)pdiN/dtiRt  =-<r-pdiN/dt2R70 1 4(1  + e).  (9) 

This  equation  shows  that  the  radial  inertia  correction  can  be  either  positive  or 
negative  depending  upon  the  sign  of  the  radial  acceleration.  In  turn.  Equation  (7) 
shows  that  the  sign  of  the  radial  acceleration  depends  upon  the  sign  and  magnitude 
of  the  effective  strain-acceleration  e.  Equation  (9)  can  be  rearranged  to  provide  a 
dynamic,  compressive  equivalent  of  the  static,  tensile  Bridgman  [1952]  correction 
factor 

ctz-a^  +  pd'NIdt'RlIAaA  +  e)]-  (10) 


The  factor  in  the  brackets  is  the  ratio  of  the  magnitude  of  effective  stress  to 
average  axial  stress. 


SOME  OBSERVATIONS:  In  the  Taylor  analysis,  both  strain-rate  and  strain- 
acceleration  are  unbounded  at  the  location  to  which  Equation  (7)  should  be 
applied.  This  has  long  been  recognized  as  a  defect  of  the  Taylor  analysis:  although 
it  yields  a  dynamic  flow  strength,  there  is  no  estimate  of  the  corresponding  strain- 
rate  prevailing  in  each  test. 

In  the  present  analysis,  in  order  to  assess  the  relative  magnitudes  of  the  two 
terms  in  Equation  (7),  the  strain-acceleration  will  be  related  to  the  strain-rate  using 

the  mean  value  theorem:  e  =  ^(d2e/dt2)dt  =ol.  Here  a  is  the  time  average  value  of 

the  strain-acceleration  during  the  interval  0  to  t  when  the  strain-rate,  deldt, 
changes  from  0  to  e .  It  also  represents  some  actual  value  if  the  strain-acceleration 
is  continuous  during  the  interval.  Thus,  a=  ilt  can  be  used  to  replace  d2ef  dt 5  in 
Equation  (7),  which  now  becomes 


d2N  3d*  [1  2(1 4  ef 

Bt1  4(l  +  e)s/2L  3  et 


(11) 
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where  the  second  term  in  the  brackets  represents  the  relative  magnitude  of  the 
strain-acceleration  in  comparison  to  unity. 

Suppose  that  the  Taylor  test  maximum  strain-rate  i  Is  in  the  range  (minus) 
103  and  the  rise  time  of  the  plastic  wave  front  is  in  the  range  1-10/is. 

Then,  omitting  the  value  of  e  from  Equation  (11),  the  maximum  relative  effect  of 
the  strain-acceleration  is  over  600  while  the  minimum  is  about  6.  Evidently,  the 
strain-acceleration  term  can  dominate  under  some  circumstances  and  must  always 
be  retained. 
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Summary— There  is  a  linear  relationship  between  certain  normalized  lengths  in  recovered  Taylor 
Impact  specimens.  Tins  observation  seems  to  have  lirsl  been  made  by  J,  W.  House,  although 
Ci.  I.  Tuylor  ami  A.  C.  WhilTcn  both  produced  graphs  involving  these  same  scaled  variables. 
However,  no  explanation  was  given  for  this  scaling  anti  it  was  not  used  for  any  specific  purpose.  In 
this  paper,  a  theoretical  basis  for  the  linearity  is  established  and  the  slope  and  intercept  arc  used  to 
determine  several  important  physical  parameters.  These  parameters  arc  then  used  to  determine  the 
state  of  stress  at  strain-rales  exceeding  104/s,  This  information  is  useful  because  it  helps  to  bridge  the 
strain-rate  gap  between  Split- Hopkinson  pressure  bar  testing  and  the  ultra-high  rates  achieved  with 
plate  impact  experiments.  -0  1997  Elsevier  Science  Ltd. 


INTRODUCTION 

The  Taylor  test  [1, 2]  is  a  useful  high  rate  materials  test  in  which  strain-rates  of  104-105  s“ 1 
can  be  easily  realized  for  even  relatively  low  velocity  impacts.  Higher  rates  arc  possible,  but 
often  they  are  found  during  the  initial  transient  stage  of  deformation  [3].  This  stage  is 
difficult  to  analyze  because  of  the  shock  at  impact  and  the  effects  of  shock  hardening  on  the 
specimen  material  [4].  However,  this  stage  attenuates  rapidly  into  quasi-steady  wave 
propagation  followed  by  specimen  deceleration  during  the  terminal  transient.  Although  the 
strain-rates  are  somewhat  lower  during  these  stages,  the  behavior  of  the  undeformed  section 
of  the  specimen  can  be  accurately  predicted  with  an  elementary  mathematical  model.  The 
strain-rates  achieved  during  these  latter  stages  are  still  above  the  limit  of  the  Split-Hopkin- 
son  pressure  bar  and  its  many  variants. 

After  the  initial  transient,  the  motion  of  the  undeformed  section  can  be  described  by 
a  one-dimensional  analysis.  Several  one-dimensional  analyses  for  the  Taylor  test  have  been 
proposed  (e.g.  [5-10]).  However,  these  analyses  do  not  address  the  highly  nonlinear  front 
motion  during  the  initial  transient  or  do  not  offer  a  very  precise  estimate  of  the  state  of 
stress  in  the  specimen  at  any  specific  time  during  the  deformation.  Recently,  an  analysis  of 
plastic  wave  propagation  was  presented  that  effectively  excludes  the  initial  transient 
[11-13],  This  paper  provides  an  alternative  to  the  method  used  to  evaluate  the  key 
parameters  in  [12]. 


AN  ELEMENTARY  THEORY 

Taylor  [1]  and  Whiffen  [2]  observed  the  relationship  between  certain  normalized  lengths 
in  a  recovered  Taylor  specimen.  House  [3]  later  confirmed  that  one  of  these  relationships  is 
linear.  There  are  other  sealings  (e.g.  [14]),  but  this  is  the  most  useful  to  date. 

A  very  simple  theory  can  be  developed  with  some  of  the  observations  presented  in  [12], 
After  the  initial  transient  at  impact  has  attenuated,  we  assume  that  the  particle  velocity,  u, 
for  the  plastic  material  behind  the  plastic  wave  front  and  the  undeformed  section  speed,  v, 
are  approximately  proportional  to  each  other  [1 1]; 


u  =  ISv. 


(1) 
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Justification  for  this  relationship  is  given  in  [12]  and  its  appears  to  persist  throughout  the 
quasi-steady  and  terminal  transient  stages  of  the  deformation.  The  initial  transient  refers  to 
nonlincur  time-dependent  behavior  of  the  deformation  front  following  impact  of  the 
specimen.  Now,  conservation  of  mass  across  the  plastic  wave  front  lends  to 

«?/  v  —  h  •»  ( I  —  lf)v,  (2) 

where  e  is  the  compressive  engineering  strain  on  the  plastic  side  of  the  wave  front  and  t  is 
the  current  undeformed  section  length,  see  Fig.  1.  Dots  over  variables  denote  time  differenti¬ 
ation.  As  observed  before  [1, 10],  e  =  (A0/A)  —  1,  where  A0  and  A  arc  the  initial  and  current 
cross-sectional  areas  of  the  specimen,  respectively. 

Fora  plastic  wave  moving  with  constant  strain  away  from  the  impact  face,  the  variables 
in  Eqn  (2)  may  be  separated: 

M  d.v,  (3) 

e 

where  Eqn  (3)  applies  to  the  behavior  of  the  undeformed  section  after  the  initial  transient 
and  may  be  directly  integrated  to  give 

=  (4) 

e 

Bars  over  variables  arc  used  to  denote  the  values  of  the  indicated  variables  at  the  end  of  the 
initial  transient  stage. 

If  Eqn  (4)  applies  until  the  end  of  the  event,  then  it  becomes 

„  |  -  (j 

= - -(.Vf  -S),  (5) 

e 

where  and  sr  are  the  (inul  undeformed  section  length  and  the  final  displacement  of  the 
undeformed  section,  respectively.  These  quantities  can  be  determined  from  post-test 
measurement  of  a  ductile  metal  Taylor  cylinder,  as  shown  in  Fig.  2. 

Dividing  Eq  (5)  by  L0,  the  original  length  of  the  cylinder,  and  noting  that  sf  =  L0  —  L, 
allows  us  to  express  Eq  (5)  in  the  following  form: 

k,.L=Ik+I.+Lz£.L^l.  (6| 

U  «  U  U  c  «  U 


L 


Pig.  1.  A  uniform  cylinder  of  length  L0  impacts  an  uncompliant  target  with  velocity  v0.  Subsequent 
deformation  of  the  specimen  can  be  successfully  modeled  in  terms  of  deformed  and  undeformed 
regions  /i  and  L  is  the  current  overall  specimen  length  and  s  is  the  displacement  of  the  back  end  of 

the  specimen. 
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Fig.  2.  Undeformed  and  deformed  Taylor  specimens.  The  final  imdefoimcd  section  length  is  the 
distance  from  the  back  of  the  specimen  to  the  cross  section  with  area  A  =  An/( I  +  e)t  Lt  is  the  final 
overall  length  of  the  deformed  specimen. 


This  equation  expresses  a  linear  relationship  between  fx/L0  and  L(/Lt),  This  relationship, 
which  has  been  observed  experimentally  by  House  [3j,  is  the  basis  for  the  remainder  of  this 
paper. 


THE  LINEARITY  BETWEEN  /f/L0  AND  L,/L0 

Cylindrical  specimens  of  OFHC  copper  and  wrought  iron  were  impacted  against  an 
Astralloy-V,*  Steel  target.  The  Astralloy  was  hardened  to  Rockwell  C  58  and  presented 
a  very  uncompliant  surface.  To  reduce  the  effects  of  friction,  the  target  was  lapped  and 
polished  to  a  mirror  like  finish.  17  Caliber  specimens  were  impacted  against  this  target  and 
the  target  was  rotated  after  each  impact  to  assure  that  conditions  were  the  same  for  each 
test.  By  17  caliber,  we  refer  to  a  bore  diameter  of  0.170  in.  for  the  launch  tube.  The  test 
results  are  shown  for  various  strain  levels  as  plots  of/r/L„  and  L,/L0  in  Figs  3  and  4,  tx  is 
the  distance  from  the  back  end  of  the  specimen  to  the  cross-section  with  area 
A  =  A0/( l  +  e)  for  a  prescribed  strain  e  (see  Fig.  2).  The  area  A  is  determined  from 
a  diameter  measurement.  There  arc  several  methods  suitable  for  this  measurement.  The  best 
is  a  diameter  guage  originally  suggested  by  J.  W.  House.  A  hole  is  drilled  in  a  steel  block  to 
the  exact  diameter  required.  From  the  opposite  direction,  a  relief  hole  of  larger  diameter  is 
drilled,  allowing  for  clearance  of  the  specimen.  Very  reasonable  estimates  of  undeformed 
section  length  can  be  made  using  this  device.  There  is  a  level  of  uncertainty  with  all 
measurement  techniques  and  its  is  difficult  to  assess  the  degree  of  uncertainty.  In  fact,  it  may 
not  be  worthwhile  to  focus  on  any  specific  source  of  error  when  it  is  impossible  to  make  the 
same  assessment  of  the  theory  itself. 

Equation  (6)  predicts  a  linear  relationship  between  /f/L0  and  Lf/L0: 

£ V  Lf  . 

7 -  =  m—  +  b,  (7) 

r-o  a-o 

where 


and 


m  -  — 


1  zj 

e 


(8) 


+ 


I- <8 

e 


1-05 

e  Lq 


(9) 


For  a  given  strain  level,  the  slope  and  intercept  values  of  Eqn  (7)  can  be  obtained  by 
conducting  a  series  of  Taylor  tests  over  a  range  of  impact  velocities.  However,  often  a  single 
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Fig.  3.  The  result*!  of  17-caliber  OFHC  copper  impact  tests.  The  lines  were  drawn  using  the  data 
reduction  technique  described  by  Lqns  ( I0)(l 2). 


Lf/Lo 

Fig.  4.  The  results  of  |7-cajiber  wrought  iron  impact  tests.  The  lines  were  drawn  using  the  data 
reduction  technique  described  by  Eqns  (10)-(12). 


Taylor  test  can  be  used  to  obtain  data  at  several  strain  levels.  Equation  (8)  suggests  that  the 
slope  might  decrease  with  increasing  compressive  strain.  This  is  not  the  case  because 
/?  decreases  with  increasing  compressive  strain. 

There  are  two  basic  methods  for  obtaining  the  slope  and  intercept  values  for  each  strain 
level  from  this  data.  A  classical  least  squares  approach  can  be  used  repeatedly  (operating  on 
one  set  of  constant  strain  data  at  a  time)  to  obtain  the  sets  of  slope  and  intercept  data  for 
each  strain  level.  However,  this  approach  does  not  allow  for  the  fact  that  the  sets  of  constant 
strain  data  are  actually  coupled  to  each  other  since  each  Taylor  specimen  is  used  to  obtain 
data  at  several  strain  levels. 


B-4 


An  deiiwnliiry  theory  for  thu  T*tylor  impact  X c«t 


A  more  consistent  approach  would  entail  using  the  entire  duta  set  at  once  to  determine 
the  slope  and  intercept  values  as  a  function  of  strain.  This  can  be  simply  accomplished  by 
assuming  quadratic  forms  for  the  slope  and  intercept  functions; 

m  =  i»0  +  »ti|e|  +  mjlej1, 

b  «  bQ  +  +  hjlcl2,  (H) 

where  |t*|  is  the  magnitude  of  the  plastic  strain  and  the  and  bj  are  coefficients  to  be 
determined  from  the  data.  Accordingly,  the  least  squares  quantity  to  be  minimized.  A,  for 
this  application  is 

A  =  £  {(x)  ~  +  WIil‘*<l  +  +  (ho  +  h,|Cj|  +  <  ((2) 

where  N  is  the  number  of  measured  data  points,  and  (/ ( /£.«)(  and  (Lj/  Lo)i  indicate  measured 
values  of  these  parameters.  An  optimizer  is  used  to  adjust  the  ntj  and  hj  coefficients  of  Eqn 
(12)  to  minimize  the  lit  error  A.  In  this  paper,  it  was  found  for  wrought  iron  and  OFIIC 
copper  data  that  the  slope  and  intercept  functions  of  Eqns  (10)  and  (1 1)  were  almost  linear  in 
strain.  Thus  the  form  of  these  equations  appears  to  be  of  a  sufficiently  high  order  to  obtain 
a  good  fit. 

There  are  two  advantages  in  fitting  all  the  data  at  once  using  Eqn  (12)  as  opposed  to 
doing  a  separate  least-squares  fit  for  each  strain  level.  Firstly,  the  error  associated  with  the 
inherently  more  inaccurate  low  strain  data  is  reduced  since  slope  and  intercept  functions  are 
fit  in  a  manner  that  forces  them  to  be  consistent  with  the  more  accurate  high  strain  data. 
Secondly,  sets  of  constant  strain  data  are  not  required  for  use  in  Eqn  (12).  This  provides  for 
more  flexibility  in  the  deformed  specimen  measurement  techniques. 

At  high  impact  velocities  [(low  (L,/L0)]  specimen  failure  (void  nucleation  and  fracture) 
can  occur.  Also,  at  low  impact  velocities  [high  (Lj/Lo)]  quasi-steady-state  plastic  flow  may 
not  occur.  Both  of  these  effects  are  not  accounted  for  by  the  theory  presented  here  and  thus 
produce  nonlinearities  in  plots  of  Eqn  (7).  Accordingly,  it  is  recommended  that  obviously 
nonlinear  high-  and  low-velocity  data  points  be  excluded  from  the  least-squares  calcu¬ 
lations  of  Eqn  ( 1 2). 


ESTIMATION  OF  STRESS 

The  dynamic  stress  a  at  the  strain  e  has  been  shown  to  take  the  form 


a  =  (1  +e) 


ff0  + 


( 1  “  ft)2 


(13) 


where  a0  is  a  constant  reference  stress  (see  [12]),  In  Eqn  (13),  p  is  the  constant  specimen 
density  and  /j  the  particle  velocity  constant  in  Eqn  (l).  The  stress  (r0  is  negative  in 
compression  and  positive  in  tension. 

The  equation  of  motion  of  the  undeformed  section  is 

ptv  =  <r0  (14) 

(see  [12]).  With  a  change  of  variables,  this  equation  can  be  written  in  the  form 


,d/dv 

p/d7d?=<To' 


(15) 


Using  Eqn  (2)  to  eliminate  d//df,  we  find 


Pi  1  -ffl 
e 


dv 

l°ii "  '»■ 


(16) 
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The  variables  in  this  equation  can  be  separated  and  the  resulting  equation  can  be  integrated 
to  give 


2ccr0 


>»  ln(/)  +•  C. 


(17) 


The  constant  of  integration  C  appearing  in  Cqn  (17)  can  be  evaluated  by  noting  that  t  =  7. 
when  v  «  v0.  This  leads  to 

^cxpM(v>_vS)]  (18) 

The  undefortned  section  no  longer  deforms  at  strain  e  when  a  crilicul  velocity,  say  v  =  vc,  is 
reached.  At  this  point,  the  finul  undeformed  section  length  (  =  f(  is  reached  and 

=  7 -  v>)}  (19) 


This  relation  can  be  used  to  find  the  reference  stress  <t0 

pi 1  ~  /T)(vg  -  v D 

a°  2eln  (lift) 


(20) 


This  stress  can  be  used  in  Eqn  (13)  to  determine  the  dynamics  stress  <r. 


In  most  instances,  the  critical  velocity  vu  can  be  set  to  zero,  without  much  loss  of  accuracy, 
as  the  term  involving  v*  only  contributes  to  the  stress  when  vc  is  fairly  large.  In  this  case, 
Eqn  (20)  becomes 


_  ~  m3. 

ff°  ~  2  c'ln  (///,)' 


(21) 


Equation  (13)  represents  the  dynamic  stress  in  the  specimen  at  the  plastic  wave  front.  As  the 
velocity  of  the  undeformed  section  v  approaches  vc,  or  in  this  case  zero,  a  must  approach  the 
compressive  quasi-static  stress  at  the  compressive  strain  e.  Denoting  the  quasi-static  stress 
by  <r„  we  see  that 


=  (1 


+  e)(rQ  = 


Pi !+*)(!  -fflvo 
2eln(//^f)  • 


(22) 


This  relation  expresses  the  quasi-static  stress  as  a  function  of  the  strain  and  the  parameters 
from  the  Taylor  test. 

Using  a  quasi-static  stress/strain  diagram  for  the  specimen  material  and  Eqn  (22),  we  can 
find  the  reference  stress  a0,  and  the  stress  provided  by  Eqn  (13)  is  determined. 


RESULTS 

The  state  of  stress  in  the  specimen  material  can  now  be  estimated.  An  estimate  for  the 
highest  strain-rate  after  the  initial  transient  was  given  by  Jones  et  al.  [15]: 


This  estimate  is  based  on  Taylor’s  [1]  original  idea  for  an  average  strain-rate  over  the  entire 
test.  In  this  respect,  his  estimate  is  very  conservative  and  generally  underestimates  the 
strain-rate  by  nearly  an  order  of  magnitude.  Equation  (23)  applies  relatively  close  to  the 
impact  point  and  provides  a  more  accurate  estimate  of  strain-rate. 

As  indicated  in  the  previous  section,  the  stress  can  be  evaluated  using  Eqn  (13)  once  /?  has 
been  found  using  Eqn  (8)  and  <r0  has  been  found  using  Eqn  (22).  Quasi-static  (compression) 
stress  -strain  diagrams  for  OFHC  copper  and  wrought  iron  are  shown  in  Figs  5  and  6. 
<r0  =  (T,(t!)/(1  +  t>)  can  be  found  for  any  particular  strain  from  the  diagrams. 
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ENGINEERING  STRAIN  RATE  (1/3) 

Fig.  7.  Dynamic  true  stress  vs  engineering  strain-rate  for  OFHC  copper  in  the  “as  received*’ 

condition. 
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ENGINEERING  STRAIN  RATE  (1/s) 

Fig.  8.  Dynamic  true  stress  vs.  engineering  strain-rate  for  wrought  iron. 


diameter  and  measurements  of  final  diameter  were  made  carefully.  Low  caliber  specimens 
arc  difficult  to  measure  accurately.  Higher  caliber  tests  arc  feasible  and  deformed  specimen 
measurements  can  be  made  more  accurately.  However,  the  effects  of  radial  inertia  arc  more 
pronounced  in  higher  caliber  specimens. 
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For  several  reasons,  a  17  caliber  launch  tube  provides  the  lowest  practical  diameter. 
Lower  caliber  specimens  may  readily  buckle  under  the  impnet  load.  Also,  very  low  caliber 
specimens  arc  difficult  to  launch  as  the  load  that  the  back  end  of  the  specimen  suffers  in  the 
launch  process  deforms  it  and  may  cause  it  to  come  to  rest  in  the  launch  tube.  This  makes 
testing  with  these  specimens  u  tedious  and  often  unrewarding  task.  However,  the  gain  from 
effectively  eliminating  radial  inertia  makes  it  worthwhile. 

ADDITIONAL  RESULTS 

Another  point  regarding  the  presentation  of  this  theory  can  be  made.  The  ratio  IjL  is 
critical  to  the  strain-rate  estimate  in  Eqn  (23).  In  the  previous  section,  this  ratio  was 
determined  for  OFHC  copper  and  wrought  iron  using  Eqn  (22)  with  a,  taken  from  the 
quasi-static  stress-strain  diagrams  given  in  Figs  5  and  6.  Another  approach  can  be  adopted 
which  avoids  the  use  of  Figs  5  and  6.  This  alternative  allows  us  to  estimate  the  quasi-static 
stress-strain  diagram  from  Taylor  impact  data  alone. 

Equation  (9)  provides  a  relationship  between  7jL0  and  s/L„.  In  addition,  it  is  evident  that 


Fig.  9.  Elementary  mushrooming  rod  geometry.  The  mushroom  is  a  cylinder  with  cross-sectional 
area  A  -  Auj{  I  +  e).  The  undeformed  section  is  a  cylinder  of  length  /  with  cross-sectional  area  A0. 


0.00  2.00  4.00  6.00  8.00  10.00  12.00  14.00 

Fig.  10.  Comparison  of  quasi-static  OFHC  copper  stress/strain  data  given  in  Fig.  5  with  estimates 

using  Eqns  (22)  and  (27). 
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Table  I 


Results  obtained  from  Predictions  obtained  from 

quusi-static  test  using  Tuylor  test  Percentage 

duta  data  only  differences 


Quasi- 

static 

Percent 

yield 

Data 

comp. 

stress 

point  (tn/s) 

strain 

(MPa) 

1 

3.6 

0.529 

282 

V0-\l\ 

5.8 

0.564 

288 

11.2 

0.638 

295 

2 

3.6 

0.513 

282 

I',, -200 

5.8 

0.54R 

288 

11.2 

0.630 

295 

3 

3.6 

0.503 

282 

CM 

cm 

I 

a 

5.8 

0.542 

288 

11.2 

0.622 

295 

4 

3.6 

0.536 

282 

Vo  -  146 

5.8 

0.574 

288 

11.2 

0.650 

295 

5 

3.6 

0.544 

282 

Vo  =  144 

5.8 

0.587 

288 

11.2 

0.662 

295 

6 

3.6 

0.515 

282 

P0~  174 

5.8 

0.558 

2K8 

11.2 

0.634 

295 

7 

3.6 

0.517 

282 

Vo  -  170 

5.8 

0.558 

288 

11.2 

0.641 

295 

8 

3.6 

0.538 

282 

Vo  =  167 

5.8 

0.579 

288 

11.2 

0.653 

295 

9 

3.6 

0.541 

282 

t'o  -  153 

5.8 

0.593 

288 

11.2 

0.683 

295 

10 

3.6 

0.498 

282 

VQ  =  174 

5.8 

0.545 

288 

11.2 

0.631 

295 

11 

3.6 

0.527 

282 

II 

o 

5.8 

0.562 

288 

11.2 

0.643 

295 

12 

3.6 

0.513 

282 

Vo  «  203 

5.8 

0.548 

288 

11.2 

0.635 

295 

13 

3.6 

0.527 

282 

Vo  =»  156 

5.8 

0.574 

288 

11.2 

0.659 

295 

14 

3.6 

0.529 

282 

oc 

vO 

II 

o 

5.8 

0.572 

288 

11.2 

0.647 

295 

Quasi- 

static 

yield 

stress 

(MPn) 

nu 

Quasi- 

static 

yield 

stress 

0.552 

258 

4.3 

-8.5 

0.572 

279 

1.4 

-3.0 

0.623 

310 

-2.3 

5.2 

0.552 

252 

7.7 

-  10.6 

0.572 

270 

4.3 

-6.3 

0.623 

300 

-  1.1 

1.7 

0.552 

249 

9.7 

-  11.7 

0.572 

267 

5.6 

-7.1 

0.623 

294 

0.2 

-0.3 

0.552 

259 

3.0 

-8.1 

0.572 

291 

-0.4 

1.2 

0.623 

336 

-4.1 

13.7 

0.552 

270 

1.5 

-  4.4 

0.572 

312 

-2.5 

8.2 

0.623 

359 

-5.8 

21.7 

0.552 

246 

7.2 

-  12.9 

0.572 

274 

2.5 

-4.9 

0.623 

306 

-  1.7 

3.6 

0.552 

246 

6,8 

-  12.7 

0.572 

273 

2.5 

-  5.2 

0.623 

314 

-  2.8 

6.4 

0.552 

266 

2.6 

-5.6 

0.572 

296 

-  1.1 

2.7 

0.623 

329 

-4.5 

11.4 

0.552 

258 

2.0 

-  8.4 

0.572 

294 

-  3.5 

2.0 

0.623 

338 

-8.8 

14.5 

0,552 

232 

10.8 

-  17.9 

0.572 

262 

4.9 

-9.1 

0.623 

303 

-  1.3 

2.8 

0.552 

253 

4.8 

-  10.4 

0.572 

276 

1.7 

-4.1 

0.623 

319 

-  3.1 

8.2 

0.552 

253 

7.7 

-  10.3 

0.572 

270 

4.4 

-6.2 

0.623 

303 

-  1.8 

2.8 

0.552 

252 

4.7 

-  10.7 

0.572 

290 

-0.3 

0.8 

0.623 

343 

-5.5 

16.4 

0.552 

257 

4.4 

-9.0 

0.572 

288 

0.0 

-0.1 

0.623 

322 

—  3.8 

9.1 

If  a  third  relationship  cun  be  found,  we  use  Eqs  (9)  and  (25)  with  this  relationship  to  solve  for 

//L  0. 

A  very  simple  geometry  for  a  mushrooming  impact  specimen  was  introduced  by  Jones 
et  al.  [16]  and  used  in  a  different  context.  Consider  the  mushroom  to  be  a  cylinder  of 
cross-sectional  area  -  A  =  A0/(l  +  e)  for  a  specific,  prescribed  strain  e  (see  Fig.  9).  Using 
the  geometry  in  Fig.  9  and  noting  that  the  volume  of  the  undeformed  rod  must  equal  the 
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sum  of  the  volumes  in  Fig.  9  leads  to 


I  S  f 

I  +  e  L0  Z,  o 

Equations  (9),  (25),  and  (26)  can  be  solved  simultaneously  to  find 

/  b  (1-0(1+*) 

L0~Ji  fi  e  ' 


(26) 


127) 


Table  2 


Data 

point 

Percent 

comp. 

strain 

Results  obtained  from 
quasi -static  test 
data 

Predictions  obtained 
from  using  Taylor 
test  data  only 

Percentage 

dilferenecs 

fIL  o 

Quasi- 

static 

yield 

stress 

1M  Pa) 

flU 

Quasi- 

static 

yield 

stress 

(MPa) 

<74 

Quasi- 

static 

yield 

stress 

I 

3.6 

0.636 

400 

462 

-7,9 

15.5 

Vit  »  266 

18 

450 

0.610 

-4.3 

12.0 

11.2 

0.738 

523 

0,713 

576 

3.4 

10,1 

2 

3,6 

0.603 

400 

0.586 

451 

~  2.9 

12,8 

=  180 

5.8 

450 

0,610 

499 

-  1.6 

10.9 

11.2 

0.719 

523 

564 

-0,8 

7,8 

3 

3.6 

0.603 

0,586 

439 

-2.7 

9.8 

-  216 

5.8 

450 

479 

6,4 

11,2 

0,713 

523 

0.713 

552 

5.5 

4 

3.6 

400 

0.586 

463 

-7.1 

1  S,8 

V0  m  249 

5.8 

0.633 

450 

0.610 

503 

-3.6 

11.8 

11.2 

0.730 

523 

0,713 

571 

-2.3 

9.2 

5 

3.6 

0.638 

400 

554 

-8.2 

38,5 

=  170 

5.8 

450 

628 

-  7.6 

39.6 

11.2 

0.788 

523 

0.713 

794 

-9.6 

51.8 

6 

3.6 

0,579 

0.586 

1.3 

V0  =  160 

5,8 

0.606 

0.610 

465 

0.7 

3,3 

(1,2 

0,745 

523 

0.713 

648 

—  4.2 

23,9 

Fig.  1 1.  Comparison  of  quasi-static  wrought  iron  stress/strain  data  given  in  Fig.  6  with  estimates 

using  Eqns  (22)  and  (27). 
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With  this  estimate  for  //Lo»  we  cun  usc  Eqn  (22)  to  find  n%  *=  <yB(e)»  without  measuring  any 
loads.  Notice  that  the  ratio  f/L0  is  independent  of  impact  velocity  t>0.  The  data  from 
a  number  of  17  caliber  Taylor  tests  is  presented  in  Tables  1  and  2.  For  each  strain.  */Lq  is 
nearly  constant.  The  estimates  for  the  ratio  using  Eqn  (27)  arc  also  shown.  The  differences 
arc  very  small. 

Figures  10  and  1 1  give  the  comparison  between  the  compressive  stress-strain  diagrams 
for  OFHC  copper  and  wrought  iron.  Considering  some  of  the  uncertainties,  the  compul¬ 
sion  is  very  favorable.  It  is  remarkable  that  Taylor  impact  data  can  be  used  to  generate  an 
estimate  for  the  quasistatic  stress-strain  diagram  for  a  specimen  material.  This  provides 
further  evidence  or  the  validity  of  the  theory  presented  in  this  paper.  As  it  stands,  the  theory 
has  produced  a  useful  interpretation  of  impact  test  data  that  agrees  with  existing  data  to  the 
extent  that  it  is  possible  to  make  a  comparison.  We  plan  to  further  strengthen  our  ease  with 
the  publication  of  additional  test  data. 


CONCLUSIONS 

In  this  paper,  we  have  presented  an  elementary  theory  for  the  Taylor  test  with  which 
estimates  of  high  strain-rate  behavior  of  ductile  metals  can  be  accomplished.  The  strain- 
rates  exceed  l04/s  which  makes  it  difficult  to  compare  the  results  to  those  obtained  by 
alternative  methods  because  none  exist  at  present.  However,  for  OFHC  copper  data 
reported  by  Follensbec  [17],  the  data  in  this  paper  correlates  very  well  (see  Fig.  12).  It 
should  be  noted  that  the  copper  used  by  Follensbec  [17]  may  have  a  different  structure  than 
our  “as-received”  OFHC  copper.  Also  there  may  be  considerable  variation  between  ship¬ 
ments  of  OFHC  Copper  in  the  “as-received"  condition. 

The  Taylor  impact  test  is  useful  because  it  provides  essential  information  in  the  strain- 
rate  regime  between  the  Split  -Hopkinson  pressure  bar  and  plate  impact  shear  experiments. 
For  this  reason  it  is  of  considerable  interest  to  the  defense  community  (e.g.  see  [18]). 


Fig.  12.  Comparison  of  high  strain-rate  data  for  OFHC  copper  at  1 1.2%  and  16.t%  compressive 
strain  with  data  reported  by  Follansbee  in  1986. 
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Sirain-rutcs  of  the  order  of  10**  ~I0a  per  second  are  usually  observed  in  impact  and 
penetration  problems.  We  will  continue  to  search  for  interpretations  of  test  data  that  allow 
us  to  model  materials  behavior  in  the  high  strain-rate. 
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A  REVISED  FORM  FOR  THE  JOHNSON  COOK 
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Summary- Strength  models  play  a  key  role  in  the  numerical  simulation  of  impact  events.  A  revised 
form  of  the  Johnson  Cook  strength  model  is  proposed  in  this  paper.  The  revised  model  treats  the 
sudden  strengthening  that  many  ductile  metals  exhibit  at  strain  rates  greater  than  10*/$*  Strain  rates 
of  this  magnitude  are  generally  considered  to  be  beyond  the  capability  of  the  split-Hopkinson 
pressure  bar  and  so  such  abrupt  strengthening  behavior  is  often  not  observed  and  reported, 
A  method  to  economically  estimate  all  eight  coefficient*  of  the  revised  strength  model  using 
quasi-static  tension  data  and  Taylor  impact  test  data  reduced  with  a  modified  version  of  the  EPIC 
finite  element  code  is  also  described  Revised  strength  model  coefficients  were  determined  for; 
7075-T6  aluminum,  OFHC  copper,  wrought  iron,  and  a  high-strength  steel  ( Astralloy-VK),  A  good 
fit  to  the  quasi-static  tension  data  and  Taylor  impact  test  results  was  obtained  for  these  four  different 
metals.  The  behavior  of  the  revised  strength  model  at  high  strain  rates  also  compared  favorably  with 
independent  predictions  from  an  analytical  model  calibrated  with  the  Taylor  impact  data.  ®  1998 
Elsevier  Science  Ltd,  All  rights  reserved 


NOTATION 


C%  strength  model  coefficient 

F  objective  function  for  optimizer 

Fq$  component  of  objective  function  for  matching  quasi-static  tension  data 

Fn  component  of  objective  function  for  matching  Taylor  impact  data 

M  strength  model  exponent 

N  strength  model  exponent 

Nq*  number  of  quasi-static  tension  data  points 

Ny |  number  of  Taylor  impact  tests 

T*  homologous  temperature 

Kj  volume  of  Taylor  impact  specimen 

V i  volume  difference  {error)  between  measured  and  EPIC!  calculated  deformed  T aylor  impact  specimen 

profile 

Vx%  Taylor  cylinder  impact  velocity 

X  deformed  Taylor  cylinder  axial  dimension 

Xn  Taylor  cylinder  initial  length 

V  deformed  Taylor  cylinder  radial  dimension 

Ya  Taylor  cylinder  initial  radius 

3t  strength  model  exponent 

ft  weight  factor  for  objective  function 

e  equivalent  plastic  strain 

r.*  equivalent  plastic  strain  rate 

v*  dimensionless  equivalent  plastic  strain  rate  =  if/itfs) 

a  yield  strength  (flow  stress) 

<Tqscj  quasi-siatie  yield  stress  calculated  from  revised  strength  model 

tfQsxu  quasi-static  yield  stress  measured  from  tension  test 


1.  INTRODUCTION 

Finite  element  modeling  of  high  rate  events  involving  ductile  metals  requires  three  basic 
material  models:  an  equation  of  state  to  predict  pressures,  a  failure  model  to  predict  loss  of 
load  carrying  capability,  and  a  strength  model  to  predict  the  yield  strength  (flow  stress). 
This  paper  discusses  a  proposed  revision  to  the  empirical  Johnson-Cook  (JC)  strength 
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model  [I]  to  more  closely  match  observed  material  behavior  at  high  strain  rates.  Further, 
a  practical  scheme  for  evaluating  the  revised  Johnson-  Cook  (RJC)  strength  model  coeffi¬ 
cients  by  using  Taylor  impact  test  results  und  quasi-static  tension  data  is  disclosed. 

Although  the  JC  strength  model  is  empirical  in  nature  und  simple  in  form  it  is  the  most 
popular  strength  model  in  use  today  [2].  Simple  strength  models  are  popular  because  of  the 
difficulty  in  obtaining  accurate  strength  model  constants  at  high  strain  rates.  Complex 
strength  models  generally  require  more,  and  more  sophisticated,  lest  data  for  coefficient 
calibration.  Strength  model  coefficients  for  many  common  metals  are  not  available  from  the 
literature.  Also,  high  rate  properties  of  a  given  material  can  vary  significantly  depending  on 
grain  size  [3]  and  processing  history.  Thus,  there  is  clearly  a  need  for  simple  strength 
models  that  arc  practical  to  calibrate. 


2.  Tl  in  REVISED  JOHNSON  COOK  STRENGTH  MODEL 

The  JC  strength  model  was  first  proposed  in  1983  [1].  It  has  the  following  form: 

n  =••  (C,  +  r 2#:VK  1  +  CjIne’Xl  -  T*M),  (I) 

where  a  is  the  equivalent  yield  strength,  i:  is  the  equivalent  plastic  strain,  c*  is  the 
dimensionless  equivalent  plastic  strain  rate  (made  dimensionless  by  dividing  the  equivalent 
plastic  strain  rate  by  a  unit  plastic  strain  rate),  T*  is  the  homologous  temperature,  and 
N,  and  M  arc  empirical  coefficients  and  exponents.  The  model  also  provides  for  setting  an 
upper  bound  for  the  yield  strength.  However,  this  capability  is  usually  not  required  in 
simulations  since  Eqn  ( I )  assumes  that  the  yield  strength  varies  lincurly  with  the  logarithm 
of  the  effective  strain  rate  and  so  a  does  not  become  unrealistically  large  even  for  enormous 
strain  rates. 

A  large  number  of  studies  have  shown  that  numerical  simulations  employing  Eqn  (I)  can 
produce  results  of  sufficient  accuracy  for  engineering  purposes.  This  is  remarkable  consider¬ 
ing  Eqn  (1)  uses  simple  scalar  expressions  to  represent  the  strains  and  strain  rates  which  are 
second-order  tensors,  and  also  Fqn  (l)assumcs  isotropic  hardening.  The  temperature  factor 
is  also  quite  simple  in  form.  When  using  such  simple  models  it  is  important  to  calibrate  the 
coefficients  with  experimental  data  which  is  similar  in  nature  to  the  intended  application. 
This  point  will  play  a  key  role  in  the  latter  part  of  this  paper  where  a  practical  strategy  for 
strength  model  coefficient  estimation  is  proposed. 

For  many  ductile  metals  the  yield  strength  increases  more  rapidly  with  strain  rate  than 
that  described  by  the  form  of  Eqn  (I )  for  strain  rates  in  excess  of  103/s.  To  increase  the  strain 
rale  sensitivity  a  modified  Johnson  Cook  (M  JC)  strength  model  was  proposed  [4]  with  the 
following  form: 

rr  =  (C,  +  C2cw)(e**)(l  -T*M)  (2) 


where  a  is  an  empirical  exponent.  However,  the  M  JC  strength  model  does  not  appear  to  be 
widely  used  today  probably  because  the  strain  rate  sensitivity  is  not  significantly  enhanced 
over  that  provided  by  Eqn  (1). 

Many  ductile  metals  display  an  enormous  increase  in  yield  stress  for  strain  rates  in  excess 
of  10 Vs  (sec  Fig.  I  of  Ref.  [5],  for  instance).  This  observed  behavior  provided  the  motivation 
for  the  revised  Johnson-Cook  (RJC)  strength  model  proposed  here.  The  goal  of  this  study  is 
to  enhance  the  high  strain  rate  sensitivity  of  the  JC  strength  model  while  minimizing 
changes  to  the  model  for  those  loading  regimes  where  it  has  clearly  been  shown  to  be 
effective.  The  proposed  form  of  the  RJC  strength  model  is: 


(T  =  (C, 


+  c2a 


I  +  Cj  In  /;*  +  C4 


(3) 


where  C4  and  C5  are  additional  empirical  coefficients. 

The  strain  rate  sensitivity  has  been  enhanced  by  the  term  1/(CS  —  Ine*)  where  Cs  is  the 
natural  logarithm  of  a  critical  strain  rate  level.  This  term  tends  to  infinity  as  the  strain  rate 
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approaches  the  critical  strain  rate.  Note  that  this  strain  rate  sensitivity  enhancement  term 
contribution  tends  toward  zero  for  low  strain  rates  due  to  the  -  l/Cj  correction  term  in 
Eqn  (3).  Thus,  the  RJC  model  approaches  to  the  original  JC  model  for  low  strain  rates  and 
is  identical  to  the  JC  model  for  a  strain  rate  of  unit  magnitude  where  In  a*  =  0.  Further,  the 
entire  strain  rate  sensitivity  enhancement  term  C4(I/(C5  -  Inc)  -  l/(C*))  is  removed  for 
strain  rales  of  less  than  unit  magnitude.  In  other  words,  the  RJC  model  is  identical  to  the  JC 
model  for  a*  values  of  unity  or  less. 

The  amount  of  deviation  of  the  strain  rate  behavior  of  the  RJC  model  from  JC  model  is 
controlled  by  the  C4  factor  as  illustrated  in  Fig.  1.  This  provides  for  the  fact  that  some 
materials  exhibit  a  very  sudden  departure  of  yield  strength  from  linearity  with  respect  to  the 
logarithm  of  strain  rate  (see  Fig.  I  of  Ref.  [5],  for  instance)  while  others  vary  more  gradually 
(see  Fig.  13.26(b)  of  Ref,  [2],  for  example). 

As  stated  previously  the  original  JC  strength  model  provides  for  specifying  a  maximum 
value  for  the  yield  strength  <t.  However,  a  limiting  value  is  usually  not  required  for  high 
strain  rate  simulations  since  the  sensitivity  to  strain  rate  is  relatively  tow  (linear  logarithmic 
dependence).  However,  the  RJC  strength  model  as  discussed  to  this  point  predicts  a  phys¬ 
ically  untenable  infinite  yield  strength  as  In  r*  approaches  Cv  To  prevent  this  unrealistic 
occurrence  the  RJC  model  simply  assumes  that  there  exists  a  maximum  value  that  the  strain 
rate  sensitivity  factor  in  Eqn  (3)  can  attain  for  each  material  which  cannot  be  exceeded 
regardless  of  the  prevailing  strain  and  temperature  state.  The  peak  strain  rale  sensitivity 
factor  is  defined  through  the  nondimensionai  constant  Cf,  as  follows: 

+  L--±)]Sf,.  ,4) 

A  method  for  estimating  Cf,  is  discussed  in  a  following  section. 

The  RJC  scheme  for  limiting  the  strain  rate  sensitivity  factor  to  physically  reasonable 
values  is  the  simplest  possible  it  assumes  that  the  peak  value  is  a  constant  (C6).  It  is 
difficult  to  construct  a  more  elaborate  model  for  peak  strain  rate  sensitivity  behavior  in  the 
framework  of  the  JC  class  of  strength  models  due  to  the  lack  of  accurate  lest  data.  It  is 
technically  challenging  to  conduct  material  tests  at  strain  rates  in  excess  of  104/s  where 
C6  begins  to  play  a  role.  At  these  strain  rates  split-Hopkinson  bar  results  become  question¬ 
able  [6,7],  which  leaves  mainly  flyer  plate  and  Taylor  impact  testing  as  alternatives.  Flyer 
plate  testing  has  the  advantage  of  producing  reasonably  uniform  stress  and  strain  states,  but 
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such  testing  is  expensive  and  the  results  can  exhibit  a  significant  amount  of  scatter  as  shown, 
for  instance,  in  Fig.  7  of  Ref.  [8].  Taylor  testing  is  relatively  inexpensive  and  datu  can  be 
obtained  from  simple  post-test  measurements.  Unfortunately,  there  is  currently  some 
controversy  about  the  results  obtained  front  Taylor  tests  because  of  the  nonuniform  stress 
and  strain  fields  produced.  Thus,  considering  the  available  experimental  dulu,  there  appears 
to  be  a  large  amount  of  uncertainly  about  the  yield  strength  of  ductile  materials  at  high 
strain  rates. 

However,  there  is  some  data  to  suggest  that  proposing  a  constant  value  for  the  struin  rate 
sensitivity  fuctor  is  not  unreasonable.  Steinberg  el  al.  [9]  assumed  that  there  was  a  strain 
rate  level  beyond  which  the  yield  strength  was  not  significantly  affected.  They  were  able  to 
obtain  some  experimental  data  to  validate  their  assumption.  Also,  Jones  et  al.  [10]  state 
that  for  dislocation  activation  energies  greater  than  a  critical  value  plastic  flow  of  f.c.c. 
crystal  metals  is  independent  of  strain  rate. 

The  eight  RJC  strength  model  coefficients  were  evaluated  for  four  different  metals  as  is 
described  in  the  next  section. 


i.  RJC  STRENGTH  MODEL  COEFFICIENT  EVALUATION  FOR  FOUR  METALS 
3. 1 .  The  experimental  data 

RJC  strength  model  coefficients  were  evaluated  for  the  following  metals:  7075-T6  ulumi- 
num,  OFHC  copper,  wrought  iron,  and  a  high-strength  steel  produced  by  Astralloy  Wear 
Technology  of  Birmingham,  AL,  called  Astralloy-V*.  These  metals  have  widely  varying 
characteristics  and  thus  should  provide  a  good  test  of  the  suitability  of  the  proposed  RJC 
strength  model.  Quasi-static  tensile  test  data  for  these  four  metals  is  shown  in  Fig.  2. 

Ideally,  the  strength  model  should  be  capable  of  making  accurate  predictions  over  a  wide 
range  of  strain  rates.  Accordingly,  for  this  study  coefficients  were  evaluated  giving  equal 
weight  to  quasi-static  tensile  test  data  (k'S  10" 3)  and  Taylor  impact  test  data  (e'  >  104).  All 
test  data  was  obtained  al  the  University  of  Alabama  in  Tuscaloosa.  A  conventional, 
computer  controlled,  hydraulically  actuated,  material  testing  machine  was  used  to  acquire 
the  quasi-static  tension  data.  It  is  assumed  that  the  materials  tested  exhibit  similar  yielding 
behavior  in  tension  and  compression. 

The  Taylor  impact  testing  apparatus  developed  at  the  University  of  Alabama  has  been 
described  by  Allen  [II].  Although  using  the  Taylor  test  to  evaluate  strength  model 


Fig.  2.  Quasi-static  tensile  test  data  for  the  four  metals  tested. 
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coefficients  is  currently  considered  inappropriate  by  some,  Zcriili  and  Armstrong  [3]  make 
the  point  that  "the  attempt  to  model  a  Taylor  cylinder  impact  am  provide  a  real  test  of 
a  material  model,  since  conditions  of  strain  and  strain  rate  arc  achieved  which  arc  outside 
the  range  of  ordinary  testing  in  particular,  strain  rates  in  the  range  of  I04  106  s' 1  and 
strains  in  the  range  of  0  2".  Also,  Holmquist  und  Johnson  (sec  Fig.  4  of  Ref.  [4])  show  that 
strength  model  coefficients  obtained  from  currently  accepted  conventional  tension  and 
torsion  tests  often  do  not  produce  good  Taylor  test  simulations.  Since  in  many  cases  the 
stress,  strain,  strain  rate,  and  temperature  fields  of  a  deforming  Taylor  specimen  arc  closer 
in  nature  to  the  intended  application  than  that  found  in  conventional  tests  it  may  be 
advisable  to  give  more  weight  to  Taylor  impact  results  while  evaluating  strength  model 
coefficients.  In  general,  simple  empirical  models  should  be  calibrated  with  data  that  most 
closely  resembles  the  intended  application. 

The  Taylor  specimens  used  in  this  study  had  undeformed  diameters  slightly  in  excess  of 
4  mm,  and  most  had  length  to  diameter  ratios  of  approximately  7.5.  The  small  specimen 
diameter  was  used  to  reduce  radial  inertia  effects  after  the  initial  transient  at  impact  was 
completed.  Radial  inertia  was  minimized  to  improve  the  accuracy  of  the  onc-dimcnsional 
Taylor  specimen  analysis  technique  introduced  in  Section  3.4.  As  will  be  discussed,  the 
predictions  of  the  one-dimensional  analyses  were  used  as  an  independent  check  of  the  RJC 
results.  Impact  velocities  varied  between  140  and  270  m/s.  Experimental  data  on  the  Taylor 
specimens  are  given  in  Tables  1-4, 

3,2.  RJC  model  coefficient  optimization  using  the  EPIC  code 

The  main  purpose  for  developing  strength  models  and  determining  their  coefficients  for 
different  materials  is  to  conduct  numerical  simulations  of  high  rate  events.  Many  codes  for 
numerical  simulations  of  such  events  have  been  developed.  The  code  modified  for  use  in  this 
study  was  the  most  recent  version  of  the  well-known  code  EPIC  [12],  For  some  time 
numerical  models  have  also  been  used  to  evaluate  the  accuracy  of  the  coefficients  of  their 
strength  models  and  to  adjust  the  coefficients  so  that  numerical  predictions  matched 
observed  behavior. This  has  frequently  been  done  with  Taylor  lest  data  [1,3,4, 13].  Usually, 
only  some  of  the  deformed  Taylor  specimen  dimensions  are  used  to  adjust  certain  strength 
model  coefficients.  This  approach  was  extended  for  this  study  to  include  the  entire  deformed 
specimen  profile  and  all  of  the  strength  model  coefficients  (C  i-C6,  N,  M)  were  simulta¬ 
neously  determined  in  the  process.  In  addition,  the  quasi-static  yield  strength  data  was  also 
included  in  this  fitting  process  as  will  now  be  described. 

First,  the  EPIC  code  was  modified  to  incorporate  the  RJC  strength  model  of  Eqns  (3)  and 
(4).  The  new  coding  was  setup  so  that  only  0.9999  of  critical  strain  rate  (el  *)  was  allowed  (for 
higher  strain  rates  the  strain  rate  sensitivity  factor  was  simply  set  equal  to  C6)  to  avoid  an 
accidental  numerical  singularity.  The  proposed  RJC  strength  model  was  conveniently 
incorporated  into  EPIC  as  strength  model  type  0,  leaving  1  for  the  JC  model,  and  2  for  the 
MJC  model.  Thus,  all  the  original  capabilities  of  the  code  were  retained. 

Then,  a  computer  program  for  strength  model  coefficient  optimization  was  developed 
which  was  designed  to  successively  write  out  an  EPIC  input  file  (with  an  adjusted  set  of 
strength  model  coefficients),  launch  the  EPIC  code,  and  then  post-process  the  EPIC  results 
to  determine  the  next  set  of  strength  model  coefficients  required  to  seek  a  better  fit  with  the 
quasi-stalie  and  Taylor  test  data.  This  process  was  repeated  until  the  specified  number  of 
coefficient  optimization  cycles  had  been  completed.  The  optimization  algorithm  used  was 
the  well-known,  gradient-based,  conjugate  direction  method  [14]. 

The  objective  function,  F,  operated  on  by  the  optimizer  had  two  components 

F  —  fiFq&  +  (2  —  P)f'xt-  (5) 

Fqs  was  the  component  associated  with  discrepancies  between  calculated  and  measured 
quasi-static  yield  stress  results.  Similarly,  FTi  treated  the  Taylor  impact  data.  The  factor  fi  in 
Eqn  (5)  can  be  used  to  weight  the  relative  importance  of  quasi-static  versus  the  Taylor 
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Note:  Xn  =  initial  length.  i’„  =  initial  radius,  fo  =  impact  velocity.  X  and  Y  are  deformed  cylinder  axial  and  radial  dimensions,  respectively. 
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impact  results.  For  this  study  both  sets  of  data  were  given  oven  weight  and  so  fl  was  set  to 
unity.  /-'ys  was  evaluated  from 


ox 


too 


/ff(fSC.I  -  ffQSM.A 
"A  ffOSM,  ) 


N, 


os 


(6) 


where  Nq s  is  the  number  of  measured  quasi-static  stresses  under  consideration,  is  the 

measured  quasi-static  yield  strength,  and  <T0S(  .j  is  the  calculated  quasi-slatie  yield  strength 
obtained  from  the  RJC  strength  model,  Bqn  (3).  Thus,  is  simply  the  average  percentage 
difference  between  the  calculated  and  measured  quasi-static  yield  strengths. 

Similarly,  J'u  is  the  average  percentage  volume  error  between  the  calculated  and  mea¬ 
sured  deformed  Taylor  impact  specimen  profiles: 


Ft.  = 


(7) 


where  N  n  is  the  number  of  Taylor  specimens,  F,.:rr.  }  is  the  volume  error,  and  V)  is  the  initial 
Taylor  specimen  volume.  The  volume  error  was  considered  to  be  composed  of  two 
components.  One  component  was  associated  with  the  absolute  value  of  the  difference 
between  the  measured  and  calculated  deformed  specimen  overall  lengths.  This  quantity  was 
converted  to  a  volume  error  (for  dimensional  homogeneity)  by  multiplying  the  length  error 
magnitude  by  the  undefonned  specimen  cross-sectional  area.  The  other  volume  error 
component  was  associated  with  volume  differences  between  measured  and  calculated 
deformed  Taylor  impact  specimen  profile  shapes.  For  determining  the  profile  volume  error 
first  the  calculated  profile  was  scaled  to  be  the  same  length  as  that  measured  and  then  each 
profile  was  divided  into  50  segments.  Figure  3  shows  a  schematic  cross-sectional  drawing  of 
two  typical  segments:  one  where  the  radial  deformation  was  underestimated  and  one  where 
it  was  overestimated.  The  trapezoidal  profile  errors  of  each  segment  of  the  cross  section  (sec 
shaded  areas  in  Fig.  3)  can  be  converted  to  segment  volume  errors  by  the  theorem  of 
Pappus.  Note  all  segment  volume  errors  were  considered  positive  whether  due  to  under¬ 
estimating  or  overestimating  the  radial  deformation.  The  profile  volume  error  was  deter¬ 
mined  by  simply  summing  together  all  50  segmental  volume  errors. 

Thus,  as  the  optimizer  drives  the  two  volume  error  components  towards  zero  the 
calculated  deformed  geometry  will  be  made  to  match  that  measured.  If  the  numerical  model 
was  perfect,  and  if  the  deformed  specimens  were  measured  exactly,  then  the  volume  error 
could  be  driven  to  zero.  However,  neither  of  these  conditions  exist  in  reality  so  all  specimens 
produce  nonzero  volume  errors  at  the  end  of  the  optimization  process.  Volume  errors  of  the 
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order  of  I  3%  indicate  very  good  agreement  between  the  measured  and  calculated  de¬ 
formed  Taylor  impact  specimen  geometries. 

J'T,  is  dimensionless  us  Equal  values  of  these  quantities  indicate  approximately  the 
same  goodness  of  lit  with  their  respective  measured  duta  sets,  As  the  optimizer  seeks  to 
reduce  the  magnitude  of  the  objective  function  (Hqn  (5))  a  conflict  arises  between  satisfying 
quasi-static  and  Taylor  test  behavior  requirements.  In  general,  each  set  of  data  requires 
somewhat  different  strength  model  eoellieicnls  for  an  optimum  fit.  If  the  data  arc  given  an 
equal  weight  (// »  I  in  Bqn  (5)  as  was  done  in  this  study)  then  V QS  and  /'n  will  have 
approximately  the  same  magnitude  when  the  optimizer  has  converged. 

The  coefficient  optimization  process  was  entirely  automated.  Once  started  the  optimizer 
automatically  launched  the  EPIC  code  many  hundreds  of  limes  while  seeking  to  minimize 
differences  between  measured  and  calculated  results.  It  is  important  to  note  that  a  com¬ 
pletely  seamless  computing  environment  was  created.  There  is  no  requirement  for  users  of 
this  dynamic  material  property  data  reduction  technique  to  be  experts  in  the  use  of  EPIC  or 
numerical  optimizers. 

For  computational  efficiency  the  Taylor  specimens  were  modeled  with  two-dimensional 
axisymmctric  elements.  Three  node  triangular  elements  were  used.  The  optimizer  code 
automatically  setup  the  mesh  so  that  sets  of  four  triangular  elements  occupied  approxim¬ 
ately  square  regions  of  the  cross-section  model.  The  initial  optimizer  run  was  setup  using 
a  very  coarse  mesh  with  a  single-element  spanning  the  entire  radius.  This  allowed  the 
optimizer  to  quickly  adjust  the  strength  model  coefficients  to  near-optimal  values.  Then  the 
optimizer  was  rerun  with  Iwo-clcmcnts  spanning  the  radius.  There  was  no  significant 
difference  between  the  results  of  these  two  meshes  so  further  mesh  refinement  was  not 
required.  It  is  fortunate  that  computationally  intensive  fine  meshes  are  not  necessary  for 
convergence  of  the  strength  model  coefficients  since  the  optimizer  requires  many  EPIC  runs 
while  seeking  to  minimize  the  objective  function.  A  typical  data  set  can  be  reduced  in  a  few 
hours  on  a  Pentium  Pro  class  of  PC', 


.1..?.  RJC  .strength  model  coefficient  optimization  results 


The  results  of  the  RJC  strength  model  coefficient  optimization  process  for  the  four  metals 
considered  in  this  study  arc  listed  in  Tabic  5.  In  general,  a  satisfactory  fit  was  obtained 


Tabic  5,  Optimization  results  and  RJC  strength  model  coetTtcietHs  and  exponents  for  four  metals 


7075-T6 

Aluminum 

OFHC 

copper 

Wrought 

iron 

Astrulloy-V1 

steel 

No.  quasi-static  yield  stress  measurements 

3 

3 

3 

3 

Ave.  quasi-static  yield  strength  percentage 
error  Fm  Eqn  16) 

1.4 

1,0 

2.5 

4.7 

No.  Taylor  impact  specimens 

7 

14 

6 

7 

Ave.  volume  percentage  error  Fn  liejn  (?) 

1.7 

3,4 

5.3 

2.2 

r,  (MPa) 

452.4 

111.3 

251.8 

1657 

C2  (MPal 

457.1 

239.7 

584.7 

271,5 

N 

0.3572 

0.1047 

0.3796 

0.3334 

c4 

1. 

085E-2 

8.813E-4 

9,681  E*  7 

L002E-6 

c4 

0.01114 

0,1893 

0.1064 

0.07431 

c5 

10,29 

10.02 

9,268 

10,79 

(Corresponding  critical  strain  rate  =  e1') 

(2.94E4) 

(2.25E4) 

(1.06E4) 

(4.85E4) 

M 

1.131 

1,010 

0.4974 

1.063 

c\ 

2,919 

4,741 

3.115 

1,507 
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Fig.  4  Plots  of  yield  strength  versus  strain  rate  for  7075-T6  aluminum  for  various  strain  levels 
comparing  RJC  strength  mode)  result*  (Eqns  (?)  and  (4)|  with  quasi-slatic  measurements  and 
estimates  from  a  one-dimensional  Taylor  specimen  model. 


between  the  measured  and  calculated  results.  The  strength  model  coeflicienls  of  Table  5 
appear  to  be  reasonable  when  compared  with  those  of  other  JC  models. 

It  is  difficult  to  compare  the  results  of  this  study  with  data  obtained  from  the  literature 
since,  in  general,  common  materials  arc  not  evaluated.  However,  a  comparison  can  perhaps 
be  made  with  some  published  results  on  a  copper.  The  predicted  yield  strength  of  this  study 
for  OFHC  copper  under  conditions  of  r.  =  0.4,  i:'  =  6.4E5  s  ',  and  T  =  295  K  is  1 560  M  Pa. 
This  value  is  significantly  larger  than  the  predictions  of  Clifton  (S482  MPa),  and  Fol- 
lansbcc  and  Rocks  (s649  MPa)  for  OFF-  copper  (sec  Fig.  1 1  of  Ref.  [5]).  Part  of  this 
discrepancy  can  perhaps  be  explained  by  the  fact  that  the  materials  were  not  identical 
(OFHC  copper  versus  OFF.  copper).  The  range  of  these  predictions  in  Ref.  [5]  emphasize 
the  difficulties  of  determining  yield  strengths  at  high  strain  rates. 

The  RJC  model  stress-strain  rate  curves  arc  plotted  in  Figs  4  7  for  the  four  metals  tested. 
These  plots  display  the  expected  behavior.  The  quasi-static  («*  =  10  *)  yield  stress  estimates 
are  indicated  with  markers  on  the  ordinate  axes  of  Figs  4  7.  The  markers  indicated  on  the 
right-hand  side  of  these  figures  (in  the  vicinity  of  the  critical  strain  rate)  are  discussed  in  the 
next  section. 

As  can  be  seen  from  Table  5,  the  wrought  iron  results  produced  the  poorest  fit  with  respect 
to  the  Taylor  data,  with  an  average  volume  percentage  error  of  5.3%.  For  the  other  materials 
tested,  the  fit  was  significantly  better.  The  measured  and  calculated  deformed  profiles  for  the 
six  wrought  iron  Taylor  specimens  are  compared  in  Fig.  8.  It  can  be  seen  from  this  figure  that 
constraining  the  optimizer  to  replicate  the  quasi-static  behavior  produced  a  higher  strength 
material  model  than  that  required  for  a  good  fit  to  the  Taylor  results.  However,  considering 
the  shape  of  the  wrought  iron  stress  -strain  curve  (discrete  yield  plateau  and  work  hardening 
behavior,  Fig.  2),  and  considering  the  many  other  approximations  built  into  the  EPIC  model. 
Fig.  8  shows  an  adequate  fit  to  the  Taylor  data.  It  is  important  to  note  that  the  Taylor  results 
of  Fig.  8  were  obtained  while  achieving  an  accurate  fit  (2.5%  average  error)  to  the 
quasi-static  results  as  can  seen  by  the  data  points  indicated  on  the  ordinate  axis  of  Fig.  6. 
Running  the  optimizer  without  the  quasi-static  constraints  produced  a  very  high  quality  fit 
to  the  Taylor  data  (2.3%  average  volume  error).  At  this  level  of  average  error,  measured  and 
calculated  deformed  profiles  for  most  Taylor  specimens  arc  virtually  identical. 
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Fig.  5.  Plots  of  yield  strength  versus  strain  rate  for  OFIIC  copper  for  various  strain  levels  compar¬ 
ing  RJC  strength  model  results  (Eqnx  (3)  and  (4))  with  quasi-static  measurements  and  estimates  from 
a  nnc-dtmcnsional  T  aylor  specimen  model. 
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Fig.  6.  Plots  of  yield  strength  versus  strain  rate  for  wrought  iron  for  various  strain  levels  comparing 
RJC  strength  model  results  fEqns  (3)  and  (4))  with  quasi-static  measurements  and  estimates  from 
a  one-dimensional  T  aylor  specimen  model. 


3,4,  Approximate  results  from  a  one-dimensional  analytical  model 

In  some  respects  the  Taylor  impact  test  can  be  approximately  treated  as  a  one-dimen¬ 
sional  system  in  order  to  obtain  closed  form  semi-empirical  expressions  describing 
stress  strain  rate  behavior.  Such  an  expression  was  recently  developed  [15, 16]  and  applied 
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Fig  7.  Plots  of  yield  strength  versus  strain  rale  for  AstraJloy-V*'  steel  for  various  strain  levels 
comparing  RJC  strength  model  results  (Eqns  (?)  and  (4))  with  quasi-static  measurements  und 
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Fig.  8.  Comparison  of  measured  (black  lines)  and  calculated  (dark  gray  triangular  meshes)  deformed 
geometries  of  the  wrought  iron  Taylor  specimens. 
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lo  ihc  metals  of  this  study.  These  calculations  provided  estimates  for  the  yield  strength  at 
high  strain  rates  where  pronounced  strengthening  was  observed,  as  shown  by  the  data 
points  for  various  strain  levels  on  the  right-hand  side  of  Figs  4-7,  Note  that  these 
calculations  were  made  without  assuming  any  functional  form  for  stress  strain  rate  behav¬ 
ior.  Thus,  they  provide  an  independent  check  of  the  optimized  results  obtained  for  the  RJC 
strength  model  as  described  in  the  previous  section. 

There  appears  to  be  a  reasonable  agreement  between  the  RJC  and  one-dimensional 
model  results.  The  one-dimensional  model  tends  to  over  estimate  the  strain  rate  to  some 
degree  because  it  assumes  a  strain  rate  cquitl  to  the  average  strain  rate  during  the  initial 
transient  portion  of  the  impact  event  [15.16].  Since  the  one-dimensional  model  makes 
predictions  of  mechanical  behavior  just  after  the  initiul  transient,  this  may  account  for  some 
of  this  strain  rate  discrepancies  shown  in  Figs  4  7. 

4.  SUMMARY 

The  strain  rate  term  of  the  Johnson  Cook  strength  model  was  revised  to  treat  the 
dramatic  increase  in  yield  strength  exhibited  by  some  ductile  metals  at  high  strain  rates.  The 
revised  strength  model  assumes  that  each  material  has  a  maximum  strain  rate  induced 
increase  in  yield  strength  which  cannot  be  exceeded.  The  RJC  strength  model  has  eight 
material  constants  that  require  evaluation.  An  economical  method  employing  an  optimizer 
was  proposed  to  evaluate  the  material  constants  using  quasi-static  tension  test  and  Taylor 
impact  data.  The  finite  element  code  EPIC  was  modified  and  used  to  reduce  the  Taylor 
impact  data  for  processing  by  the  optimizer.  RJC  model  material  constants  were  evaluated 
for  7075-T6  aluminum,  OFHC  copper,  wrought  iron,  and  a  high-strength  steel  (Astralloy- 
V  ").  The  RJC  model  appears  to  be  capable  of  representing  the  stress  strain  rate  behavior  of 
these  metals  over  a  wide  range  of  strain  rales.  The  RJC  model  ulso  correlates  reasonably 
well  with  yield  strength  estimates  at  high  strain  rules  provided  by  a  one-dimensional  model 
for  Taylor  impact  specimens. 
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Abstract 

Hardened  Astralloy-V®  is  the  material  from 
which  some  armor  plates  for  civilian  and  military 
use  are  made.  In  order  to  assess  the  ballistic 
performance  of  this  material,  we  require  a 
mechanical  characterization  at  strain-rates  exceeding 
104/s.  These  rates  exceed  the  limits  of  conventional 
Split-Hopkinson  Bar  testing.  However,  the  Taylor 
impact  test  achieves  these  rates  with  even  moderately 
low  impact  velocities.  Using  a  new  one-dimensional 
analysis,  proposed  by  one  of  the  authors,  a  high  rate 
description  of  material  behavior  is  possible.  The 
results  of  the  one-dimensional  analysis  are  compared 
with  the  results  obtained  by  modeling  the  Taylor 
specimens  with  the  EPIC  finite  clement  analysis 
axle.  These  methods  may  be  used  to  find  high 
strain-rate  properties  for  other  ductile  materials  and 
their  ballistic  performance  in  vest  gated  in  a  similar 
manner. 

Introduction 

ASTRALLOY-V®  is  a  high  strength  and  high 
hardness  (477  BHN)  steel  that  is  used  in  a  number  of 
applications.  Some  of  the  applications  involve  wear 
resistance,  which  is  the  primary  market  for  this 
product.  However,  ASTRALLOY-V®  has  been  used 
as  armor  plate  in  terminal  ballistics  applications.  To 
understand  and  interpret  the  performance  of  this 
armor  under  impact  conditions,  the  constitutive 
properties  of  the  material  at  strain-rates  comparable 
to  those  observed  in  an  impact/pcnetration  event 
must  be  determined.  This  presents  an  analytical  and 
experimental  challenge. 

The  Split-Hopkinson  Pressure  Bar  is  the  most 
reliable  method  for  obtaining  high  rate  properties1-4. 
However,  it  is  difficult  to  approach  strain-rates  of  the 


order  of  104/s  with  this  test.  The  limitation  is  due  to  the 
wave  speed  in  the  pressure  bars. 

Strain-rates  exceeding  104/s  arc  easily  achieved  in 
the  Taylor  impact  test15.  Even  for  low  impact  velocities, 
relatively  high  strain-rates  can  be  observed.  For  this 
reason,  the  test  is  receiving  more  attention1'10  from 
researchers  and  practicing  engineers  in  the  field. 
However,  the  difficulty  is  the  interpretation  of  the  results. 
In  this  respect,  there  are  two  generally  accepted  methods 
for  interpreting  tat  data:  one-dimensional  models5-10  and 
full  scale  code  calculations"13.  There  are  advantages  to 
both  and  we  will  employ  both  methods  to  interpret  the 
test  data  presented  in  this  paper. 

Tavlor  Impact  Tests 

There  arc  a  number  of  variants  of  Taylor  test 
configuration.  The  one  that  wc  will  employ  is  the 
conventional  rod  against  an  uncompliant  (very  hard, 
essentially  rigid)  target.  In  this  test,  a  cylinder  of 
specimen  material  is  launched  from  a  gun  tube  and 
impacted  normally  against  a  massive  target.  For  the  tests 
discussed  in  this  paper,  the  cylinders  and  target  “faces" 
are  Astralloy-V®. 

Seventeen-caliber  cylinders  with  length  to  diameter 
ratios  of  7.5  and  10  were  impacted  at  a  variety  of  speeds 
ranging  from  187  m/s  to  232  m/s.  The  results  of  these 
tests  are  reported  in  Table  1.  The  normalized  undeformed 
section  lengths  f;  =  1 1  /L  are  the  ratios  of  undeformed 
section  length,  £  { ,  to  initial  length,  L,  for  compressive 
strains  of  3.6%,  5.8%,  11.2%,  and  16.1%. 
corresponds  to  3.6%,  corresponds  to  5,8%, 
corresponds  to  11.2%,  and  £,4  corresponds  to  16.1%. 

ri  =  (L-Sr)/L  is  the  normalized  deformed  length 
Lf  /L  (see  Fig*  1). 
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The  theory  presented  by  Jones,  ct  al10  predicts 
that  the  data  presented  in  Table  1  is  linear  for 
^  VS.  t|  for  sufficiently  high  impact  velocities. 

Figure  2  demonstrates  this  linearity.  The  slope  m 
and  intercept  b  of  these  lines  arc  related  to  the 
particle  velocity,  u ,  behind  the  plastic  wave  front 
and  the  conditions  that  exist  at  the  end  of  the  initial 
transient  that  accompanies  the  shock  at  impact  of  the 
specimen. 

The  key  parameter  in  the  mathematical  model 
is  p ,  where  u  =  Pv .  The  velocity  of  the  back  of 
the  specimen  is  v .  The  modeling  process  assumes 
rigid-plastic  behavior  for  the  specimen  material  and 
the  magnitude  of  p  governs  the  velocity 

discontinuity  at  the  rigid-plastic  interface. 

From  Jones,  ct  al.  ,  the  relationship  between 
the  slopes  of  the  lines  in  Fig.  2  for  the  constant 
compressive  strains,  C ,  is 


e 


In  this  equation,  e = d  q  Jd  ^  - 1  is  the  longitudinal, 

compressive  strain.  The  undeformed  specimen 
diameter  is  d  0  and  the  deformed  specimen  diameter 
is  d .  For  example,  the  17-caliber  specimens  have  an 
initial  diameter  d0  =4.17  mm.  For  a  compressive 
strain  of  5.8%,  d  =  4.30  mm.  For  each  slope  in  Fig. 
2,  the  corresponding  value  of  p  can  now  be 

calculated  directly  with  Equation  (1). 

A  compression  test  on  Astralloy-V®  was 
performed.  The  true  stress/engineering  strain  curve 
is  shown  in  Fig.  3.  From  the  quast-static  yield 
stresses  in  Fig.  3,  the  values  of  P  in  Equation  (1), 
and  the  impact  velocities  in  Table  1,  we  can  estimate 
the  high  rate  properties  of  the  specimen  material. 

Estimation  of  Stresses  and  Strain  Rates 

After  impact,  there  is  a  short  period  of  initial 
trancipnt  behavior.  The  duration  of  this  initial 
transient  is  dependent  on  the  strain  of  the  observed 
wave,  or  bulge,  in  the  specimen.  Lower  strain  waves 
move  much  faster  than  higher  strain  waves. 

The  conditions  that  exist  at  the  end  of  the 
initial  transient  are  denoted  by  bars  over  the  symbol. 
It  can  be  shown10  that  the  normalized  undeformed 
section  length  l  /  L  achieved  at  the  end  of  the 


initial  transient  can  be  related  to  the  final  normalized 
undeformed  section  length  (  £  /  L : 


IJjL 

L  L 


exp 


(l+e)(l-P) 

2eo, 


(2) 


In  this  equation,  crs  =  os(e)  is  the  quasi-static 
compressive  yield  stress  at  the  compressive  strain  c.  The 
uniform  mass  density  of  the  specimen  is  p . 

The  values  of  cts(o)  arc  given  in  Tabic  2.  These 
stresses  arc  taken  from  the  stress-strain  diagram  in  Fig. 
3.  Using  the  data  in  Table  2,  Equation  (2),  and  Table  1, 
the  ratios  ~t  /  L  arc  calculated  for  each  experiment.  The 
results  arc  reported  in  Table  3 . 

In  each  instance,  note  that  i  /  L  remains  virtually 
constant.  This  observation  has  been  used  to  advantage  by 
Jones,  et  al.10,  where  the  quasi-static  stress-strain 
diagram  was  estimated  from  Taylor  test  data. 

Now,  the  maximum  stress  and  maximum  strain-rate 
can  be  estimated  using  formulas  given  by  Jones,  et  al.13 
or  Maudlin,  ct  al.M  and  Jones,  et  al.15: 


OmiX  =  °*  + 


(l  +  e)(l-pf  a 

P  Vq 

e 


(3) 


and 


The  results  are  given  in  Fig.  4,  where  stress  is  plotted  as 
a  function  of  strain-rate  for  the  constant  strains 
considered  in  the  reduction  of  the  experimental  data.  The 
dotted  lines  on  this  figure  indicate,  approximately,  stress 
behavior  for  lower  strain  rates.  The  solid  lines  on  Fig.  4 
are  predictions  made  using  a  Johnson-Cook  strength 
model16.  These  predictions  are  discussed  in  the  next 
section. 

Astralloy-V®  is  a  high  strength  steel  that  has  a 
relatively  low  strain  to  failure  in  tension  as  is  typical  of  a 
high  strength  steel.  This  lack  of  ductility  is  reflected  by 
the  minor  influence  that  strain-rate  has  on  the  total 
stress,  a  .  At  the  highest  strain,  16.1%,  the  increase  in 
stress  at  a  strain-rate  of  approximately  7xl04/s  is  only 
17%  greater  in  magnitude  than  the  quasi-static  yield 
stress  at  the  same  strain. 
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Constitutive  Behavior  Using  A  Computer  Code 

Validating  the  high  strain  rate  constitutive 
results  (Equation  (3))  obtained  from  the  approach 
described  in  the  preceding  sections  of  this  paper  (and 
shown  in  Fig.  4)  is  a  difficult  but  necessary  task.  Tho 
validation  approach  used  here  consisted  of  using  an 
empirical  equation  to  model  the  constitutive 
response.  The  deformed  geometries  of  the  Taylor  test 
specimens  were  used  to  calibrate  the  coefficients  of 
the  empirical  equation.  The  empirical  equation 
applied  here  is  a  commonly  used  one  developed  by 
Johnson  and  Cook16; 

a  =  (c,  +  c2Ep 3  ](l  +  c4  In  ep  )(l  -  T*C5 )  (5) 

where:  the  C,  are  empirical  coefficients,  ep  is  the 
equivalent  plastic  strain,  6  p  is  the  equivalent  plastic 

strain  rate,  and  T*  is  the  homologous  temperature. 

The  empirical  coefficients,  Q,  of  Equation  (5) 
were  determined  by  using  an  optimizer  to  drive  the 
well  known  EPIC  finite  element  code.  This  involved 
applying  an  approach  described  by  Allen  et  al.12, 
where  the  coefficients  are  adjusted  in  an  optimal 
fashion  to  minimize  the  difference  between 
measured  and  calculated  Taylor  specimen  deformed 
geometries.  Seven  Taylor  test  deformed  geometry 
data  sets  were  used  in  the  coefficient  fitting  process 
as  shown  in  Table  4.  As  indicated  in  Table  4, 
average  values  of  the  five  coefficients  of  Equation  (S) 
were  used  for  constitutive  model  validation.  The 
seven  Taylor  specimens  produced  quite  consistent 
sets  of  empirical  coefficients  as  demonstrated  by 
Table  5. 

The  coefficient  fitting  process  is  most  sensitive 
to  the  impacted  end  of  the  Taylor  specimen  where 
compressive  strains,  compressive  strain  rates,  and 
temperatures  are  highest.  Thus,  a  severe  accuracy 
test  of  Equation  (5)  would  be  for  comparison  with 
quasi-static  tension  test  results.  Fig.  5.  From  this 
figure  it  can  be  seen  that,  according  to  Equation  (5), 
the  offset  yield  stress  is  overestimated,  and  the 
ultimate  tensile  stress  underestimated  by  a 
remarkably  small  14%.  Thus,  it  appears  that  the 
coefficients  of  Table  4  with  Equation  (5)  provides  a 
reasonable  representation  of  the  constitutive  behavior 
of  the  Astralloy-V®  material. 

For  comparison  with  previously  derived 
constitutive  results  of  Equation  (3),  Equation  (5)  is 
plotted  on  Fig,  4  (solid  lines)  for  strain  values  of 
3.6%  (lowest  line),  5.8%,  11.2%,  and  16.1% 
(highest  line).  Note  that  the  form  of  Equation  (5)  is 


such  that  these  plots  must  be  linear  on  a  loprithmic 
strain  rate  plot  and  so  the  abrupt  rise  in  stresses  predicted 
at  high  strain  rates  can  not  be  followed.  However,  it  can 
be  seen  that  Equation  (5)  (solid  lines)  attempts  to 
straddle  the  previously  generated  constitutive  results  of 
Equation  (3)  (dotted  lines)  in  Fig.  4.  Thus,  subject  to  the 
constraints  of  the  form  of  the  equation,  the  Johnson-Cook 
predictions  of  Equation  (S)  appear  to  agree  well  with  the 
prediction  of  Equation  (3), 

Conclusions 

For  years  the  Taylor  test  has  been  regarded  more  for 
its  historical  significance  than  its  practical  value.  The 
reason  for  this  is  that  most  analyses  of  the  test  produced 
an  estimate  for  the  “dynamic  yield  stress”  that  was 
unconnected  to  accurate  estimates  for  strain  and  strain- 
rate.  Contemporary  design  considerations  have  created  a 
need  for  accurate  estimates  of  material  behavior  at  strain- 
rates  that  are  difficult  to  achieve  by  any  of  the  accepted 
methods  for  mechanical  testing.  The  Taylor  test  achieves 
rates  that  arc  nearly  an  order  of  magnitude  higher  than 
those  obtained  by  conventional  Split-Hopkinson  Pressure 
Bar  testing.  Thus,  the  Taylor  test  helps  to  fill  the  gap 
between  the  Split-Hopkinson  Pressure  Bar  and  the  ultra 
high  strain-rates  achieved  in  plate  impact  experiments 
(e.g.  Clifton  etal,11). 

A  one-dimensional  interpretation  of  the  Taylor  test 
has  been  shown  to  lead  to  very  satisfactory  conclusions 
reprding  the  material  behavior  of  Astralloy-V®.  This 
metal  is  a  high  strength  steel  that  is  suitable  for  armor 
applications.  In  order  to  understand  its  behavior  in  a 
terminal  ballistics  environment,  however,  its  high  rate 
constitutive  properties  are  required.  Future  efforts  will 
concentrate  on  simulating  the  terminal  ballistic  event  and 
on  further  refining  the  testing  of  the  material. 
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Table  1:  Astralloy-V®  data  for  17  caliber  specimens. 


v0(m/s) 

L(cm) 

T1 

*t 

S2 

$3 

$4 

187 

3.142 

0,943 

0.627 

0.671 

0.741 

0.783 

232 

3.137 

0.917 

0.592 

0.621 

0.683 

0.721 

216 

3.134 

0.927 

0.608 

0.642 

0,704 

0.743 

232 

3.137 

0.921 

0.597 

0.636 

0.697 

0.726 

219 

3.145 

0.930 

0.611 

0.643 

0.707 

0.746 

198 

3.142 

0.939 

0.627 

0.660 

0.731 

0.773 

Table  2:  Material  parameters. 


e 

CTs(e)  (MPa) 

P 

P  (kg/m3) 

-0.036 

-1750 

0.948 

7847 

-0.058 

-1840 

0.900 

7847 

-0.112 

-1930 

0.760 

7847 

-0.161 

-1970 

0.605 

7847 
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Tabic  3:  Normalized  undeformed  section  length  after  the  initial  transient. 


vQ  (m/s) 

1/  L  (e  =  3.6%) 

1/L  (e  =  5.8%) 

1/L  (e  =  1 12%) 

1/L  (e  =  16.1%) 

187 

0.699 

0,757 

0,848 

0.904 

232 

0,700 

0,748 

0.841 

0.899 

216 

0,704 

0,754 

0.843 

0.900 

232 

0.706 

0.766 

0.857 

0.905 

219 

0.710 

0.759 

0,851 

0.908 

198 

0,708 

0.756 

0.851 

0.908 

Table  4:  Johnson-Cook  constitutive  model  coefficients  fit  from  Taylor  test  deformed  geometries. 


VELOCITY  (m/s) 

CONSTANT  3 

CONSTANT  4 

CONSTANT  5 

152" 

1333 

614.1 

0.2301 

0,01531 

1.094 

187 

1471 

637,3 

0.2289 

0,01564 

1.136 

198 

1523 

642.8 

0.2267 

0.01571 

1.131 

216 

1490 

639.8 

0.2261 

0.01570 

1.119 

219 

1662 

633.7 

0.2200 

0.01597 

1.084 

232 

1527 

628,5 

0.2261 

0,01580 

1,106 

232 

1662 

641.3 

0.2217 

0.01598 

1.151 

AVERAGES 

1524 

633.9 

0,2257 

0.01573 

1.117 

Table  5:  Variation  in  Johnson-Cook  coefficients  from  average  values. 


VELOCITY 

(m/s) 

PERCENTAGE  DIFFERENCE  FROM  AVERAGE  I 

CONSTANT  1 

CONSTANT  2 

CONSTANT  3 

CONSTANT  4 

CONSTANT  5 

152 

-12.5 

-3.1 

2.0 

-2.7 

-2.1 

187 

-3.5 

0.5 

1.4 

-0.6 

1.7 

198 

-0.1 

1.4 

0.5 

-0.1 

1.2 

216 

-2.2 

0.9 

0.2 

-0.2 

0.2 

219 

9.1 

0.0 

-2.5 

1.5 

-3.0 

232 

0.2 

-0.9 

0,2 

0.4 

-1.0 

232 

9.1 

1.2 

-1.8 

1.6 

3.0 
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Figure  1:  The  deformed  configuration  of  a  Taylor  specimen. 


0.91  0.92  0.93  0.94  0.96 

T),  SPECIMEN  FINAL  LENGTH/SPECIMEN  INITIAL  LENGTH 

Figure  2:  Plots  of  §  versus  n  for  various  strain  levels. 

American  Institute  of  Aeronautics  and  Astronautics 
D-6 


COMPRESSIVE  * 


1.0E-03  1.0E-C2  1.0E-01  1.0E+00  I.OE+OI  1.0E+02  1.0E+03  1.0E+04  1.0E+05 

COMPRESSIVE  ENGINEERING  STRAIN  RATE  (1/s) 

Figure  4  :  Plot  of  compressive  true  stress  versus  compressive  engineering  strain  rate. 
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Film  data  reduction  from  Taylor  impact  tests 
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Abstract:  A  high-speed  photographic  film  record  of  a  Taylor  impact  experiment  was  analysed  to  determine 
the  strain,  strain  rate  and  stress.  The  stress  was  calculated  on  the  basis  of  an  interpretive  analysis  by  Taylor 
involving  the  motion  of  a  plastic  wave  in  the  material.  The  data  on  drawn  OFE  copper  produced  stresses 
from  300  to  400  MPa,  for  strains  between  0  and  45  per  cent.  The  strain  rate  approximation  produced  a  peak 
value  of  1 1  000  s'  *.  The  strain  rate  data  showed  a  wide  range  of  values  in  the  plastically  deforming  region. 

Keywords;  Taylor  impact  experiment,  dynamic  plasticity,  strain  rate,  OFE  copper,  film  analysis 


NOTATION 

A  cross-sectional  area  of  the  specimen 

D  diameter  of  the  specimen 

e  areal  strain 

e  strain  rate 

h  current  position  of  the  plastic  wave  front 
l  current  length  of  the  specimen 

/  time 

T  temperature 

u  current  velocity  of  the  back  end  of  the  specimen 

v  average  Eulerian  wave  speed  of  the  plastic  front 

£  logarithmic  strain 

a  compressive  stress  magnitude 

p  mass  density 

Subscript 

0  initial  undeformed  geometry 


1  INTRODUCTION 

Continuum  models  developed  to  study  impact  and  explo¬ 
sive  formation  use  constitutive  relationships  to  predict  the 
material  properties.  These  material  models  must  be  cali¬ 
brated  to  a  set  of  data  consistent  with  the  problem  to  be 
studied,  namely  large  plastic  strains  and  high  strain  rates. 
The  strain  rates  found  during  penetration  are  1 05 — 1 06  s"1, 
whereas  the  data  used  to  generate  constitutive  properties 

The  MS  was  received  on  10  November  1998  mid  was  accepted  after 
revision  for  publication  on  15  April  1999. 
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Directorate- A  FRL/MNMW,  101  West  Eglin  Boulevard,  Suite  US,  Eglin 
AFB ,  FL  32542-6810,  USA . 


rarely  exceed  I04s_1,  Here  a  technique  is  described  for 
interpreting  a  high-deformation-rate  experiment  that  will 
provide  constitutive  data  closer  to  the  regime  of  interest. 

In  1948,  Taylor  [1],  Whitten  [2]  and  Carrington  and 
Gayler  [3]  reported  a  test  aimed  at  providing  flow  stress 
information  on  materials  deformed  very  rapidly.  This  high- 
deformation-rate  experiment  is  performed  by  striking  a 
cylindrical  specimen  against  a  massive  anvil.  The  deformed 
specimen  geometry  and  striking  velocity  are  processed 
through  an  interpretive  analysis  to  give  a  flow  stress 
estimate.  Such  experiments  are  referred  to  as  Taylor  impact 
tests.  Taylor’s  analysis  of  the  experiment  employs  a  rigid- 
plastic  idealization  of  the  material  stress-strain  curve.  His 
results  describe  the  material  response  to  impulsive  loading 
with  a  single  parameter,  the  flow  stress.  Such  an  analysis 
lacks  the  ability  to  provide  a  detailed  description  of 
material  properties  since  important  variables  such  as  strain 
and  strain  rate  are  absent.  Other  analyses  formulated  to 
interpret  the  experiment  have  been  generated,  for  example, 
by  Hawkyard  [4]  and  by  Jones  el  al.  [5].  Vet,  these  analyses 
retain  the  rigid,  perfectly  plastic  idealization  found  in 
Taylor’s  original  work. 

In  the  1980s,  the  use  of  high-speed  photography 
significantly  expanded  the  database  for  these  experiments. 
Photographic  records  of  the  deformation  process  have 
offered  an  entirely  new  method  for  interpreting  the  results 
of  the  Taylor  test.  In  the  present  report  it  is  shown  how  the 
film  record  can  be  analysed  to  estimate  the  strain  rate  and 
the  stress-strain  curve  for  the  material  tested. 


2  ANALYSIS 

Figure  l  is  a  schematic  representation  of  three  deformation 
profiles  of  the  same  specimen  photographed  at  different 
times  during  a  Taylor  impact  test.  In  Fig,  la  the  specimen 
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Fig.  1  Specimen  radius  and  strain  at  three  different  times:  (a)  specimen  radius  versus  axial  position;  (b)  specimen 
strain  versus  axial  position 


radius  is  plotted  versus  axial  position  at  the  times  t\%  t2  and 
/3,  where  h>t2>t\.  Here  the  axial  position  is  the 
distance  from  the  anvil  (or  impact)  face.  This  information 
can  be  reduced  from  corresponding  frames  of  the  photo¬ 
graphic  record  of  the  test  using  an  optical  comparator. 

The  optical  comparator,  Dcltronic  model  DM2 14,  is 
designed  to  illuminate  and  magnify  the  profile  geometry  of 
an  object  placed  in  the  lens  viewing  area.  In  this  case, 
instead  of  an  object,  a  strip  of  35  mm  film  is  studied.  The 
enlarged  image  is  projected  on  to  a  ground  glass  screen 
where  horizontal  and  vertical  cross-hairs  aid  in  determining 
spatial  information.  The  film  is  positioned  with  stepping 
motors  that  control  the  ram  bed  of  the  optical  comparator. 
The  current  location  of  the  film  position  identified  by  the 
cross-hairs  is  obtained  via  a  digital  read-out  integrated  with 
the  stepping  motor  controllers.  The  optical  comparator 
provides  spatial  data  in  increments  of  2.5  pm  (0.0001  in). 


Measurement  accuracy  for  the  Taylor  impact  data  will  be 
described  in  a  separate  section  of  the  report. 

In  Fig.  tb  the  information  from  Fig.  la  is  replotted  as  the 
areal  strain  versus  the  axial  position.  Taylor’s  definition  of 
strain 


is  used.  Here  Aq  is  the  cross-sectional  area  of  the  specimen 
prior  to  impact  and  /]  is  the  current  value  at  the  location  of 
e.  Equation  (1)  is  identical  with  Taylor’s  equation  (10)  and 
defines  e  as  being  positive  in  compression.  For  the  case  of 
plane  cross-sections  remaining  plane  and  no  change  in 
density,  e  equals  the  axial  engineering  strain.  For  actual 
tests,  e  closely  approximates  the  axial  strain  everywhere 
except  at  the  anvil  face. 
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Step  I  in  the  construction  of  the  stress-  strain  curve  is  to 
measure  the  change  in  length  of  the  specimen  from  Fig,  la. 
This  enables  the  hack  end  speed  u  to  be  calculated  from 


where  t\  and  / 2  are  the  specimen  lengths  at  the  correspond* 
mg  times  t\  and  /2.  Equation  (2)  gives  the  average  value  of 
u  over  the  interval  from  t\  to  /2.  As  t2  is  selected  to  he 
closer  to  t j  the  average  over  the  interval  approaches  the 
instantaneous  value  at  i\.  On  the  other  hand,  as  A/ becomes 
smaller,  the  separation  between  l\  and  li  approaches  the 
uncertainty  in  the  spatial  measurements.  Therefore,  some 
suitable  compromise  is  required  in  selection  of  the  time 
interval  between  profiles. 

Step  2  in  the  construction  is  to  determine  a  series  of 
plastic  wave  speeds  from  Fig,  lb.  Select  a  convenient  value 
of  <\  say  tj\%  and  note  the  axial  positions  where  that  strain 
occurs  in  the  two  profiles  at  / j  and  Denote  these 
locations  by  h\  and  h 2  respectively.  With  respect  to  the 
anvil  face,  the  strain  has  propagated  a  distance  h2  —  h\ 
during  the  time  interval  h  -  and  so 


t2 


Here  v  is  the  average  Eulerian  wave  speed  for  the  strain 
level  C|  over  the  interval  from  (\  to  r2. 

Another  quantity  of  interest  can  be  calculated  from  Fig, 
lb.  By  drawing  a  vertical  line  through  an  axial  position 
such  as  h\%  the  change  in  strain  e2  -  e\  at  this  position  can 
be  found  for  the  time  interval  h  -  t\.  Thus,  some  ap¬ 
proximation  to  the  strain  rate  there  becomes 


de  €2  -  C) 
d/  ^  h  -  /| 


(4) 


This  is  his  equation  (8).  From  impulse  momentum  con¬ 
siderations 

pAdu  T  v)u  -  o(A  -  An)  (6) 

which  is  Taylor’s  equation  (9).  Here  p  denotes  the  mass 
density  of  the  material  and  a  is  a  compressive  stress 
magnitude.  This  stress  is  associated  with  the  strain  cor¬ 
responding  to  the  change  from  A 0  to  /I,  Using  equation  (5) 
to  eliminate  A  from  equation  (6),  simplifying  and  rearran¬ 
ging  give 

o=p(u  +  v)v  (?) 

In  combination  with  equations  (2)  and  (3),  equation  (?) 
associates  a  stress  o%  with  each  strain  cq.  This  stress  does 
not  explicitly  depend  upon  the  strain  rate  from  equation 
(4). 

lo  construct  a  stress-strain  curve  for  the  specimen 
material,  first  select  two  frames  from  the  photographic 
record  and  determine  u  using  equation  (2)  as  indicated  by 
Fig,  la.  Then  reduce  the  profile  data  to  a  strain  plot  as  in 
Fig,  lb.  From  this  diagram,  several  values  of  e  can  be 
selected,  the  associated  values  of  v  can  be  determined  using 
equation  (3)  and  the  corresponding  values  of  a  can  be 
calculated  from  equation  (?),  These  (e,  a)  pairs  can  then  be 
plotted  to  produce  a  stress- strain  curve  appropriate  to  that 
particular  Taylor  impact  test. 

Application  of  equation  (4)  will  generally  show  different 
strain  rates  at  each  of  the  points  plotted.  This  situation  is  no 
different  from  the  ordinary  pseudo-static  tension  test.  In 
that  test  the  strain  rate  usually  increases  by  at  least  an  order 
of  magnitude  at  the  yield  point,  varies  with  the  rate  of 
strain  hardening  during  plastic  flow  and  increases  further 
as  strain  localization  occurs  during  necking.  This  has  been 
discussed  by  Hamstad  and  Gillis  [6], 


3  EXAMPLE 


This  is  called  an  approximation  rather  than  an  average 
because  e  is  a  Lagrangian  strain  measure  which  is 
embedded  in  the  material.  However,  the  material  located  at 
h[  at  time  t2  is  different  from  that  at  t\ . 

To  obtain  the  stress  associated  with  the  selected  strain  e\ 
and  the  estimated  strain  rate  requires  interpretive  analysis. 
For  any  constitutive  model  of  material  behaviour  of  the 
form  a  =  /(t\  f\  7’)  the  stress  can  be  calculated  from  the 
foregoing  information,  (The  logarithmic  strain  £  is  directly 
calculable  from  the  areal  strain  e  but,  if  the  temperature  is  a 
factor,  iteration  is  required  to  balance  the  temperature  rise 
with  the  plastic  work.) 

In  this  paper  dealing  with  the  Taylor  test,  the  constitutive 
approach  taken  by  Taylor  in  his  original  analysis  of  the 
problem  is  used.  From  conservation  of  mass,  Taylor  writes 

Aq(u  -I-  v)  —  Av  (5) 

SO mn  r  IMectiK  i  W 


The  Taylor  test  used  here  as  an  example,  UK- 145,  is  one  of 
a  series  previously  described  by  House  at  uL  [7]  in  some 
detail.  In  short,  the  specimen  is  hardened  OFE  copper 
initially  7.6  mm  (0,299  in)  in  diameter  and  57,1mm 
(2.25  in)  long.  The  impact  velocity  of  the  specimen  was 
189  m/s.  Figure  2  shows  three  typical  frames  of  the 
photographic  record.  These  images  are  at  33.3,  63.3  and 
79,9  ps.  From  these  frames  the  deformed  specimen  lengths 
can  be  measured  directly  and  from  their  differences  the 
back  end  speed  estimated  using  equation  (2). 

The  diameter  versus  axial  position  data  of  Fig.  2  has 
been  measured  at  approximately  1  mm  intervals  using  the 
previously  described  technique,  reduced  to  the  areal  strain 
e  and  plotted  in  Fig,  3.  For  each  of  the  three  times  a 
relatively  smooth  curve  is  drawn  through  the  data  set. 
Using  the  two  curves  for  33.3  and  63,3  ps,  equation  (3)  is 
used  to  find  values  of  v  for  each  2  per  cent  increment  of 
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Fig.  2  Three  frames  from  the  photographic  record  of  the  Taylor 
impact  test  of  specimen  UK- 1 45.  These  frames  corre¬ 
spond  to  times  of  (a)  33.3  ps,  (b)  63.3  ps  and  (c)  79.9  ps. 
In  the  photographs  the  anvil  face  is  to  the  left  and  the 
specimen  is  moving  in  that  direction.  The  block  (lower 
left  in  each  picture)  is  a  fiducial  establishing  horizontal 
and  vertical  length  scales 


strain  up  to  a  maximum  of  45  per  cent.  Using  v  and  the 
corresponding  u  value  determined  from  Fig.  2,  the  stresses 
are  calculated  using  equation  (7).  The  set  of  (e%  a)  values 
obtained  in  this  way  are  plotted  as  full  squares  in  Fig.  4. 

The  strain  rate  was  approximated  using  equation  (4)  and 
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the  data  in  Fig.  3.  Using  the  two  curves  lor  33.3  and 
63.3  ps,  approximate  strain  rate  values  were  calculated  at 
0.5  min  increments  in  the  range  from  3.5  to  16  mm  from 
the  impact  face.  The  strain  associated  with  the  approximate 
strain  rate  was  assumed  to  be  the  numerical  average  of  c\ 
and  e>.  The  set  of  (<%  e)  values  arc  plotted  as  Ml  triangles 
in  Fig.  4. 

Using  the  two  curves  for  63.3  and  79.9  ps  the  process  is 
repeated  to  generate  the  other  set  of  (e,  a)  and  (e,  v) 
identified  by  open  symbols  in  Fig.  4. 

The  stresses  plotted  in  Fig.  4  are  based  on  two  discrete 
values  of  back  end  speed  it,  For  the  two  time  intervals 
(33.3**63.3  and  63.3-79.9  ps)  the  values  arc  145  and 
123  m/s  respectively.  The  wavefront  speeds  v  arc  listed  in 
Table  1  with  the  corresponding  strain  values.  The  dashed 
line  in  Fig.  4  shows  the  flow  stress  calculated  using  Taylor’s 
original  theory.  The  expression  used  is  Taylor’s  equation 
(22)  involving  the  initial  and  final  projectile  geometries 
and  the  initial  kinetic  energy  of  the  specimen.  The  develop¬ 
ment  of  Taylor’s  equation  (22)  is  based  upon  an  assumption 
of  constant  plastic  wave  speed.  The  resultant  flow  stress  is 
335  MPa. 


4  FILM  MEASUREMENT  ACCURACY 

The  camera  manufacturer  specifies  the  resolving  power  of 
the  camera  based  upon  procedures  established  by  the 
National  Bureau  of  Standards.  These  test  procedures  estab¬ 
lish  distances  between  the  camera  and  the  resolution  target 
consistent  with  the  optics  of  the  camera.  The  manufacturer’s 
claim  for  resolving  power  is  22  line  pairs  per  millimetre,  in 
the  transverse  direction,  and  28  line  pairs  per  millimetre  in 
the  dynamic  direction.  Several  factors  make  it  difficult  to 
correlate  the  accuracy  of  the  film  reduction  technique  with 
the  reported  resolving  power.  These  factors  include  the  lens 
quality,  the  film  granularity  and  contrast,  the  film  proces¬ 
sing,  the  type  of  light  and  how  the  experiment  is  il¬ 
luminated.  To  assess  the  accuracy  of  the  film  reduction 
technique  a  choice  is  made  to  present  an  illustration  that 
gives  some  practical  estimate  of  what  can  be  expected. 

The  photographic  record  of  the  test  SC-06  shows  the 
specimen  just  rebounding  from  the  anvil.  This  frame  is 
shown  here  as  Fig.  5.  From  this  frame  the  specimen  profile 
was  measured  using  the  optica!  comparator.  The  deforma¬ 
tion  profile  of  the  recovered  specimen  was  also  measured 
on  the  optical  comparator.  These  two  profiles  are  super¬ 
imposed  in  Fig.  6.  Comparison  of  the  measured  diameters 
shows  that  the  film  reduction  technique  is  accurate  to 
within  about  0.17  mm  (0.007  in).  The  overall  length  of  the 
specimen  from  the  film  data  reduction  is  15.2  mm 
(0.598  in),  compared  with  the  recovered  specimen  length 
of  14.8  mm  (0.583  in).  On  the  whole,  these  comparisons 
arc  considered  to  show  good  agreement. 

Based  upon  the  uncertainty  in  the  data  of  Fig.  6  an 
analysis  of  the  potential  error  in  the  strain  measurement, 
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Fig.  3  Strain  versus  axial  position  in  specimen  UK- 145  at  the  three  different  times  of  Fig,  2 


reported  in  Fig,  3,  can  be  made.  Rewriting  equation  (l)  in 
terms  of  the  initial  diameter  Dq  and  the  current  diameter  D 
gives 


e  -  1  - 


£5 

D* 


Differentiation  of  equation  (8)  gives 


de  = 


DjdA,  ^dD 
&  Do  D2'  D 


<«> 


(9) 


Substituting  from  equation  (8)  and  rearranging,  equation 
(9)  can  be  written  as 

»0) 

Knowing  the  measurement  uncertainties  for  the  initial 
diameter,  dDo  =  ±0,025  mm  (±0.001  in),  and  the  uncer¬ 
tainty  in  the  measured  diameter  from  the  data  in  Fig.  6, 
d D  ™  ±0.17  mm  (±0.007  in),  the  maximum  magnitude  of 
the  error  in  the  strain  can  be  estimated  using  equation  (10) 
(Fig.  7), 

At  low  strains,  the  uncertainties  in  the  measurements  of 
D  and  Dq  arc  large  compared  with  the  magnitude  of  the 

so  mm  r.  iMedm  iw) 


strain.  The  maximum  error  at  low  strain  is  ±0,05.  As  D 
increases,  the  uncertainties  in  D  and  Dq  remain  constant, 
and  therefore  the  magnitude  of  the  error  at  large  strain 
decreases.  Equation  (10)  also  indicates  that,  if  the  magni¬ 
tudes  of  d£)  and  d£>o  are  constant,  then  the  uncertainty  in 
the  strain,  de ,  wil  be  reduced  if  larger  diameter  specimens 
are  tested.  By  increasing  the  specimen  size  to  12,7  mm 
(0,500  in)  the  maximum  error  is  reduced  to  ±0.03. 


5  DISCUSSION 

The  strain  rates  shown  in  Fig,  4  peak  at  about  104s~3, 
These  peak  rates  are  comparable  in  order  of  magnitude 
with  average  rates  calculated  by  WhitTbn  [2],  Very  much 
higher  rates  would  be  expected  at  the  beginning  of  the 
event,  near  the  impact  end  of  the  rod.  However,  the  frames 
(shown  in  Fig.  2)  selected  for  analysis  were  chosen  for 
computational  convenience  to  be  relatively  widely  separ¬ 
ated  in  time.  Additional  computations  based  on  a  very  high 
framing  rate  (about  106  frames/s)  and  focused  on  initial 
impact  would  be  expected  to  show  a  substantially  higher 
peak  strain  rate. 

Taylor  has  a  plastic  deformation  front  that  propagates 
along  the  rod  as  a  discontinuity  in  cross-sectional  area  and, 
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Table  l  Plastic  wave  speeds 


Velocity  (m/s)  for  the  following  time  intervals 


Areal 

strain 

63.3-33.3  ps 

79.0-63.3  ps 

0.02 

128.3 

1 14.5 

0.04 

123.3 

138.6 

0.06 

126.7 

138.6 

o.ox 

135.0 

138.6 

0.1 

140.0 

135.5 

0.12 

143.3 

138.6 

0.14 

146.7 

138.6 

0.16 

148.3 

135.5 

0.18 

150.0 

141.6 

0.2 

151.7 

135.5 

0.22 

150.0 

138.6 

0.24 

151.7 

1 32.5 

0.26 

150.0 

135.5 

0.28 

150.0 

132.5 

0.3 

146.7 

135.5 

0.32 

148.3 

126.5 

0.34 

143.3 

132.5 

0.36 

143.3 

129.5 

0.38 

136.7 

132.5 

0.4 

133.3 

129.5 

0.42 

128.3 

132.5 

0.44 

125.0 

132.5 

0.46 

1 16.7 

138.6 

One  frame  from  the  photographic  record  of  the  Taylor 
impact  test  of  specimen  SC-06.  In  the  photograph  the 
anvil  face  is  to  the  left  and  the  deformed  specimen  has 
just  begun  to  rebound  to  the  right.  Also  shown  is  the 
obturator  (upper  right)  separating  from  the  specimen  and 
the  fiducial  (lower  left) 
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Fig.  6  Comparison  of  the  deformed  profile  of  specimen  SC-06  as  determined  by  film  analysis  and  by  direct 
measurements 


consequently,  in  areal  strain.  In  such  a  case  the  strain  rate 
would  be  infinite.  In  actuality,  the  strain  rate  must  build  up 
from  zero  ahead  of  the  front  to  some  finite  maximum  value 
and  then  drop  back  to  zero.  Evidence  of  this  behaviour  can 
be  seen  in  Fig.  4,  From  equation  (4)  and  the  information 
gathered  on  the  first  time  interval  (full  triangles)  the 
strain  rate  increases  by  two  orders  of  magnitude  as  the 
strain  varies  from  1  to  30  per  cent.  Above  30  per  cent 
the  strain  rate  is  relatively  constant. 

Decreases  in  rate  at  large  strain  are  not  observed  until 
the  second  time  interval  is  analysed  (open  triangles).  The 
decrease  occurs  in  material  close  to  the  impact  face.  Curves 
of  strain  rate  versus  strain  for  the  two  time  intervals  are, 
otherwise,  remarkably  alike. 

Also  shown  in  Fig.  4  are  stress  versus  strain  results.  For 
the  first  time  interval  (full  squares)  the  stress  given  by 
equation  (7)  initially  increases  as  strain  increases.  At  low 
strains,  the  stress  is  nearly  equal  to  the  quasi-static  yield 
strength  (300  MPa),  As  the  strain  reaches  0,20,  the  stress 
has  increased  to  400  MPa.  Between  the  strains  ot  0.20  and 
0.28,  the  stress  is  nearly  constant.  For  strains  above  0.28, 
the  stress  decreases,  reducing  to  300  MPa  at  a  strain  of 
0,44.  With  the  back  end  speed  u  equal  to  a  constant,  the 
variation  in  stress  must  be  attributed  to  the  change  in  the 
plastic  wave  speed  v  (see  Table  1,  second  column).  Most  of 
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the  stress  values  exceed  that  calculated  from  Taylors 
original  analysis  (335  MPa). 

The  stress  for  the  second  time  interval  (open  squares)  is 
nearly  constant  for  strains  between  0  and  0.20.  Above  a 
strain  of  0,20,  the  stress  decreases  from  315  to  300  MPa. 
These  stress  values  fall  below  those  calculated  using  data 
from  the  first  time  interval,  and  below  that  calculated  using 
Taylor's  original  analysts. 

The  variations  in  stress  calculated  using  equation  (7) 
result  from  the  assumptions  contained  in  the  analysis. 
Taylor  assumes  that  a  plastic-rigid  interface  exists  in  the 
deforming  specimen,  this  interface  being  a  discontinuity  in 
cross-sectional  area.  Material  that  crosses  from  the  rigid 
rod  segment  into  the  plastic  region  is  assumed  to  flow 
instantaneously  to  its  final  position.  The  data  in  Fig,  2  or 
Fig.  3  show  that  this  discontinuity  does  not  exist.  Fur¬ 
thermore,  the  material  particle  velocity  is  not  zero  as  it 
enters  the  plastic  region.  The  particle  velocity  would  have 
some  axial  and  radial  components  that  would  vary  with 
time  in  accordance  with  the  local  stress  state  and 
constitutive  behaviour.  When  the  strain  rate  reaches  a 
maximum  in  Fig,  4,  at  a  strain  of  0.30,  the  radial  velocity 
component  is  for  that  plane  (at  that  time)  reaching  its  peak 
value. 

The  second  assumption  is  that  the  rigid-plastic  interface 
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Strain 

Klg.  7  Maximum  magnitude  of  the  uncertainty  in  the  strain  deduced  from  the  film  analysis 


moves  at  a  constant  speed,  Taylor  makes  this  assumption  in 
order  to  define  the  history  of  the  interface  motion  relative 
to  the  final  dimensions  of  the  recovered  specimen.  The 
velocity  of  the  interface,  v ,  is  eliminated  from  equation  (7) 
in  favour  of  specimen  geometry  parameters  [see  Taylor’s 
equation  (22)].  Ignoring  the  fact  that  the  interface,  as 
defined  by  Taylor,  does  not  exist,  the  data  in  Table  1  show 
that  the  wave  speeds  arc  not  constant.  The  drop  in  stress 
calculated  for  the  second  time  interval  results  from  a  lower 
value  of  back-end  speed  u  and  overall  lower  values  of 
plastic  wave  speeds  v. 

Taylor’s  analysis  that  leads  to  the  dashed  line  in  Fig.  4 
assumes  a  rigid-plastic  material,  i.c.  a  material  having  a 
single  value  of  flow  stress.  This  value  must  naturally  be  an 
average  of  the  varying  values  exhibited  by  a  real  material 
as  strain  and  strain  rates  vary.  As  shown  in  the  figure,  the 
(constant)  Taylor  value  approximately  averages  the  high 
stress  for  early  deformation  and  the  lower  stress  that  occurs 
later. 

Improving  the  constitutive  analysis  of  the  type  developed 
by  Taylor  requires  more  detailed  understanding  of  the 
motion  of  material  inside  the  plastic  zone.  Adding  high¬ 
speed  photography  to  the  experimental  diagnostics  has 
provided  strain  information  with  an  estimate  of  the  strain 
rate.  These  data  alone  provide  insight  into  the  constitutive 
behaviour  by  way  of  the  motion  of  material  in  the  plastic 
zone.  Additional  sources  for  data  arc  experimental  techni- 
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ques  that  track  particle  position  in  the  specimen  and 
analysis  of  the  impact  experiment  using  finitc-clcment- 
based  representation. 


6  CONCLUSIONS 

High-speed  film  data  of  the  Taylor  impact  experiment 
when  properly  analysed  can  provide  additional  information 
on  the  constitutive  properties  of  material  under  high-strain- 
rate  conditions.  Analysis  of  images  from  test  UK- 145  have 
provided  estimates  of  the  stress,  strain  and  strain  rate.  In 
this  report  an  interpretative  analysis  similar  to  Taylor’s  was 
used  to  find  the  stress.  For  the  drawn  OFE  copper  the 
calculated  stresses  ranged  from  300  to  400  MPa.  Approx¬ 
imate  strain  rates  for  the  experiment  were  determined  by 
differencing  strain  profiles  at  different  times.  The  peak 
strain  rate  was  1 1  000  s"  *.  The  strain  rate  data  indicate  that 
a  wide  range  of  rates  occur  in  the  plastically  deforming 
region  of  the  specimen  material. 
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ABSTRACT 

An  ^  elementary  theory  describing  the  Taylor 
Impact  Test  is  revised  in  this  paper  to  utilize  high-speed 
film  data.  This  approach  generates  high  strain-rate  strength 
estimates  for  materials  undergoing  high-speed  deformation. 
First,  film  data  from  the  Taylor  Impact  Test,  at  a  rate  of  H 
million  frames  per  second,  is  reduced  using  computer  image 
analysis.  This  film  data  is  utilized  to  validate  assumptions 
made  about  transient  and  steady  state  impact  behavior  in 
the  deformation  event  The  Clin  data  is  then  used  in  the 
theoretical  model  to  create  strength  estimates. 


The  resulting  strength  estimates  are  validated 
utilizing  post-test  specimen  measurements  in  conjunction 
with  the  EPIC  code,  A  revised  form  of  the  Johnson-Cook 
Strength  model  is  then  utilized  in  the  EPIC  calculations  to 
force  a  match  between  the  calculated  post-test  specimen 
geometry  and  the  actual  post-test  measurements.  The 
dynamic  stress  versus  strain-rate  diagrams  (at  constant 
strain)  developed  from  the  elementary  theory  and  the  EPIC 
code  agree  extremely  well 


LIST  OF  SYMBOLS  AND  ABBREVIATIONS 
P  dimensionless  ratio 


P  specimen  density 

CT  dynamic  stress 

rr  constant  reference  stress 

ry  quasi-static  stress 


A 

4 


current  cross-sectional  area 
initial  cross-sectional  area 


e  compressive  engineering  strain 

h  deformed  section  length 


l  undeformed  section  length 

£  current  specimen  length 

Lq  undeformed  specimen  length 

m  slope  of  a  linear  fit 

S  displacement  of  back  end  of  specimen 

U  velocity  of  the  plastic  wave  front 
V  current  velocity  of  specimen  back  end 

y  initial  (impact)  velocity  of  specimen 
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INTRODUCTION 

The  Taylor  test  (Taylor,  1948;  Whiffen,  1948)  is  a  high 
strain  rate  impact  test,  which  can  produce  strain-rates  of  104  to  10* 
per  second  and  higher.  In  1998,  Jones,  it  a/.,  introduced  an 
elementary  theory  to  describe  the  Taylor  impact  test  This  approach 
described  the  event  as  being  comprised  of  an  initial  transient  phase 
followed  by  a  quasi-steady  state  phase.  This  process  can  be 
modeled  onc-dixnensionally,  especially  for  low  caliber  specimens. 

In  this  paper,  film  of  the  impact  event  is  reduced  to 
validate  several  aspects  of  the  theory  presented  by  Jones,  it  al 
(1998).  In  addition,  the  elementary  theory  is  slightly  modified  to 
udli2e  available  high-speed  film  frames  of  the  event  The  film  data 
can  be  used  in  the  one-dimensional  model  to  produce  dynamic 
strength  estimates  for  the  specimen  material 

An  independent  method  of  validating  the  stress  and  strain 
rates  generated  by  the  one-dimensional  model  is  presented  using  the 
EPIC  code  and  post-test  specimen  measurements.  Rule  and  Jones 
(1998),  outlines  this  approach  in  detail.  The  materia]  properties  can 
be  independently  determined  by  forcing  the  EPIC  code  to  match  the 
post-test  measurements.  These  results  agree  with  those  provided  by 
the  one-dimensional  model  and  the  film  record  very  well 


AN  ELEMENTARY  THEORY 

The  elementary  theory  for  the  Taylor  impact  test  from 
Jones,  it  al  (1998)  is  reviewed  here,  The  theory  is  a  one- 
dimensional  analytical  approach  to  the  impact  event  Specific 
details  of  this  theory  is  available  in  Jones,  it  ai  (1998).  The 
equations  are  modified  to  present  time  to  utilize  the  available  high¬ 
speed  film  data  analyzed  in  this  paper.  This  iteration  is  based  on  a 
continual  effort  to  refine  our  understanding  of  the  impact  event 
(House,  1989;  Jones,  ttaL ,  1987;  Jones,  era/.,  1991;  Wilson,  it  al., 
1989,  Cinnamon,  tt  al%  1991).  The  goal  of  this  effort  is  to  estimate 
the  state  of  stress  of  the  specimen  material  at  high  strain  rates. 

The  impact  event  is  divided  into  two  basic  phases.  The 
first  is  an  initial  transient  phase,  and  the  second  is  a  quasi-steady 
phase  that  includes  the  terminal  transient 

As  detailed  in  Jones,  it  al  (1998),  analysis  of  the  plastic 
wave  front  leads  to  an  equation  of  motion,  which  takes  the  form 

et  =  v-u  =  (\~  fi)v  -  (D 

where  e  is  the  compressive  engineering  strain  on  the  plastic  wave 
front,  l  is  the  current  undeformed  section  length,  V  is  the  velocity 
of  the  undeformed  section,  U  is  the  velocity  of  the  plastic  wave 
front,  and  fl=ulv  (see  Figure  1.).  Dots  over  the  variables  denote 
differentiation  with  respect  to  time.  The  engineering  strain  behind 
the  deformation  front,  e,  can  be  expressed  in  terms  of  the  change  in 
area  across  the  front,  t^(Ac  , where  yJ0and^4  are  the  initial 

and  current  cross-sectional  areas  of  the  specimen,  respectively. 

The  primary  focus  of  Jones,  tt  al  (1998)  was  to  estimate 
the  state  of  stress  for  the  material  from  post-test  measurements.  In 
this  paper,  a  reduction  of  the  high-speed  film  record  taken  during 
the  impact  event  can  provide  this  data  directly.  We  will  return  to  a 
post-test  approach  later  in  this  presentation  to  validate  our  results. 

The  dynamic  stress  behind  the  deformation  front  is  given 
by 


<r«(l-fg)^o  ■¥^—pV1  j  (2) 

where  <r0U  a  constant  reference  stress  andp  is  the  specimen 

density  (Jones,  it  al ,  1998).  The  reference  stress  can  be  calculated 
from 


0) 


where  (Jt  (e)  is  the  quasi-static  stress  at  the  indicated  strain. 

An  estimate  for  the  strain-rate  of  the  deforming  specimen 
at  the  wave  front  based  on  Taylor's  original  estimate  (1948),  takes 
the  form 


W 


This  estimate  is  especially  good  immediately  after  the  initial 
transient  (Jones,  it  al ,  1995).  Equations  (1-4)  form  the  foundation 
for  a  theory  that  allow  us  to  examine  the  Taylor  test  from  a  different 
perspective 


Figure  1.  A  uniform  cylinder  of  length  L0  Impacts  an 

uncompliant  target  with  velocity  v0,  Subsequent 
deformation  Is  modeled  using  undeformed  section 
length,  l ;  deformed  lection  length,  h ;  and  current  rod 
length,  L .  The  displacement  of  the  back  end  of  the 
specimen  is  S . 
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FILM  REDUCTION  OVERVIEW 

la  tuny  of  th«  approaches  to  duo,  the  modab  rely  on  Don 
**  tutmamomM  to  |enu  «tre*th  etmuto.  A  wSu. 
tppoRiouiy  oco  if  £Lm  data  can  b*  uaed  to  analyze  th*  event  ui 
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b  ioo«  Taylor  tens,  higb*«peed  film  data  is  available  to 
ocaatne  the  unpact  event  Details  of  this  can  be  (bind  in  House 
(1919)  and  Wilson,  «  at.,  (1989).  Obtaining  .e.)^  a...  ^  be  a 
thallente.  due  to  the  ligaiEcant  number  of  vartabla  in  the  tent  In 

VTS'  _WLUk*  »x«  Ala  reeond  (SC-102,  OFE  as  received 

Copper)  to  perform  the  ntf.i«vmwin 

The  Elm  data  is  available  at  various  speeds.  This 
pamcular  shot  u*s  taken  at  500.000  frames  per  sacantLA  tvnicai 
hwic  appcazi  m  Figure  2. 


Fleur#  2.  A  typical  frame  from  the  film  record  of  the 
Taylor  Impact  test  The  specimen  la  the  lower  object 
determine  a9»|nst  the  anvil  face  to  the  left.  A  magnet  of 

ter°ca?lbrat*n*IOn  <^duci*,,  *l>r**n  »b°v,  the  specimen 


.  **JS  peas.  lH*  were  Koanod  into  a  compute 

Uis*  higher,  resolution  Available  (1200  pixel*  per  inch}  A 
h«iag  cropped)  turned  out  to  be  about  150  pixels 
oy  1250  pocels.  Obviously  this  conversion  reduces  (be  accuracy  of 
t -*  However,  our  ability  to  measure  this  6u  u 

significantly  cahaacod  when  the  film  dau  U  b  a  digital  fenn. 

Oaco  the  film  is  ia  a  computer  graphics  file, 
aoiunaou  are  possible.  The  measurements  were  made  usiu 
Sciott  Image  for  Windows  (1991  ).  The  process  begins  when  the  pre* 
inpart  garnet  are  measured.  The  calibration  of  the  measurements 
is  the  critical  initial  step.  On  each  frame,  the  vet  cal  length  of  the 
rragnet  is  measured  aad  chocked  the  known  vertical  leagth 

of  the  undeformed  specimen.  By  veiling  these  two  measurement* 
natch  is  a  validatica  of  the  edge  choice.  That  is.  aa  iccovreet  edge 
choice  would  lead  to  sesbg  an  incorrect  plxalsfoch  value  in  the 
venieal  dirocaoa,  aad  thereby  leading  to  ao  erroneous  measurement 
for  the  knows  vertical  length  of  the  specimen.  After  this 
ceasurcaent  was  takes,  the  horizontal  length  of  the  mageet  is 
taken,  seeing  another  pixels/tnch  converxioo  ia  that  direction.  This 
is  aeceasiry  due  to  fact  that  the  film  plane  has  some  distertien 
between  the  vertical  'and  horizontal  directions.  With  these 
calibraaon  tcea sum  cats,  the  software  now  knows  bow  tcany  pixels 
are  in  each  inch  la  each  direction  ■  Image  refers  to  *V« 

difference  as  an  aspen:  ratio. 

At  this  point,  the  saages  can  be  examined  and  to 
concerning  the  impact  can  be  ga^cred.  By  choosing  a  particular 
mgaPc>  of  pixels  ia  the  vertical  direction,  we  can  look  at  the  plane 
wave  at  a  particular  main  value.  Once  we  have  decided  what 
mi&s  to  look  at,  the  measurements  ere  Curly  straightforward. 

Measuring  film  b  this  manner  has  seme  sigmficast 
limitations.  One  of  the  primary  llwintfam  Jj  time  required  to 
*  single  eveaL  The  luthon  were  unable  to  devise  any  form 
of  automatics  that  might  accelerate  the  process. 

Secondly,  as  b  say  image  analysis,  the  topic  of  edge 
defimton  and  the  threshold  values  for  choosing  aa  edge  is 
problematic.  The  fiducial  increases  our  confidence  b  a  reliable  and 
reproducible  technique.  This  dau  reduction  does,  however,  lead  to 
scaaer  b  the  data.  But,  the  results  are  reasonable  give*  the 
limitations  inherent  b  this  optical  approach. 


J™3  «*•«■.**»  J»*a>le  to  calculate  e  rigaiEea, 
cjober  of  the  p*nsaer%  of  istee*.  Figure  3  hiahliehiarwo  < 
a*wt=au  that  ere  available  freta  a  *pec£<=i  Tho 

K '££££?'****  *** *"  “*  “  •* 


film  reduction 

.  Malcag  sieasurescais  tea  the  fit™  **-■».  i*  #  gm 
«W*ani3f  ?roee*».  The  Rep*  we  followed  to  produce  our  mult 
^ere  as  follows. 

*««.  Gia  was  taken  of  be  impact  event.  The  Cerda 
(Tiouse,  1939;  Wilson,  <r  o/.,  1989)  semp  allows  for  £ 
«a<?ue  frmzua  of  data  (although  seme  additional  frames  art 
■ax-able  as  terse  of  the  tonal  frames  arc  overwritten  at  the  end  01 
•  process).  The  film  is  ben  developed  into  slide  scrips  usto 
buccal  wet  fito  deveieping. 


Figure  3.  A  typical  deformed  specimen  with  the 
undeformed  section  length,  t ,  at  a  chosen  strain  level, 
and  the  current  overall  specimen  length  U. 
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RESULTS 

The  first  frames  of  data  provide  us  with  a  verification  of 
the  impact  velocity  and  allow  another  validation  of  our  film 
reduction  techniques.  As  the  deformation  occurs,  we  can  measure 
mushroom  diameter,  the  cross-sectional  area  of  the  mushroom,  and 
plastic  wave  position,  h . 

With  the  cross-sectional  area  of  the  mushroom,  we  can 
calculate  the  total  volume  of  the  mushroom  behind  the  plastic  wave. 
Knowing  this  information,  we  con  calculate  the  position  of  the  beck 
end,  despite  it  being  off  of  the  film  frame.  The  velocity  of  h  is  U  , 
and  the  velocity  of  the  back  end,  i,  is  V. 

One  of  the  primary  assumptions  about  the  transient  phase 
of  this  one-dimensional  analysis  is  that  V  does  not  begin  decreasing 
during  this  phase.  Our  film  analysis  showed  that  this  was,  2a  fact, 
observable  until  about  60  microseconds  into  the  event 


Undcfonacd  Section  Velocity  v.  Tim* 


time  (micro*#*) 


Figure  4.  Undeformed  section  velocity  versus  time. 


Figures  4  and  5  illustrate  the  information  available  from 
film  reduction.  Figure  4  demonstrates  that  the  assumption  that 
V  remains  fairly  constant  for  the  transient  phase  of  the  event  is 
valid.  Figure  5  shows  the  progression  of  the  various  measurements 
during  the  event 

Also  available  from  the  film  measurements  is  a 
verification  of  the  linearity  between  t  lLQ  and  L  /L0  during  the 

impact  This  relationship  was  extensively  used  in  Jones,  it  a/., 
(1998).  Figures  6  and  7  clearly  show  this  linearity  for  both  of  the 
strain  levels  we  investigated  in  this  paper. 

Based  on  these  measurements  from  the  film  data,  we  can 
produce  estimates  of  the  stress  and  strain-rate  during  the  event 
From  Jones,  et  o/.,  (1998),  we  can  use  the  linearity  between 

£ /L0  and  L  fL0  to  compute  the  constant  fi ,  where 

P-\+me  (5) 

and  m  is  the  slope  of  the  linear  fit  between  l /L0  and  L  fL0. 


Figure  5.  Various  measurements  from  the  film  during  the 
Taylor  impact  Test 


Figure  6.  Linearity  of  £/L0  versus  Z/Z0  for  4.85% 
Strain 


At  this  point,  we  can  reduce  equations  (2)  and  (3)  to 


0+00-^)*  2 

o-  =  cr  +- - - — — pv' 

e 


where  <Jt  is  taken  to  be  290  MPa  for  4.85%  strain  and  295  MPa  for 
9.35%  strain,  and  p  is  the  material  density. 

The  strain-rate  can  be  estimated  from  equation  (4).  With 
equations  (4)  and  (6),  we  can  construct  the  stress  versus  strain-rate 
diagrams  for  the  event 

To  provide  a  comparison  to  the  data  generated  from  the 
film  record  and  the  one-dimensional  theory  presented  in  Jones, 
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Igure  T, 


Linearity  of  versus  LILQ  for  t.35% 


« at.,  (1998),  we  consider  the  post-test  analysis  given  to iRrOe and 
I/wm  MOOS'*  This  approach  can  be  summarized  as  a  modihcaticm 

5S1 SjJSomWk  mto>  OdbM»  «*  coot  1«S) » 
Mommodale  bi£b  .»!»•»»  behavior  ot  the  M«L  Mj >  “* 
Jones  (1998),  use  pest-test  measurements  of  Taylor  specimens  an 
as  optimizer  to  farce  toe  EPIC  code  to  reproduce  these  port-** 
measurements  after  modeling  a  known  impact  Wtto  tots  to*ni<g 
a  set  of  empirical  coefficients  can  be  denved  that  allow  tots 
matching  to  post-test  geometry.  These  coeffideats  fotm  toe  basts  of 
there  vised  form  of  the  Johnson-Cool:  strength  model,  whtch  takes 
the  form 


<r»(C,  ■ 


1+C|  Ini*  «-C,(- 


_L - L)l] 

,  -Ini*  C,7 


This  anoroach  was  very  time  consuming.  Developing  a  way  w 

S^tftotodaia  reaction  will  be  one  of  our  next  effort*  to 

continue  analyzing  available  film  data. 


A  complete  explanation  of  toe  empirically  derived  «*>“» 

C  C  *  K  asd  M  can  be  found  in  Rule  and  Jones  (199$).  This 

equation  allows  us  to  generate  an  independent  stress  ywsus  strain- 
Se  diagram  that  can  be  used  for  comparison  with  toe  one- 

dimensional  model.  ^  _  . ,  . . 

Figures  8  and  9  are  toe  result  of  this  comparison.  The 

discrete  data  points  are  those  taken  from  film  frames  and 
using  toe  one-dimensional  model  ’Die  continuous  curve u  ^ 
rerisU  Johnson-Cook  model  described  m  Rule 
toe  same  material.  The  revised  Johnson-Cook  model  does  presenbe 
a  maximum  stress  value  that  does  not  appear  in  these  fi8UI*s_'^ 
The  figures  demonstrate  remarkable  agreement  between 
the  film  reduction  and  the  revised  Johnson^ookmodeLln  aidiu^ 

the  curves  have  the  form  that  we  would  expect,  with  toe  stress 
iyu-p-ating itrflmgHrflHy as strain-rates exceed  10  /*• 

CONCLUSIONS  AND  RECOMMENDATIONS 

to  this  paper,  we  examined  a  technique  to  use  film  of  toe 
Tavlor  Impact  event  to  create  stress  versus  strain-rate  diagrams. 


Figure  8.  Stress  versus  Strain-Rate  at  4.05%  Strain  for 
Copper 


Figure  9,  Stress  versus  Strain-Rate  at  9,35%  Strain  for 
Copper 

Generating  good  film  data  is  another  challenge. 
to  increase  our  resolution  of  the  impact  event  One 
the  lens  on  the  camera  to  effectively  zoom 

front  -  r"*i «  by  assuming  symmetrical  deformation  and  omy 

Sing  aWrid?ofthe 

is  to  find  a  better  optical  scannmg  ?J^„a^elLrast 

the  film  frames.  A  final  way  is  to  fams  on  inaeasmgtaeecoira« 

j££S?S»* i»  to  toto™  «m  Jto  •>■*• 

oaa&aftm  of  aMlieoal  ahaee  ef  °>P!“  "*  “te 


Despite  our  current  limitations,  we  were  able  to  produce 
remarkable  results.  This  approach  Anther  emphasizes  the  vaMty 
end  usefulness  of  the  Taylor  Impact  Test  in  generating  strength 

estimates  at  high  strain-rates. 
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ABSTRACT-  Many  ductile  metals  exhibit  a  large  increase  in  yield  strength  as  a 
critical  high  strain-rate  is  approached.  Modeling  the  performance  of  rapidly 
loaded  structures  constructed  from  such  materials  requires  a  prediction  of  stress 
versus  strain-rate  behavior  that  includes  this  strengthening  phenomenon.  This 
paper  describes  an  approach  to  obtain  a  function  to  predict  high  strain  rate 
behavior  from  a  single  Taylor  impact  test  specimen.  Results  are  provided  for 
OFHC  copper. 

INTRODUCTION:  In  order  to  simulate  many  high-speed  events,  mechanical 
properties  of  the  materials  involved  at  elevated  strain-rates  must  be  found.  For 
example,  impact  and  penetration  problems  frequently  require  the  state  of  stress  at 
strain-rates  exceeding  104/sec.  Acquiring  this  information  is  a  challenging 
problem.  The  most  reliable  method  for  determining  the  state  of  stress  at  high 
strain-rates  is  the  Split-Hopkinson  Pressure  Bar  experiment.  But,  it  is  generally 
acknowledged  that  104/sec  is  the  limiting  strain-rate  for  this  experiment.  At  the 
same  time,  most  metals  are  very  sensitive  to  rate  in  the.  neighborhood  of  104/sec, 
which  makes  testing  difficult. 

The  Taylor  impact  test  (Taylor  [1948])  presents  an  opportunity  to  easily 
achieve  strain-rates  in  excess  of  104/sec.  The  challenge,  in  this  case,  is  reducing 
the  data  to  acquire  mechanical  properties.  Over  the  past  few  years,  this  problem 
has  been  extensively  studied.  The  solutions  fall  into  two  basic  categories:  one¬ 
dimensional  models  (e.g.,  Taylor  [1948];  Hawkyard  [1969];  or  Jones,  et  al  [1997]) 
and  computer-aided  solutions  (e.g.,  Johnson  and  Holmquist  [1988];  or  Rule  and 
Jones  [1998]).  Both  categories  have  their  advantages.  One-dimensional  analyses 
can  predict  the  state  of  stress  with  no  implicit  assumption  about  the  mathematical 
structure  of  the  constitutive  behavior  of  die  material  involved.  However,  there  are 
simplifying  assumptions  to  bring  the  problem  to  one-dimension  and  limits  on  its 
applicability.  The  computer-aided  solution  has  fewer  limits  on  its  applicability, 
but  assumptions  must  be  made  regarding  the  mathematical  structure  of  the 
constitutive  equation  before  any  computation  can  be  made.  In  this  paper,  we  focus 
on  one-dimensional  modeling  and  present  a  new  estimate  for  strain-rate. 
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STRAIN-RATE  ESTIMATE  AND  RESULTS  FOR  OFHC  COPPER: 
Consider  a  Taylor  cylinder  after  the  initial  transient  has  been  completed  (see 
Jones,  et  al  [1991]).  The  velocity-dependent  undeformed  section  length  i  is  given 
by 

l  =  lexpl-  ~  ■  —  (y\  -  v1) »  (1) 

\  2eo,0  J 

where  p  is  the  specimen  density,  e  is  the  engineering  strain  at  the  deformation 
front,  f3  is  a  parameter  related  to  the  velocity  change  across  the  deformation 
front,  v0  is  the  specimen  impact  speed,  v  is  the  current  speed  of  the  undeformed 

section,  and  1  is  the  undeformed  section  length  at  the  end  of  the  initial  transient. 
A  discussion  of  this  result  is  contained  in  Jones,  et  al  [1997].  The  velocity- 
dependent  normal  stress  at  the  deformation  front  is 


<7  =  (1  +  e)\ 


<7*  + 


(i-/0‘ 


pv 


(2) 


where  cr0  is  a  reference  stress  related  to  the  yield  stress  of  the  specimen  material 

at  strain  e.  We  will  use  these  estimates  for  stress  and  undeformed  section  length  to 
produce  an  estimate  for  velocity-dependent  strain-rate. 


Consider  an  increment  At  of  the  undeformed  section  that  is  undeformed 
at  time  t ,  but  is  deformed  at  time  t  + At.  The  velocity  of  the  increment  at  time  t  is 
v,  but  at  time  /  +  At  the  velocity  is  u.  This  means  that  the  change  in  kinetic  energy 
during  this  period  of  time  is 

AKE  - -pA^Aiv7  -  ^-pA^Atu7  =  ^-p^Attf  -  u7) .  (3) 

L  JL  & 

We  assume  that  all  of  the  available  energy  goes  into  deforming  the  specimen 
material  and  that  this  work  Wis  given  by 

W=  £  ode^jiV  =  A<>Al  £  ads  (4) 

where  Vis  the  volume  of  deformed  material  and  e  is  the  longitudinal  engineering 
strain.  The  integral  in  Eqn.  (4)  can  be  transformed  and  approximated  using  the 
mean  value  theorem  and  the  equation  of  motion  for  the  undeformed  section.  The 
equation  of  motion  is 

plv  -  cr0  (5) 

which  means  that 


(6) 


Now, 


[ads  =  r^dt  =  -  (W  -V)cr(v*)^f  (v*)  (7) 

1  *  dt  *  dt  cr0  *  crn  dt 


'0  ~  '-’o 

where  v*  is  a  velocity  between  u  and  v.  Using  this  equation  in  Eqn.  (4),  equating 
the  result  to  Eqn.  (3),  and  solving  for  de/dt(y*)  leads  to 
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£(v.)—£ L_JL±I_ 

(if  2  <7(v*)i(v*) 


(8) 


as  an  estimate  for  the  strain-rate  at  the  deformation  front.  If  we  approximate  v*  by 
(u+v)/2,  the  average  velocity  between  u  and  v,  then  we  can  see  that 


£i(v.)ls — 

efr V  er(v*)/(v*) 


(9) 


or 


f(v)*  1+(b£ipv> 

ecr0 


00) 


where  dependence  on  v*  was  replaced  by  dependence  on  v,  with  no  loss.  Equation 
(10)  is  the  velocity-dependent  strain-rate  estimate. 


A  Taylor  test  was  conducted  using  an  OFHC  copper  specimen  with  the 
properties  shown  in  Table  1.  As  described  previously  (Jones  et  al.  [1997]),  the 
dynamic  properties  determined  for  this  specimen  are  given  in  Table  2. 


Table  1:  OFHC  Copper  Taylor  Specimen  Properties 
Impact  Velocity  -  212  m/s  Initial  Length  -  0.03 14  m 

Initial  Diameter  -  0.00417  m  Density  =  8910  kg/m 

a0  (e  -  -0.036)  -  -292.5  MPa  o0  (e  -  -0.058)  -  -305.7  MPa 

a0  (e  -  -0.1 12)  =  -332.2  MPa 


Table  2;  Dynamic  Properties  of  the  Taylor  Impact  Specimen 
e  1  P 

-0.036  0.0158  0.9434 

-0.058  0.017Q  0.9125 

-0.112  0.019*5  0.8480 


Equations  (2)  and  (10)  were  then  employed  (with  the  data  of  Tables  1  and 
2)  to  calculate  stresses  and  strain-rates,  respectively,  as  a  function  of  undeformed 
section  velocity  v.  The  stress  versus  strain-rate  results  are  shown  in  the  Fig.  below 
for  the  three  strain  levels.  The  undeformed  section  velocity  was  allowed  to  vary 
between  0  and  212  m/s  (initial  impact  velocity)  to  create  these  plots. 

For  comparison,  the  Fig.  below  also  shows  stress  versus  strain-rate  plots 
for  the  Revised  Johnson  Cook  (RJC)  model  obtained  by  Rule  and  Jones  (1998) 
The  RJC  model  results  were  obtained  using  a  hybrid  numencal -experimental 
technique  where  the  EPIC  finite  element  code  was  employed  to  reduce  the  data 
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from  14  Taylor  specimens  (including  the  one  considered  above)  using  an  assumed 
form  for  the  stress  versus  strain-rate  function.  Thus,  the  RJC  results  provide  an 
independent  check  of  the  accuracy  of  Eqn.  (10).  It  is  evident  from  the  Fig.  below 
that  there  is  a  very  good  agreement  between  the  two  models  with  respect  to 
predicting  the  strain-rate  at  which  the  yield  strength  suddenly  increases. 


CONCLUSIONS:  An  efficient  technique  has  been  developed  to  predict  the  strain 
rate  behavior  of  ductile  metals  subjected  to  high  loading  rates.  Complete  stress 
versus  strain-rate  behavior  can  now  be  obtained  from  the  post-test  measurement 
of  a  single  Taylor  impact  specimen.  The  results  obtained  from  the  present 
formulation  for  OFHC  copper  were  found  to  agree  well  with  those  obtained 
previously  from  the  EPIC  finite  element  code  using  the  RJC  model. 
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Optimizing  Material  Strength  Constants  Numerically 
Extracted  from  Taylor  Impact  Data 

by  D.  J.  Allen,  W.  K.  Rule  and  S.  E.  Jones 


ABSTRACT— Advanced  design  requirements  have  dictated  a 
need  for  the  mechanical  properties  of  materials  at  high  strain 
rates.  Mechanical  testing  for  these  data  poses  a  significant 
problem  for  experimentalists.  High-speed  testing  machines 
have  a  limited  capability  at  rates  approaching  102/s.  The  split 
Hopktnson  pressure  bar  is  the  most  reliable  alternative  for 
rates  approaching  I04/$,  Plate  impact  experiments  are  capa¬ 
ble  of  generating  strain  rates  of  i08/s  and  higher.  The  Taylor 
impact  test  occupies  a  place  of  particular  importance  by  pro¬ 
viding  data  at  strain  rates  on  the  order  of  104/s*l0$/s,  The 
issue  at  present  is  extracting  the  data.  This  paper  provides 
a  method  for  obtaining  dynamic  strength  model  material  con¬ 
stants  from  a  single  Taylor  impact  test,  A  polynomial  response 
surface  is  used  to  describe  the  volume  difference  (error)  be¬ 
tween  the  deformed  specimen  from  the  Taylor  test  and  the 
results  of  a  computer  simulation.  The  volume  difference  can 
be  minimized  using  an  optimizer,  with  the  result  being  an  op¬ 
timum  set  of  material  constants.  This  method  was  applied  to 
the  modified  Johnson-Cook  model  for  OFHC  copper.  Starting 
from  a  nominal  set  of  material  constants,  the  iterative  process 
improved  the  relative  volume  difference  from  23,1  percent  to 
4,5  percent.  Other  starting  points  were  used  that  yielded  sim¬ 
ilar  results.  The  material  constants  were  validated  by  com¬ 
paring  numerical  results  with  Taylor  tests  of  cylinders  having 
varying  aspect  ratios,  calibers  and  impact  velocities. 

Introduction 

The  goal  of  this  study  was  to  develop  a  methodology  to  al¬ 
low  a  single  Taylor  impact  test  to  be  used  as  a  simple  and  cost- 
efficient  means  for  obtaining  and  refining  constants  for  dy¬ 
namic  material  strength  models.  The  majority  of  these  mod¬ 
els  contain  several  material  dependent  constants.  Normally, 
these  constants  are  obtained  by  performing  several  compli¬ 
cated  and  sometimes  costly  experiments.  The  methodology 
presented  here  obtains  the  constants  by  minimizing  the  dif¬ 
ference  between  the  displacement  results  of  a  Taylor  impact 
test  and  a  hydrocode  simulation  of  the  event.  The  EPIC  hy¬ 
drocode  was  used  for  this  study. 1,2 

EPIC  treats  plastic  behavior  by  first  assuming  that  stress 
increments  are  elastic  and  then  correcting  for  cases  where 
the  equivalent  (von  Mises)  stress  o  exceeds  the  local  yield 
strength  of  the  materia!  oma3l  as  given  by  the  strength  model. 
The  correction  simply  involves  scaling  the  local  stress  com¬ 
ponents  by  the  factor  oma*  thus  forcing  the  stress  state  to 
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stay  on  the  yield  surface.  Subsequent  iterations  ensure  that 
equilibrium  is  maintained  despite  the  stress  corrections. 

Johnson-Cook  Strength  Model 

The  strength  model  used  in  this  study  was  a  modified  form 
of  the  Johnson-Cook  equation1-4 

-[*  +  *«"]  [**][!  -I""].  (I) 

where  e  is  the  equivalent  plastic  strain  and  i*  =  i/to  is  the 
dimensionless  plastic  strain  rate  (io  *=  1 .0  s~ 1 ).  T*  is  the  ho¬ 
mologous  temperature.  A,  B%  n,  C  and  m  are  five  empirical 
material  constants. 

This  model  was  selected  because  it  is  widely  used  and 
accepted.  It  is  one  of  several  models  available  in  EPIC, 
The  form  of  the  model  was  developed  by  observing  how  the 
strength  of  metals  vary  under  different  loading  conditions,  in¬ 
cluding  a  wide  range  of  strains,  strain  rates  and  temperatures. 
Previously,  test  data  for  calibrating  the  strength  mode!  coef¬ 
ficients  of  different  materials  were  produced  using  torsion 
tests  over  a  range  of  strain  rates,  split  Hopkinson  pressure 
bar  tests  over  a  range  of  temperatures  and  quasi-static  and 
dynamic  uniaxial  tension  tests. 

Many  physically  based  alternatives  to  the  modified 
Johnson-Cook  strength  model  are  available.5*6  Strength  mod¬ 
els  arc  continuously  evolving  in  form  and  complexity, 

Taylor  Impact  Test 

With  materia!  strength  models  becoming  more  complex, 
there  is  a  need  for  simpler  and  more  cost-efficient  ways  of 
obtaining  material  constants.  One  such  way  is  by  using  the 
Taylor  impact  test.  The  Taylor  impact  test  was  performed  in 
the  1940s  by  Sir  Geoffrey  Taylor7  for  the  purpose  of  predict¬ 
ing  the  dynamic  yield  stress  of  materials  subjected  to  high 
strain  rates.  The  test  consists  of  firing  a  cylinder  at  a  fiat, 
rigid  target  at  speeds  high  enough  to  develop  the  strain  rates 
of  interest.  His  theory  used  the  final  deformed  shape  of  the 
cylinder  to  determine  a  dynamic  yield  or  flow  stress  of  die  ma¬ 
terial,  Since  then,  Taylor’s  analytical  theory  has  been  mod¬ 
ified  by  Lee  and  Tupper,8  Hawkyard9  and  Jones,  Gillis  and 
Foster,10 

Recently,  the  Taylor  test  has  also  been  used  to  evaluate 
material  strength  models.3*5*1 1“ 13  The  computational  results 
of  hydrocodes  using  these  models  can  be  compared  to  the 
results  of  a  Taylor  test  to  evaluate  the  effectiveness  of  the 
model’s  form  and  the  accuracy  of  its  coefficients.  This  test 
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Fig.  1—  Schematic  drawing  of  Taylor  test  equipment 


TABLE  1 -NOMINAL  MATERIAL  PROPERTIES  OF  OFHCa 
COPPER  _ _ _ 


(Density  (kg/m1)  •  8062 

Specific  heat  (J/kg*C)  303.4 

Specimen  temperature  (°  C)  21.1 

Melting  temperature  (°C)  1063 

Modified  Johneon-cook  model  constants 

Shear  modulus  (OPa)  46.3 

A  (MPa)  89.6 

B  (MPa)  291.6 

n  (dimensionless)  0.310 

C  (dimensionless)  0.02S 

m  (dimensionless)  1 .090 

Mio-Grunetaon  equation  ol  state  constants 

Kx  (GPa)  137.1 

Kj  (GPa)  175.1 

Ky  (GPa)  *  604.2 

r  (dimensionless)  1.960 

a.  OFHC  ®  oxygen-free,  high-conducting 


provides  the  high  strains  and  strain  rates  necessary  to  eval¬ 
uate  the  model  independently  of  the  tests  used  to  obtain  the 
material  constants. 

Until  now.  the  Taylor  test  has  rarely  been  used  for  ob¬ 
taining  constants  for  material  strength  models.  Johnson  and 
Holmquist14  used  the  Taylor  test  to  determine  constants  for 
both  the  Johnson-Cook  and  Zerilli-Armstrong  models.  Their 
method  used  only  three  dimensions  from  the  deformed  spec¬ 
imen  (length,  maximum  diameter  and  an  intermediate  diam¬ 
eter)  and  was  therefore  only  able  to  predict  as  many  as  three 
constants.  The  method  to  be  presented  here  uses  the  entire 
profile  and  the  length  of  the  deformed  specimen  to  determine 
the  constants.  For  this  reason,  this  method  will  theoretically 
be  able  to  determine  all  constants  in  any  given  strength  model. 

The  Taylor  test  setup  used  for  this  study  is  shown  in  Fig.  I 
and  is  discussed  in  some  detail  by  Allen.13  OFHC  (oxygen- 
free,  high-conducting)  copper  was  selected  as  the  material 
for  the  impact  specimen.  OFHC  copper  is  readily  available, 
commonly  used  in  high  strain  rate  applications  and  can  be 
easily  machined  into  cylinders  of  the  desired  length  and  di¬ 
ameter.  The  primary  specimen  for  use  in  the  study  was  7.87 
mm  in  diameter,  with  an  aspect  ratio  (length:diameter)  of  5:  l. 
This  aspect  ratio  was  chosen  because  specimens  shorter  than 
this  do  not  usually  display  the  complex  curvature  in  the  de¬ 
formation  profile  that  may  be  needed  to  uniquely  determine 
model  constants.  With  longer  specimens,  the  greater  mass 
can  cause  difficulties  in  achieving  high  velocities  without 
fracturing  the  specimens. 

The  deformed  lengths  of  the  Taylor  specimens  were  mea¬ 
sured  using  calipers.  The  deformed  profiles  were  measured 
using  an  optical  comparitor,  which  uses  a  light  source  to  cast 
a  magnified  specimen  shadow  onto  a  viewing  screen.  The 
screen  is  divided  into  the  desired  units  of  measurement  and 
scaled  to  the  magnification  used.  Using  the  optical  compari¬ 
tor,  deformed  profiles  were  measured  to  within  ±0.03  mm. 

Numerical  Model  for  the  Taylor  Impact  Specimen 

A  numerical  model  of  a  Taylor  specimen  requires  specifi¬ 
cation  of  the  following  material  properties:  density;  specific 
heat;  initial,  ambient,  melting  and  absolute  zero  tempera¬ 
tures;  and  constants  describing  (he  strength  model  and  (he 
equation  of  state.  The  material  properties  used  were  ob¬ 


tained  from  the  material  library  included  in  EPIC.  For  this 
study,  only  the  constants  for  the  strength  model  were  mod¬ 
ified.  The  values  of  the  OFHC  copper  properties  used  are 
given  in  Table  1. 

The  Taylor  cylinder  was  modeled  using  three-node,  tri¬ 
angular,  axisymmetric.  solid  elements.  For  simplicity,  the 
target  was  modeled  as  a  rigid,  frictionless  surface.  This  has 
been  the  approach  for  numerically  modeling  the  Taylor  anvil 
in  the  past.  It  is  assumed  that  the  physical  target  is  suffi¬ 
ciently  rigid  and  free  of  friction  to  allow  this  approximation 
to  be  made. 

Mesh  Refinement 

A  mesh  refinement  study  was  performed  to  determine  the 
minimum  number  of  nodes  required  to  converge  to  a  solu¬ 
tion.  The  preprocessor  in  EPIC  automatically  generates  the 
element  mesh  for  an  axisymmetric  model  by  having  the  user 
input  the  number  of  element  rings  in  the  radial  direction  and 
the  number  of  element  layers  in  the  longitudinal  direction. 
The  primary  Taylor  cylinder  was  modeled  six  different  times 
with  the  number  of  element  rings  varying  from  I  to  6.  This 
gave  a  broad  range  of  mesh  densities,  with  the  number  of 
nodes  varying  from  32  to  787.  The  calculated  deformed 
shapes  produced  by  each  of  the  six  meshes  were  compared  to 
measured  results  for  a  Taylor  cylinder  fired  at  197  m/s.  The 
comparison  was  based  on  the  volume  difference  that  will  later 
be  used  to  optimize  the  strength  model  constants.  Because 
volume  difference  was  the  key  index  used  for  assessing  the 
accuracy  of  the  finite  element  results,  it  also  provided  a  good 
index  for  mesh  convergence  and  for  determining  the  end  of 
the  impact  event. 

The  volume  difference  is  the  sum  of  the  longitudinal  vol¬ 
ume  difference  and  the  radial  volume  difference  (which  are 
based  on  profile  and  length  discrepancies,  respectively)  be¬ 
tween  the  physical  test  and  the  finite  element  model.  Before 
determining  the  radial  volume  difference,  the  longitudinal  di¬ 
mensions  of  the  finite  element  model  were  scaled  such  that 
its  total  length  equaled  that  of  the  physical  specimen.  This 
was  done  to  ensure  that  length  discrepancies  did  not  affect 
the  calculation  of  the  radial  volume  difference.  For  the  phys¬ 
ical  specimen,  the  radius  was  measured  every  0.5 1  mm  along 
the  entire  length  using  the  optical  comparitor.  The  finite  cl- 
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Fig.  2— Typical  finite  element  mesh  after  impact 


emem  model‘s  radius  at  each  corresponding  position  was  in¬ 
terpolated  from  a  third-order  polynomial  fit  through  the  four 
nearest  profile  node  positions.  For  each  0.5 1 -mm  slice  of  the 
cylinder,  the  radial  difference  between  the  physical  specimen 
profile  and  the  finite  element  model  profile  forms  a  quadri¬ 
lateral,  The  area  of  the  quadrilateral  was  determined,  and  the 
volume  of  a  ring  generated  by  revolving  this  area  around  the 
longitudinal  axis  was  calculated.  The  volume  of  this  ring  rep¬ 
resents  the  volume  difference  associated  with  the  0,5l-mm 
slice.  The  sum  of  the  volume  differences  (always  consid¬ 
ered  positive)  for  each  of  the  slices  represented  the  radial 
volume  difference  for  the  finite  element  model  When  deter¬ 
mining  the  longitudinal  volume  difference,  it  was  assumed 
that  there  was  essentially  no  plastic  deformation  toward  the 
unimpacted  end  of  the  Taylor  specimen.  Accordingly,  the 
longitudinal  volume  difference  was  given  by  the  length  differ¬ 
ence  between  the  measured  and  numerically  modeled  Taylor 
specimens  times  the  undeformed  cross-sectional  area. 

The  results  of  the  mesh  refinement  study  are  shown  in  Ta¬ 
ble  2.  It  can  be  seen  that  the  mesh  density  did  not  seem  to 
significantly  affect  the  longitudinal  volume  difference  for  the 
models  studied  here.  However,  the  radial  volume  difference, 
and  hence  the  total  volume  difference,  were  greatly  influ¬ 
enced  by  the  mesh  density.  As  the  mesh  density  increased, 
the  volume  difference  decreased  until  three  element  rings 
were  reached,  at  which  point  the  volume  difference  became 
essentially  constant,  indicating  that  the  finite  element  solu¬ 
tion  reached  convergence.  Three  element  rings  were  used  on 
all  subsequent  meshes.  The  effect  of  mesh  density  on  com¬ 
puter  runtime  is  also  shown  in  Table  2.  Figure  2  shows  a 
typical  deformed  three-ring  mesh. 

End  of  Event  Test 

A  Taylor  test  simulation  was  run  where  the  geometry  data 
were  output  every  10  ps,  starting  at  30  ps  and  ending  at  130 
ps.  It  was  found  that  both  the  radial  and  longitudinal  volume 
differences  become  essentially  constant  at  approximately  100 
ps.  Although  this  shows  that  the  event  ends  at  100  ps,  for 
the  remainder  of  the  study,  the  simulation  was  allowed  to  run 
to  130  ps  to  capture  any  end  of  event  time  variances  due  to 
altering  the  strength  model  constants. 

Determination  of  Strength  Model  Constants 

The  method  presented  here  uses' a  complete  second-order 
polynomial  to  describe  how  the  volume  difference  varies  with 


changes  in  the  strength  model  constants.  The  dimensionless 
polynomial  used  was  of  the  following  form: 

Vf  Vo  m  I  +  Cfj.tt  4-  02*2  4-  a j*3  +  04*4  +  Oj.tj 
+  06*1*2  +  07*1*3  +  08*1*4  4“  09*1*5 
4-  0 10*2*3  4-  On  *2*4  4*  a  1 2*2*5  4*  a  i  3*3*4  (2) 

4“  a |4*3*3  48 (5*4*3  +  <*16**  4-0(7*? 

4-  O u* J  4-0 i9*!  4-020*1 , 

where  V  is  the  volume  difference  am!  is  the  baseline 
volume  difference.  The  baseline  volume  difference  is  the 
volume  difference  that  is  obtained  if  the  constants  are  not 
changed  from  their  baseline  values.  The  design  variables  *, 
indicate  percentage  changes  (from  baseline)  in  the  strength 
model  constants,  with  *i,*2»*3«*4  and  *5  corresponding, 
respectively,  to  A,  B%  nt  C  and  m  of  eq  (l). 

Equation  (2)  describes  a  p-dimcnsional  response  surface 
where  p  is  equal  to  the  number  of  strength  model  constants 
to  be  determined.  Response  surfaces  are  commonly  used  in 
optimization  calculations  to  predict  function  behavior  in  the 
vicinity  of  known  functional  values,  A  complete  second- 
order  polynomial  in  p-dimensions  requires  q  coefficients, 
where 

p 

q  =  2p4-^(i  -  l).  (3) 

1*1 

For  this  study  using  eq  (l),  p  =  5  and  thus  q  »  20,  but  these 
vary  for  models  with  differing  numbers  of  strength  model 
constants.  A  second-order  polynomial  was  chosen  because 
it  can  represent  local  minimums  within  the  response  surface. 
Higher  order  polynomials  would  more  accurately  describe 
the  response  surface  but  would  require  a  great  deal  more  data 
to  determine  the  many  additional  polynomial  coefficients. 

To  determine  ct  of  eq,  (2),  q  linearly  independent  values 
of  V/Vq  are  needed.  This  required  q  EPIC  runs  using  dif¬ 
ferent  strength  model  constants  obtained  by  applying  various 
combinations  of*,*  to  span  the  p-dimensional  space.  Equa¬ 
tion  (2)  is  only  valid  in  the  vicinity  of  the  baseline  point  and 
loses  accuracy  at  points  farther  away.  In  this  study,  the  varia¬ 
tions  on  xt  used  to  determine  a  were  initially  limited  to  ±10 
percent. 

Knowing  the  baseline  volume  difference  Vq  and  the  coeffi¬ 
cients  of  eq  (2),  the  V/Vq  ratio  (and  thus  V  the  volume  differ¬ 
ence)  can  be  minimized  by  varying  Xj ’  This  was  conveniently 
accomplished  using  a  spreadsheet  function  (the  Solver  tool 
of  Microsoft^  Excel^),  Of  course,  other  optimization  rou¬ 
tines  could  also  be  used  for  this  purpose.  The  set  of  *,  de¬ 
termined  by  the  optimizer  serves  as  the  initial  point  on  the 
response  surface  for  the  next  iteration  of  the  solution  process. 

To  start  each  iteration,  the  newest  volume  difference  data 
point  (as  selected  by  the  optimizer  at  the  end  of  the  previous 
iteration)  was  incorporated  into  eq  (2)  to  define  a  new  set  of  a. 
One  old  volume  difference  data  point  was  discarded  so  that 
only  the  number  of  data  points  defined  by  eq  (3)  was  used  to 
determine  ct,  The  data  point  discarded  was  that  farthest  from 
the  current  baseline  point  as  determined  by  the  maximum 
distance  dj  determined  by  the  following  formula: 


y  \  (*i,/  *«.ntfw)~* 

i=i 
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TABLE  2— MESH  REFINEMENT  STUOY  RESULTS 


Number  of 
Element  Rings 

Number  of 
Nodes 

Radial  Volume 
Oifferenee 
(mm3) 

1 

32 

357 

2 

103 

290 

3 

214 

205 

4 

365 

203 

5 

556 

197 

6 

787 

192 

where  arc  the  design  variable  coordinates  of  the  new 
baseline  point  (as  determined  by  the  optimizer  in  the  previous 
iteration)  and  x<j  represent  the  percentage  changes  of  the 
yth  data  point  used  to  define  the  previous  response  surface. 
Retaining  the  volume  difference  data  points  nearest  to  the 
new  baseline  point  provides  the  best  possible  description  of 
the  response  surface  in  the  direction  that  the  iterative  process 
is  moving.  Note  that  only  one  new  EPIC  run  is  required  for 
each  response  surface  update. 

An  algorithm  was  devised  to  determine  design  variable 
move  constraints  for  the  optimizer.  Move  constraints  pre¬ 
vented  the  optimizer  from  extrapolating  a  solution  too  far 
from  the  defined  response  surface.  Large  extrapolations  can 
be  inaccurate,  which  can  cause  the  optimization  process  to  di¬ 
verge.  This  algorithm  determined  the  move  constraints  based 
on  how  the  response  surface  was  initially  defined  and  how 
the  actual  V/  V0  (from  an  EPIC  analysis)  compared  with  the 
V/  Vq  predicted  by  eq  (2). 

As  stated  above,  the  response  surface  was  initially  de¬ 
fined  limiting  the  design  variables  to  changes  of  ±  10  percent. 
Then,  for  the  first  iteration,  the  design  variable  changes  were 
constrained  to  remain  in  the  range  of  ±20  percent.  This  rep¬ 
resented  a  1 0-percent  extrapolation  beyond  the  data  points 
used  to  define  the  response  surface.  In  subsequent  iterations, 
the  percentage  change  limits  were  halved  when  the  percent¬ 
age  error  in  the  predicted  volume  difference  [given  by  eq  (2)J, 
as  compared  with  the  results  of  an  actual  EPIC  calculation, 
exceeded  the  move  constraints  of  that  iteration.  This  scheme 
ensured  that  the  response  surface  was  kept  valid  and  allowed 
for  zooming  in  on  the  optimum  in  a  numerically  stable  and 
efficient  fashion. 

The  material  constants  finally  used  to  produce  the  small¬ 
est  possible  volume  difference  are  assumed  to  be  the  best 
material  constants  obtainable  from  the  Taylor  test. 

Test  Case  1— Coefficient  Optimization  Starting 
from  Nominal  Initial  Values 

Initially,  the  nominal  Johnson-Cook  material  strength  con¬ 
stants  provided  by  the  material  library  within  EPIC  for  OFHC 
copper  were  used  to  start  the  optimization  process.  These 
constants  were  given  earlier  in  Table  1.  Although  this  set 
of  constants  was  obtained  specifically  for  this  material,  the 
manufacturing  history  can  cause  the  material  characteristics 
of  OFHC  copper  to  vary  somewhat.  These  nominal  constants 
were  expected  to  provide  reasonably  accurate  results  when 
compared  to  the  Taylor  test  results.  Figure  3  compares  the 
profile  of  the  EPIC  solution  obtained  using  these  nominal 
constants  with  the  experimental  profile  of  the  primary  spec¬ 
imen  (described  previously)  launched  at  214  m/s.  Here,  the 
EPIC  solution  can  be  seen  to  match  the  curvature  changes 


Longitudinal 

Approximate 

Volume 

Total  Volume  , 

(66  MHz  486) 

Difference 

Difference 

Runtime 

(mm3) 

(mm3) 

(min) 

92 

449 

2 

82 

372 

4 

84 

289 

11 

85 

288 

25 

85 

282 

53 

85 

277 

92 

in  the  profile  of  the  measured  specimen.  However,  there  is 
a  considerable  difference  in  the  overall  lengthy  The  volume 
differences  corresponding  to  these  nominal  constants  were 
calculated  to  be  408  mm3.  259  mm3  and  149  mm3  for  the  to¬ 
tal,  radial  and  longitudinal  differences,  respectively.  To  get 
a  sense  of  the  magnitude  of  this  error,  the  relative  volume 
difference  can  be  calculated  by  dividing  the  total  volume  dif¬ 
ference  by  the  final  deformed  specimen  volume  of  1 765  mm3. 
The  relative  volume  difference  was  23.1  percent  for  this  ini¬ 
tial  model  based  on  nominal  values  for  the  material  constants. 

Following  the  methodology  described  above,  20  EPIC 
runs  were  made  to  initially  define  the  response  surface.  The 
initial  array  of  a  was  then  calculated,  and  the  iterative  pro¬ 
cess  was  performed  to  minimize  V/Vq  using  the  above  design 
variable  move  constraint  algorithm.  It  was  necessary  to  per¬ 
form  six  iterations  to  approach  a  local  minimum  as  indicated 
in  Table  3.  The  third  iteration  produced  a  volume  differ¬ 
ence  greater  than  the  preceding  iteration.  This  indicates  that 
the  response  surface  was  inaccurate  in  the  region  of  interest 
for  this  iteration.  The  deformed  physical  specimen  and  the 
EPIC  model  output  using  the  constants  obtained  from  the 
sixth  iteration  are  shown  in  Fig.  4.  The  final  relative  volume 
difference  was  4.5  percent. 

Tost  Case  2 — Coefficient  Optimization  Starting 
from  Calibrated  Initial  Values 

To  define  a  starting  point  independent  of  the  nominal  val¬ 
ues  described  in  the  previous  section,  a  new  set  of  constants 
was  calculated  to  accurately  match  the  results  of  a  quasi¬ 
static  tension  lest  of  OFHC  copper.  Known  values  for  the 
variables  c  (0.2*percent  offset),  e*  (=  1.667  E-4)  and  T*  (= 
0)  were  inserted  into  the  strength  model,  and  then  material 
constants  A  and  B  were  adjusted  proportionally  such  that  the 
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TABLE  3— ITERATION  HISTORY  FOR  MATERIAL  CONSTANTS  OPTIMIZATION  STARTING  FROM  NOMINAL  VALUES 

Iteration 

A 

(MPa) 

B 

(MPa) 

n 

c 

m 

Volume  Dilteranco 
(mm*) 

0 

89,6 

291.8 

0.3100 

0,02500 

1.0900 

408 

1 

107,6 

350.0 

0.2480 

0,02875 

0.8720 

152 

2 

102.4 

385.0 

0.2232 

0.02587 

0.7848 

100 

3 

107,5 

404.2 

0.2120 

0,02718 

0.8240 

103 

4 

104.9 

384.7 

0.2178 

0,02652 

0.8044 

85 

5 

106.2 

389.7 

0.2149 

0,02685 

0.7943 

80 

6 

105,6 

392.1 

0.2136 

0,02702 

0.7893 

80 

Fig,  4 — Comparison  of  measured  and  calculated  Taylor  spec¬ 
imen  profiles  using  calibrated  strength  model  constants 


yield  strength  obtained  from  the  tension  test  (306  MPa)  was 
matched  by  eq  (l).  These  values  were  A  =  258  MPa  and  B  = 
840  MPa.  It  was  observed  that  n,  C  and  m  do  not  change  sig¬ 
nificantly  for  various  alloys  of  the  same  metal  Accordingly, 
these  constants  were  left  unchanged  from  their  nominal  val¬ 
ues  (Table  1).  Using  these  calibrated  material  constants  in 
an  EPIC  run  produced  an  initial  relative  volume  difference 
of  29,3  percent. 

From  this  baseline  point,  V/  Vq  was  minimized  using  eight 
iterations  of  the  response  surface  approach.  The  optimum 
had  a  relative  volume  difference  of  2.8  percent,  somewhat 
less  than  that  of  the  first  analysis.  The  optimal  coefficients 
obtained  for  this  analysis  were  A  =  132  MPa,  B  =  430  MPa, 
n  =0,1 786,  C  a  0.0 1 280  and  m  =  0.558 1 . 

Averaged  Material  Constants 

It  was  initially  thought  that  the  two  apparently  different 
sets  of  optimized  constants  obtained  here  might  indicate  a 
uniqueness  problem.  Ideally,  a  valid  strength  model  should 
produce  a  single  local  minimum  point  in  the  volume  differ¬ 
ence  response  surface.  A  test  was  devised  to  determine  if  the 
two  sets  of  constants  were  independent  of  each  other  or  if 
they  actually  described  essentially  the  same  local  minimum 
on  the  response  surface.  It  was  assumed  that  if  the  two  sets  of 
constants  represented  different  local  minimum  points,  then 
their  mean  values  would  produce  a  set  of  constants  that  would 
be  meaningless  and  would  yield  inaccurate  results  when  used 
to  simulate  the  Taylor  test.  The  mean  values  of  the  two  pre¬ 
viously  obtained  sets  of  constants  were  A  =  1 18,9  MPa,  B  = 
41 1.2  MPa,  n  =  0.1961,  C  =  0,01991  and  m  =  0.6737.  These 
constants  were  used  for  an  EPIC  run  that  yielded  a  relative 
volume  difference  of  only  2.3  percent.  These  averaged  con¬ 
stants  actually  produced  more  accurate  results  than  the  pre¬ 
viously  determined  sets  of  constants.  Because  the  mean  set 


of  material  constants  produced  accurate  results,  it  was  as¬ 
sumed  that  the  first  two  sets  of  constants  actually  described 
the  same  local  minimum  on  the  volume  difference  response 
surface.  Apparently,  the  response  surface  is  relatively  flat  in 
the  vicinity  of  the  local  minimum. 

T#$t  Case  3 — Constrained  Coefficient  Optimization 

Ideally,  one  set  of  material  constants  should  allow  for  ac¬ 
curate  strength  predictions  over  all  possible  plastic  strains, 
strain  rates  and  temperatures.  However,  comprehensiveness 
appears  to  be  too  much  to  ask  of  simple  strength  models. 
This  may  not  necessarily  be  a  problem,  since  the  material 
constants  can  be  fit  for  various  regimes  of  interest  for  the 
material. 

In  the  second  test  case,  the  initial  strength  model  con¬ 
stants  were  adjusted  to  match  the  quasi-static  yield  strength 
obtained  from  a  tension  test.  As  the  optimization  proceeded, 
the  constants  were  altered  to  the  point  where  the  strength  cal¬ 
culated  from  the  model  could  no  longer  reproduce  the  quasi¬ 
static  yield  strength.  To  determine  if  the  constants  for  the 
Johnson-Cook  model  could  be  forced  to  provide  for  the  cor¬ 
rect  quasi-static  yield  strength  and  still  give  accurate  Taylor 
test  results,  a  third  optimization  run  was  conducted  with  A, 
£,  n  and  C  constrained  to  change  such  that  the  quasi-static 
yield  stress  was  always  correctly  predicted.  This  was  easy 
to  impose  with  the  spreadsheet  function.  This  third  material 
constant  optimization  test  case  was  started  from  the  same  set 
of  constants  as  that  of  the  second  optimization  test  case. 

The  final,  optimal,  relative  volume  difference  for  this  third 
test  case  was  9,7  percent.  The  measured  and  calculated  pro¬ 
files  are  compared  in  Fig,  5,  Although  the  fit  of  Fig.  5  was 
not  as  good  as  those  obtained  from  the  first  two  test  cases,  the 
fit  was  quite  remarkable  considering  that  the  constants  used 
to  generate  the  numerical  results  are  forced  to  span  strain 
rates  ranging  over  eight  orders  of  magnitude. 

Material  Constants  Validation 

Previously,  three  sets  of  material  constants  were  obtained 
to  simulate  a  Taylor  impact  test  using  the  primary  OFHC  cop¬ 
per  cylinder  (7.87  mm  in  diameter  with  a  5;  I  aspect  ratio)  and 
an  impact  velocity  of  2 14  m/s.  These  constants  were  found  to 
produce  reasonably  accurate  results  for  this  geometry  and  im¬ 
pact  velocity.  The  accuracy  of  these  material  constants  was 
evaluated  by  simulating  six  different  Taylor  tests  for  which 
experimental  data  were  available.  The  first  two  tests  used 
cylinders  having  the  same  diameter  and  aspect  ratio  as  be¬ 
fore,  but  with  higher  and  lower  impact  velocities.  The  next 
two  tests  used  cylinders  of  the  same  diameter  and  approxi¬ 
mately  the  same  impact  velocity  as  before,  but  having  aspect 
ratios  of  3;  l  and  10: 1.  The  final  two  tests  used  12.7  mm  and 
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TABLE  4— RESULTS  OF  THE  VALIDATION  TESTS 

Test 

Diameter 

(mm) 

Aspect  Ratio 

Impact  Velocity 
(m/s) 

1 

7.87 

5:1 

234 

2 

7.87 

5:1 

182 

3 

7.87 

3:1 

210 

4 

7.87 

10:1 

197 

5 

12.7 

7.5:1 

195 

6 

4.32 

7.5:1 

211 

Relative  Volume  Pilforonce  (%) _ 

Mean  Constants  Physical  Constants 


2.9 
3.2 
5.6 
3.0 

3.9 
3.5 


11.8 

8.8 

14.3 

8.7 

13.1 

10.6 


Fig.  5— -Comparison  of  measured  and  calculated  Taylor  spec¬ 
imen  profiles  using  constrained  strength  model  constants 


4.32  mm  diameter  cylinders  with  7.5:1  aspect  ratios.  Table 
4  lists  the  characteristics  of  the  six  validation  tests. 

The  six  validation  tests  were  run  using  two  sets  of  material 
constants  for  each.  The  first  set  of  constants  was  the  mean  of 
the  first  two  optimization  test  cases  (mean  constants).  These 
were  used  because  they  represent  the  most  accurate  set  of 
constants  obtained.  The  second  set  of  constants  (physical 
constants)  was  the  set  found  from  the  third  test  case.  This 
set  was  used  to  determine  if  material  constants  with  physical 
meaning  (valid  for  the  quasi-static  tension  test)  could  be  used 
to  accurately  simulate  other  impact  conditions.  The  results 
of  the  validation  tests  are  also  listed  in  Table  4. 

Although  none  of  the  results  from  the  validation  tests  using 
the  mean  constants  proved  to  be  as  accurate  as  the  relative 
volume  error  obtained  for  the  primary  cylinder,  they  were 
still  acceptable.  No  pattern  based  on  impact  velocity,  aspect 
ratio  or  caliber  was  found  to  imply  that  the  mean  constants 
yield  more  accurate  results  under  one  set  of  conditions  as 
opposed  to  another.  The  relative  volume  differences  obtained 
from  the  second  and  fourth  validation  tests  using  the  physical 
constants  were  more  accurate  than  the  results  of  the  primary 
test.  However,  none  of  the  results  obtained  with  physical 
constants  were  comparable  to  the  accuracy  obtained  using 
the  mean  constants. 

Summary 

A  new  methodology  was  developed  for  using  the  Taylor 
impact  test  to  obtain  constants  for  material  strength  mod¬ 
els.  This  methodology  uses  the  Taylor  specimen’s  entire  de¬ 
formed  geometry  and  can  theoretically  be  employed  to  deter¬ 
mine  all  of  the  constants  of  any  material  strength  model.  This 
is  accomplished  by  using  a  second-order  polynomial  to  de¬ 
scribe  the  volume  difference  between  a  deformed  Taylor  test 
cylinder  and  a  finite  element  simulation  of  the  test.  This  poly¬ 
nomial  represents  a  response  surface  having  design  variables 


that  are  percentage  changes  in  the  constants  of  the  strength 
model  being  used.  Using  a  spreadsheet  function  (such  as 
the  Solver  tool  of  Microsoft*  Excel*)  or  some  other  opti¬ 
mization  package,  the  volume  difference  can  be  minimized 
by  changing  the  design  variables  to  yield  a  more  accurate  set 
of  material  constants  This  is  repeated  in  an  iterative  scheme, 
using  the  newest  set  of  constants  as  the  starting  point  of  each 
minimization  until  the  volume  difference  cannot  be  further 
reduced.  Use  of  the  methodology  is  illustrated  by  obtain¬ 
ing  material  constants  for  a  modified  Johnson-Cook  model 
of  OFHC  copper. 
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ABSTRACT 

Data  from  high  strength  steel  Taylor  tests  is  reduced  using  a  one-dimensional  model 
developed  by  the  authors  and  a  Revised  Johnson-Cook  strength  model  introduced  earlier  by  two 
of  the  authors.  When  applying  these  methods  to  recovered  specimens,  a  significant  difficulty  was 
encountered.  The  very  limited  deformation  zone  in  the  specimens  provided  such  a  narrow  region 
for  measurement  that  there  was  considerable  uncertainty  in  some  of  the  calculations.  A  further 
difficulty  is  the  very  low  strain  to  failure  for  most  of  the  materials  limited  the  impact  velocities, 
thus  contributing  to  the  narrow  deformation  zone.  A  discussion  of  some  of  the  measurement 
techniques  that  were  utilized  is  included.  The  results  indicate  that  rate  sensitivity  in  all  of  the 
materials  increases  considerably  as  strain  rates  of  10'1  / sec  are  approached. 

INTRODUCTION 

There  are  generally  two  approaches  to  reducing  Taylor  impact  test  data.  These  are  one¬ 
dimensional  analyses  of  post-test  specimens  (Taylor  (1948))  and  computational  analyses  of 
specimen  geometry  (Johnson  and  Holmquist  (1988);  Rule  and  Jones  (1998)).  The  latter  approach 
generally  employs  some  constitutive  model  with  undetermined  constants.  The  specimen 
geometry,  either  current  from  high-speed  film  records  or  from  the  recovered  specimen,  is  used  to 
evaluate  the  unknown  constants  in  the  constitutive  relation. 

Traditionally,  measurements  of  recovered  specimens  have  been  used  to  estimate  the 
“dynamic  yield  strength”  of  the  specimen  material.  This  is  useful  in  some  penetration  models,  but 
has  limited  value  to  material  scientists  because  it  is  not  associated  with  a  particular  strain  or 
strain-rate.  Recently,  a  one-dimensional  theory  was  presented  (Jones  et  al,  (1998))  that  estimates 
the  state  of  stress  with  Taylor  test  data.  The  principal  assumption  behind  this  theory  is  the 
observation  that  the  particle  velocity  behind  the  deformation  front,  w,  is  proportional  to  the 
undeformed  section  speed,  v.  The  results  of  this  analysis  produced  an  estimate  of  the  state  of 
stress  at  strain-rates  in  excess  of  104  /  sec .  These  estimates  agreed  fairly  well  with  a  modification 
of  the  traditional  Johnson-Cook  Strength  Model  given  by  Rule  and  Jones  (1998)  for  four 
different  metals.  With  the  exception  of  quasi-static  compression  data,  only  length  and  diameter 
measurements  from  17  caliber  Taylor  impact  specimens  were  used. 

In  this  paper,  the  one-dimensional  analysis  and  the  Revised  Johnson-Cook  Strength 
Model  are  applied  to  several  high  strength  steels.  The  complication  presented  by  these  materials 
is  very  low  strain  to  failure  due  to  limited  ductility  and  high  strength.  Another  complication  is 
dynamic  buckling  of  some  of  the  lower  caliber  specimens.  This  necessitated  an  increase  in  the 
diameter  in  some  cases.  The  ultimate  purpose  of  the  tests  of  these  materials  is  to  acquire 
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constitutive  data  in  the  high  strain  rate  regime  in  order  to  assist  in  the  simulation  of  hard  target 
penetration  events. 

ONE-DIMENSIONAL  ANALYSIS 

The  one-dimensional  theory  for  estimating  the  state  of  stress  at  high  strain  rates  was 
presented  by  Jones,  ct  al  (1998).  A  short  summary  will  be  presented  here  for  convenience. 
Conservation  of  mass  across  the  plastic  wave  front  is  given  by 


el  =  v-u. 


The  impulse-momentum  equations  applied  at  the  wave  front  leads  to 


and 


pfv 


=  ^0 


<r  =  (l+e) 


<r0+-(v 

e 


-u)2 


(1) 

(2) 

(3) 


Addition  of  the  current  lengths  in  Figure  1  produces  the  kincmatical  equation 

h  +  £  +  .s  =  L0  (4) 


which  applies  to  all  deformed  configurations  of  the  cylindrical  specimen.  Equations  (1-4)  are  the 
basis  for  the  one-dimensional  data  reduction  in  this  paper.  A  complete  discussion  of  development 
of  these  equations  is  contained  in  Jones,  et  al  (1998).  The  nomenclature  for  these  equations  is: 
e<0  is  the  compressive  engineering  strain  behind  the  plastic  wave  front,  l  is  the  undeformed 
section  length,  p  is  the  specimen  density  (assumed  constant  after  the  initial  transient),  cr0  <0  is  a 
reference  compressive  stress  related  to  the  quasi-static  yield  stress  of  the  specimen  material,  and 

h,  t ,  and  s  are  lengths  shown  in  Figure  1 .  .... 

The  fundamental  assumption  that  allows  us  to  integrate  the  differential  equations  is 
u  =  pv,  where  p  is  a  strain  dependent  constant.  We  can  now  integrate  Equation  (1)  directly  and 
to  use  the  results  in  Equation  (3).  The  stress  at  the  plastic  wave  front  then  takes  the  form 


g  =  (1  +  e) 


(i +py  2 
g0+- — —pv 


(5) 


The  state  of  stress  at  a  particular  compressive  strain  e  can  now  be  estimated  with  (5)  and  the 
following  estimate  for  strain  rate 


e  = 


-v 


La  i 


where  one  of  the  integrals  of  motion  can  be  used  to  find  f.  and  express  it  in  the  form 


(6) 
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(7) 


£  e  ^exp< 


lea. 


£  f  exp' 


i  zJL 

2ea0 


In  these  equations,  £  is  the  undeformed  section  length  at  the  end  of  the  initial  transient  period 
(see  Jones,  et  al,  1991)  and  £  f  is  the  undeformed  section  length  at  the  end  of  the  event  when 

v=0.  Together,  (5)  and  (6),  with  (7),  comprise  a  parametric  constitutive  relation  for  the  material 
in  the  parameter  v.  The  reference  stress  a0(e)  can  be  related  to  the  quasi-static  yield  stress  a, (e) 
by  cr,  =  (1  +  e)cr„ ,  which  is  the  limit  as  v  ->  0  in  Equation  (5).  All  that  remains  is  to  estimate  the 
state  of  stress  with  Equations  (5)  and  (6)  is  to  determine  the  parameter  p. 

ESTIMATING  p 

The  technique  devised  by  Jones,  et  al  (1998)  for  estimating  P  from  post-test 
measurements,  utilized  the  integral  of  motion 

L=-lz£!x.+l+lz£-\z£l.  (8) 

e  L0  LQ  e  e  La 

which  is  a  consequence  of  u  =  pv .  Lj  is  the  specimen  length  at  the  end  of  event  and  x  is  the 
displacement  of  the  undeformed  section  at  the  end  of  the  initial  transient.  This  is  the  equation  of 
a  straight  line  in  the  £  ,  I  La ,  Lf  /  L0  plane. 

For  impacts  with  sufficiently  high  velocity,  the  data  from  recovered  specimens  can  be 
used  to  find  the  slope  and  the  intercept  of  this  line.  The  slope  m  =  -(1  ~  P)  I  e  can  be  used  to  find 
P .  Herein  lies  the  difficulty  with  high  strength  steels.  For  a  ductile  material,  such  as  copper,  the 
slope  of  the  line  described  by  Equation  (8)  is  fairly  easy  to  find.  Copper  Taylor  test  data  from  17 
caliber  specimens  is  shown  in  Figure  2.  Notice  that  L{  /  La  ranges  from  0.68  to  0.83.  This  means 

that  the  slope  of  the  lines  corresponding  to  the  indicated  fixed  strains  can  be  found  without  much 
uncertainty  and  minor  measurement  errors  do  not  significantly  affect  the  result.  However,  this  is 
not  the  case  for  high  strength  steels.  The  range  of  Lf  I L0  is  very  narrow.  The  data  presented  in 

Figure  3  is  from  six  impact  tests  with  Astralloy  V®,  a  high  strength  steel  from  which  the  impact 
face  of  the  target  is  fabricated.  Notice  that  Lf  /  L0  ranges  from  about  0.91  to  about  0.94.  Now, 

there  is  a  premium  placed  on  the  accuracy  of  each  data  point  in  the  set,  because  any  uncertainty 
can  influence  the  slope  of  the  line  and  ultimately  the  value  of  p .  These  measurements  were  done 
with  an  optical  comparator.  Despite  the  narrow  range  of  the  data,  there  is  a  very  consistent  linear 
trend. 

For  each  particular  strain,  the  slope  of  the  line  can  be  determined  and  the  corresponding 
value  of  P  can  be  found.  Now,  Equation  (7)  can  be  used  to  find  1  and  the  state  of  stress  in  the 
specimen  material  can  be  estimated  from  the  end  of  the  initial  transient  to  the  conclusion  of  the 
event  with  Equations  (5)  and  (6). 
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THE  REVISED  JOHNSON-COOK  STRENGTH  MODEL 

The  Johnson-Cook  (JC)  strength  model  was  first  proposed  in  1983  and  has  the  following 

form: 


a  =  (c,  +  C2kn  \\  +  C3  In  c*  \\  -  T*M )  (9) 

where:  a  is  the  equivalent  yield  strength,  e  is  the  equivalent  plastic  strain,  6  is  the 
dimensionless  equivalent  plastic  strain  rate  (made  dimensionless  by  dividing  the  equivalent 
plastic  strain  rate  by  a  unit  plastic  strain  rate),  T*  is  the  homologous  temperature,  and  Ci,  N,  and 
M  are  empirical  coefficients  and  exponents. 

Many  ductile  metals  display  an  enormous  increase  in  yield  stress  for  strain  rates  in  excess 
of  103/s  (see  Fig.  1  of  Follansbce  and  Rocks,  1988,  for  instance).  This  observed  behavior 
provided  the  motivation  for  the  development  of  the  revised  Johnson-Cook  (RJC)  strength  model 
(1998)  which  takes  the  form: 


a  =  (C,  +  C/0  '  +  C,  lni%  C4(^^  -  £) 


(l-T*M) 


(10) 


where  C4  and  C5  are  additional  empirical  coefficients. 

The  strain  rate  sensitivity  has  been  enhanced  by  the  term  l/(Cs-lne*)  where  Cj  is  the 
natural  logarithm  of  a  critical  strain  rate  level.  This  term  tends  to  infinity  as  the  strain  rate 
approaches  the  critical  strain  rate.  Note  that  this  strain  rate  sensitivity  enhancement  term 
contribution  tends  toward  zero  for  low  strain  rates  due  to  the  -I/C5  correction  term  in  Equation 
(10). 

The  original  JC  strength  model  provides  for  specifying  a  maximum  value  for  the  yield 
strength.  However,  a  limiting  value  is  usually  not  required  for  high  strain  rate  simulations  since 
the  sensitivity  to  strain  rate  is  relatively  low  (linear  logarithmic  dependence).  However,  the  RJC 
strength  model  as  discussed  to  this  point  predicts  a  physically  untenable  infinite  yield  strength  as 
Jne*  approaches  C5.  To  prevent  this  unrealistic  occurrence  the  RJC  model  simply  assumes  that 
there  exists  a  maximum  value  that  the  strain  rate  sensitivity  factor  in  Equation  (10)  can  attain  for 
each  material  which  can  not  be  exceeded  regardless  of  the  prevailing  strain  and  temperature  state. 

RESULTS 

With  a  premium  placed  on  the  accuracy  of  measurements,  a  laser  micrometer  was  used  to 
determine  the  specimen  profiles  and  the  undeformed  section  lengths.  This  device  was  adopted 
because  measurements  to  an  accuracy  of  5  microns  can  be  achieved.  A  reference  dimension  was 
established  at  the  undeformed  end  of  the  cylinder  and  used  to  calibrate  the  instrument.  Each 
projectile  was  then  mounted  in  a  custom  fabricated  holder  and  placed  into  the  bench  micrometer. 
The  projectile  was  moved  through  the  laser  beam  producing  an  accurate  profile  of  the  cylinder. 
The  profile  geometries  were  used  to  evaluate  the  RJC  constants  (see  Rule  and  Jones,  1998,  for 
the  details)  and  to  determine  the  undetbrmed  section  lengths  at  the  fixed  compressive  strains  of 
5%,  8%,  10%,  and  15%.  These  strain  levels  were  arbitrarily  selected. 
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Three  steels  were  tested:  AF  1410,  4340,  and  ES-I,  an  experimental  steel  ofintercst  to 
the  Air  Force.  The  very  high  strength  of  these  steels  dictated  that  the  data  would  occupy  a  narrow 
range  on  the  abscissa  of  the  graph.  Notice  that  the  data,  although  very  linear,  ranges  from  a  least 
value  of  somewhat  less  than  0.93  to  slightly  greater  than  0.97.  What  complicates  these 
measurements  further  is  the  fact  that  we  have  not  determined  a  minimum  velocity  to  assure  that 
initial  transient  behavior  is  complete.  For  the  one-dimensional  analysis,  this  leaves  us  with  only  a 
few  data  points  because  most  of  the  specimens  fracture  or  buckle  at  the  higher  impact  velocities 
around  200m/s  and  show  very  little  deformation  at  the  lowest  impact  velocities  around  130m/s. 
Figures  4-6  display  the  data  from  the  Taylor  cylinder  tests.  The  slopes  from  these  lines  are  used 
to  find  the  values  of  p  from  which  the  calculations  for  the  estimates  for  the  one-dimensional 

state  of  stress  are  made. 

Before  making  the  high  strain-rate  estimates,  we  can  use  the  test  data  to  estimate  the 
quasi-static  properties  of  the  materials.  This  method  was  proposed  by  Jones,  et  al,  1998,  and 

utilizes  a  very  simple  deformed  specimen  geometry  to  provide  an  additional  relationship  for  (. 


f.  _  h  \~p\  +  e 

4  P  P  e 


with  which  the  quasi-static  flow  stress 


cr.v(e)  = 


2  einyiij)  n 


(ID 


(12) 


can  be  calculated.  When  high  quality  specimens  are  used,  this  formula  generally  produces 
excellent  results.  This  has  been  confirmed  by  published  results  on  OFHC  Copper  and  Wrought 
Iron  by  Jones,  et  al  (1998).  The  slopes  of  the  lines  in  Figure  3  are  used  to  find  the  values  of  p  for 

the  indicated  strains  and  the  intercepts  b  are  used  in  Equation  (1 1 )  to  find  the  estimate  for  t/I^ . 

This  is  then  used  in  Equation  (12)  to  find  the  quasi-static  stresses  for  the  material.  To 
demonstrate  this  process,  we  are  including  the  reduction  of  Astralloy-V®  steel  data  originally 
published  by  Jones,  et  al  (1996)  with  Equations  (11)  and  (12).  In  this  case,  the  0.164  caliber 
specimens  were  provided  by  Astralloy  Wear  Technology  in  Birmingham,  AL,  and  were 
accurately  machined  to  a  tolerance  of  5x1  O'4  in.  Six  specimens  of  ten  survived  the  impact 
without  failing  and  the  results  are  shown  in  Figure  3  and  summarized  in  Table  1.  The  agreement 
with  independent  compression  tests  performed  with  a  testing  machine  and  a  load  cell  is 
remarkable. 

The  data  from  a  series  if  Taylor  impact  tests  on  AF  1410,  4340,  and  ES-1  was  reduced 
with  Equations  (11)  and  (12).  The  recovered  specimens  were  evaluated  at  three  compressive 
strains,  5%,  8%,  and  10%.  These  strains  were  arbitrarily  selected  and  other  strains  could  easily  be 
substituted,  provided  that  they  are  not  too  large.  The  quasi-static  stress  estimates  for  the  three 
materials  are  given  in  Table  2.  Using  these  estimates,  the  high  strain-rate  behavior  of  the 
specimen  materials  can  be  estimated  with  Equations  (5)  and  (6).  The  results  of  the  calculations 
are  shown  in  Figures  7-9.  In  each  case,  the  stress  shows  the  characteristic  increase  in  rate 
hardening  in  the  neighborhood  of  a  strain-rate  of  104  /sec. 


1-5 


Figures  7-9  also  display  the  results  of  RJC  calculations  on  the  same  materials.  In  two 
eases,  data  from  Split-Hopkinson  Pressure  Bar  tests  was  used.  In  one  case,  4340  steel,  the  quasi¬ 
static  estimates  from  Equation  (12)  were  used.  The  only  other  data  used  to  evaluate  the  RJC 
constants  are  the  profiles  of  the  recovered  Taylor  cylinders.  Hence,  there  arc  some  discrepancies 
in  the  limits  as  the  strain-rate  approaches  zero.  We  believe  that  these  discrepancies  are  the  result 
of  uncertainties  in  the  initial  specimen  geometry.  The  quasi-static  estimates  arc  the  averages  for 
all  the  specimens  in  a  particular  material  group.  When  measurements  of  post-test  specimens  are 
made,  it  is  presumed  that  the  initial  diameter  of  the  specimens  is  uniform.  The  machining  of 
some  of  these  specimens  was  not  to  the  strict  tolerance  that  was  specified,  which  was 
±5xl0'4in.  These  specimens  were  hard  steel  and  difficult  to  machine  with  conventional 
equipment.  However,  an  uncertainty  of  0.001  in.  in  a  nominal  diameter  of  0.164in.  is  the 
equivalent  of  more  than  1%  apparent  strain  in  the  specimen.  Still,  the  results  are  good  and  the 
agreement  between  the  RJC  constitutive  model  and  the  one-dimensional  model  is  very 
satisfactory. 

CONLUSIONS 

Data  from  Taylor  tests  of  some  high  strength  steel  penetrator  casing  materials  is  reported 
in  this  paper.  A  typical,  deformed  specimen  is  shown  in  Figure  10.  As  the  reader  can  see,  the 
deformation  zone  is  very  slight  and  not  very  distinct.  For  a  lower  strength  material,  like  OFHC 
copper,  the  deformation  profile  in  the  specimen  is  very  pronounced,  making  measurement  fairly 
direct  by  several  procedures. 

For  the  hard  steel  cylinders  in  this  paper,  only  the  most  accurate  measuring  techniques 
could  be  successfully  applied.  Even  a  modest  uncertainty  in  the  measuring  process  can  produce 
large  uncertainties  in  the  results.  This  is  the  reason  why  the  initial  state  of  the  specimen  is  so 
critical  for  the  lower  caliber  specimens.  Higher  caliber  specimens,  in  the  range  of  30-50  calibers, 
do  not  reflect  the  uncertainty  in  such  a  profound  way.  But,  the  effects  of  radial  inertia  are 
uncertain.  When  high  quality  lower  caliber  specimens  do  not  fail  on  impact  or  dynamically 
buckle,  the  results  are  generally  excellent,  as  reflected  by  the  Astralloy-V®  specimens  described 
earlier.  A  good  “rule  of  thumb”  is  the  correlation  that  is  achieved  by  the  quasi-static  estimates 
with  Equations  (11)  and  (12).  When  this  is  good,  as  it  was  in  the  Astralloy-V®  case,  the  results 
across  the  full  range  of  strain-rates  are  very  consistent.  There  was  scatter  in  the  quasi-static 
estimates  for  the  materials  in  this  paper,  but  their  averages  are  very  much  in  range.  When  all 
things  are  taken  into  consideration,  the  results  presented  in  this  paper  for  high  strength  steels  are 
very  credible. 
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Figure  3.  The  results  of  17-caliber  Astralloy-V®  impact  tests. 
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Figure  6.  The  results  of  ES 1 1mpact  tests. 
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Figure  7.  Comparison  of  1-D  and  RJC  stress  versus  strain  rate  models  for  AF1410  steel. 
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Table  1.  Astralloy  quaal-etatlc  atroas  comparlaon  (MPa). 
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l-D  Model  Data 
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-1930 
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Table  2.  Quaal-atatlc  stress  comparison  (MPa). 
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Taylor  cylinder  testing  is  a  useful  method  for 
obtaining  the  state  of  stress  at  high  strain-rates. 
The  conventional  test  involves  normally 
impacting  a  ductile  metal  against  an 
uncompliant  target.  The  recovered  specimen  is 
measured  and  the  constitutive  properties  of  the 
material  are  deduced  from  the  specimen 
geometry. 

The  test  has  undergone  numerous  modifications 
and  interpretations  since  it  was  proposed  by  C.l, 
Taylor  [1J.  In  this  short  paper,  we  cannot  do 
justice  to  the  many  investigators  who  have 
contributed  to  the  advancement  of  our  present 
understanding  of  the  test,  A  more  complete  list 
may  be  found  in  other  papers,  e.g,  [2J.  Recently 
[3],  a  new  method  for  interpreting  Taylor  test 
data  was  proposed.  This  method  was  applied  to 
ductile  metals  for  which  there  are  recovered 
Taylor  specimens.  The  purpose  of  this  paper  is 
to  demonstrate  that  the  method  can  also  be 
applied  to  "unconventional  materials".  By 
"unconventional,”  we  mean  those  materials  for 
which  a  suitable  Taylor  specimen  cannot  be 
recovered.  Such  materials  are  polymers.  For 
example,  the  mechanical  properties  of  a  dense 
urethane,  adiprene-100,  are  deduced  in  (his 
paper.  In  this  case,  the  recovered  specimen  is 
replaced  by  a  high  speed  film  record  of  the 
impact  event.  The  images  of  specific  frames  are 
digitized  and  all  of  the  information,  generally 
available  only  from  a  recovered  specimen,  can 
be  obtained.  In  fact,  a  single  quality  film  record 
is  capable  of  delivering  the  results  of  numerous 


tests.  Thus,  as  demonstrated  in  [3],  estimates 
for  constitutive  behavior  can  be  achieved  using 
only  measurements  of  specimen  length, 
diameter,  and  velocity.  The  impact  test  was 
performed  at  Eglin  AFB,  FL.,  and  the  digitized 
data  was  reduced  by  Dr.  Paul  J.  Maudlin  and 
Mr.  Eric  Harstad,  Los  Alamos  National 
Laboratory,  and  shared  with  the  authors. 

THEORY 

The  fiuidamcntal  relationship  for  application  of 
the  theory  [3]  is  the  linearity  between  the 
dimensionless  ratios  f  *  l/L  and 
n~(L~s)/L.  Refer  to  Figure  1  for  the 
definitions  of  these  variables. 
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Deformed  and  undeformed  Taylor  specimens.  L  is  the  original 
length,  t  is  the  length  undeformed  section,  a  is  the 
displacement  of  the  undeformed  section. 
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A  typical  digitized  image  of  the  deformed  impact  ipecimat 
The  lower  body  le  Uw  fiducial,  a  etmeture  with  known 
dimemione  which  gtvea  longitudinal  and  lateral  dimmuimta. 

The  dimetuJonleae  ratio*  {  and  tj  plotted  In  Figure  3  for  a 
tuoooaaion  of  different  times  ranging  firom  1 3  ji  sec  to  29  // 
sec. 
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'Hie  variables  are  plotted  for  constant  compressive  strain 
ranging  from  5%  to  30%,  The  results  are  shown  in  Figure  3. 
The  ilope  m  ami  the  intercept  b  of  thcae  line*  we  related  to  the 
particle  velocity  behind  the  plastic  wave  front  and  the 
condition#  that  exist  at  the  end  of  initial  transient  behavior  (see 
reference  (3] ). 

Tto  State  of  Stress  at  High  Strain-Rates 
The  maximum  dynamic  stress  behind  the 
deformation  front  is  given  by 
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at  the  corresponding  maximum  strain-rate 


In  these  equations.  crt  ■  <rt(»)  is  the  static 
stress  in  the  specimen  material  at  strain  t,  vQ  is 
the  impact  velocity  of  the  specimen,  fi  is  a 
parameter  that  can  be  determined  from  the 
slopes  ot  the  lines  in  Figure  3,  (sec  reference 
(3) ),  1  is  the  undeformed  section  length  at  the 
end  of  the  initial  transient,  and  (  is  the  uniform 
specimen  dcusity.  Using  Equations  (2)  and  (3) 
and  the  measurements  taken  from  the  film  data, 
wc  can  estimate  the  state  of  stress  at  high  strain* 
rates.  The  results  arc  shown  in  Figure  4. 
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Dyn«mk  Mxou  and  atndixato  eatimatea  using  Equation*  (2) 
and(3). 
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One  approach  to  the  purification  of  recycled  thermoplastic  mixtures  is  selective 
grinding  to  induce  differences  in  sizes  and  shapes  between  polymers  with  different 
compositions.  These  mixtures  can  then  be  separated  using  one  of  several  technolo¬ 
gies  including  conventional  sieving  or  hydrocyclones.  Recycled  poly(vinyl  chloride) 
and  polyfethylene  terephthalate)  often  are  cross-contaminated  with  each  other 
since  they  have  overlapping  density  ranges  and  are  very  difficult  to  separate  using 
methods  such  as  flotation.  Selective  grinding  followed  by  physical  separation  might 
be  a  preferred  method  for  separating  such  a  polymer  pair  if  processing  **windows* 
for  inducing  differences  in  failure  mechanisms  can  be  found.  There  is  a  temperature 
range  over  which  PET  fails  in  a  ductile  mode  while  FVC  fails  in  a  brittle  mode  for  im¬ 
pact  grinding  experiments.  This  range  is  not  accurately  predicted  by  failure  mecha¬ 
nism  and  p-transilion  temperature  diagrams. 


INTRODUCTION 

lastic  recycling  has  been  gaining  momentum  be¬ 
cause  of  decreasing  landfill  space,  concerns  about 
environmental  contamination,  and  increasing  costs  of 
raw  materials.  Methods  for  producing  high  purity  re¬ 
cycled  materials  are  important  objectives  for  the  com¬ 
modity  plastics  industry.  Simple  and  economical  ap¬ 
proaches  to  plastics  purification  are  separations  based 
on  differences  in  physical  properties,  such  as  density. 
Some  polymer  pairs  have  similar  density  ranges  and 
cannot  be  separated  by  sink-float  technologies.  One 
such  pair  is  polyfvinyl  chloride)  (PVC)  and  polyfethyl¬ 
ene  terephthalate)  (PET),  which  often  appear  together 
in  mixed  chipped  plastic  streams  from  recycled  poly¬ 
mer  bottles.  Several  groups  have  recently  reported  se¬ 
lective  grinding  processes  for  this  pair.  The  selective 
grinding  product  can  be  separated  using  conventional 
screening,  or  methods  based  on  differences  between 
the  acceleration  of  particles  such  as  air  cyclones  or  hy¬ 
drocyclones  (1). 

Fameehon  (2}  has  reported  a  process  for  crushing  a 


blend  of  PVC  and  PET  particles,  resulting  in  mixtures 
with  larger  PET  particles  after  each  operating  stage. 
An  Australian  firm  (3)  has  reported  an  impact  grind¬ 
ing  process  that  also  accomplishes  a  size  difference. 
Streams  rich  in  PVC  particles  are  ground  under  liquid 
nitrogen  at  a  temperature  below  ~100°C,  producing 
PVC  particles  less  than  500  microns  in  characteristic 
size.  A  99%  pure  PVC  product  is  recovered  by  screen¬ 
ing  separation.  These  differences  in  shape  and  size 
are  thought  to  be  based  on  differences  in  the  failure 
mechanisms  between  the  two  thermoplastics  at  the 
grinding  conditions.  Plastics  failing  in  the  brittle  mode 
tend  to  fragment  to  many  particles  of  smaller  size  than 
plastics  failing  in  the  ductile  mode.  However,  predic¬ 
tions  of  the  failure  mechanisms  for  polymers  are  few, 
and  are  rarely  applied  to  grinding  technologies.  Engi¬ 
neering  a  selective  grinding  process,  in  which  one  one 
thermoplastic  would  be  comminuted  at  a  rate  higher 
than  another  or  to  a  different  particle  size  distribution 
than  another,  will  depend  on  identifying  appropriate 
grinding  conditions,  and  on  modeling  the  grinding 
process. 
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RMurth  Approach 

In  general,  the  relationships  between  the  grinding 
conditions,  specifically,  temperature  and  strain  rate, 
and  failure  mechanism  are  not  well -correlated.  The 
following  sequence  of  work  was  used  to  determine  In¬ 
formation  needed  to  develop  selective  grinding  proc¬ 
esses.  Failure  mechanism  dlugrams  based  on  tensile 
and  compressive  tests  were  compared  to  Impact  test 
results  over  a  range  of  conditions  to  Identify  process¬ 
ing  "windows"  In  which  selective  grinding  was  possi¬ 
ble.  Once  differences  In  failure  mechanisms  between 
two  polymers  were  Identified,  grinding  experiments 
were  used  to  determine  a  size  distribution  model  for 
each  thermoplastic.  The  effects  of  processing  condi¬ 
tions,  temperature  and  Impact  rate,  on  the  model  co¬ 
efficients  were  determined,  and  then  were  used  to  en¬ 
gineer  a  selective  grinding  process.  Tills  paper  reports 
the  first  part  of  this  sequence:  the  development  of  fail¬ 
ure  mechanism  diagrams  and  their  comparison  to  Im¬ 
pact  failure  tests  for  the  two  thermoplastics.  PVC  and 
PET. 

Post-consumer  recycled  bottle  chips,  a  likely  feed 
material  for  a  selective  grinding  process,  have  varia¬ 
bility  In  their  homopolymer  properties,  bottle  produc¬ 
tion  conditions,  thickness,  and  thermal  history.  This 
material  was  used  to  test  the  general  concept  of  pre¬ 
dicting  selective  grinding  condlUons  since  it  Is  typical 
of  that  expected  in  an  actual  process.  This  approach 
assumes  that  impact  grinding  fracture  mechanisms 
are  primarily  dependent  on  homopolymer  type. 

FAILURE  MECHANISM  DIAGRAMS 
FOR  PVC  AND  PET 

The  failure  mechanism,  brittle  or  ductile,  determines 
the  size  and  shape  of  the  comminuted  particle.  Brittle 
failure  tends  to  be  catastrophic  without  any  Indication 
of  plastic  deformation  and  usually  leads  to  many  par¬ 
ticles  of  small  size.  Ductile  failure  Is  characterized  by 
yielding  of  the  material,  sometimes  resulUng  in  the 
appearance  of  a  neck.  It  leads  to  long  fibrils  at  the 
failure  surface  and  a  few  large  particles.  Although  the 
glass  transition  temperature  (T^  is  often  used  as  a  ref¬ 
erence  point  for  brittle-ductile  failure  transitions,  it  Is 
not  always  an  accurate  predictor.  Brittle  fracture  usu¬ 
ally  occurs  at  temperatures  below  about  0.8  times  the 
glass  transition  temperature  (Tg).  This  rule  of  thumb 
does  not  apply  to  the  PVC-PET  pair  since  both  have 
Tfl's  near  80°C;  however.  PVC  has  a  brittle  tempera¬ 


ture  of  about  -20°C  for  low  extension  rates,  while  PET 
does  not  have  a  definite  brittle-ductile  transition.  In 
fact.  PET  Is  known  to  exhibit  ductile  behavior  at  cryo¬ 
genic  temperatures  under  some  deformation  condi¬ 
tions  (4).  Other  mechanisms  for  failure  Include  cold 
drawing  and  adlubatlc  heating  (viscous  flow):  neither 
of  these  will  be  considered  for  developing  a  selective 
grinding  process. 

Table  1  compares  some  physical  properties  for  sev¬ 
eral  commodity  polymers  as  well  as  their  tendency  for 
brittle  fracture.  Factors  that  promote  brittle  fracture 
are  low  temperature,  high  loading  (Impact)  rate,  low 
molecular  weight,  high  crosslinking,  low  crystallinity, 
high  glass  transition  temperature,  and  low  polarity 
(4-7).  The  last  five  factors  depend  on  the  polymer 
composition.  Those  factors  available  to  manipulate 
during  grinding  arc  the  polymer  temperature  and  the 
Impact  rate. 

The  brittle-ductile  transition  temperature  of  poly¬ 
styrene  homo-and  copolymers  has  been  studied  In 
tension  (8),  compression  (9)  and  fatigue  (10).  This  tran¬ 
sition  was  found  to  be  temperature  and  rate  depen¬ 
dent.  Weaver  and  Beatty  (10)  related  the  p-relaxatlon 
temperature  to  the  brittle-ductile  transition  tempera¬ 
ture  under  fatigue  failure. 

Shape  differences  between  two  materials  might  be 
induced  by  grinding  If  conditions  were  found  to  frac¬ 
ture  one  In  a  ductile  mode  and  the  other  In  a  brittle 
mode.  Size  differences  should  also  occur  since  the  size 
of  progeny  particles  should  depend  on  the  mode  of 
fracture. 

Ahmad  and  Ashby  (1 1)  developed  tensile  and  com¬ 
pressive  failure  mechanism  diagrams  for  several  ho- 
mopolymcrs.  Their  method  was  used  here  to  develop 
similar  diagrams  for  PVC  and  PET.  Impact  tests  and 
impact  grinding  may  subject  the  specimen  to  both 
tensile  and  compressive  forces.  The  specimen  will  fail 
if  either  of  these  failure  strengths  are  exceeded.  The 
relationships  between  Impact  failure,  and  failure  under 
tension  or  compression  are  not  clear  from  the  previ¬ 
ous  literature.  Kausch  (12)  found  that  the  deformation 
mechanism  for  solid  polymers  under  grinding  is  com¬ 
pressive  yielding,  while  the  mechanism  during  impact 
loading  is  elastic  compressive  and/or  tensile  deforma¬ 
tion.  Prasher  (13)  proposed  that  Impact  failure  should 
be  similar  to  compressive  failure  since  the  chief  differ¬ 
ence  between  impact  and  compression  stress  is  the 
strain  rate.  The  strain  rates  for  conventional  tensile 
and  compressive  tests  are  on  the  order  of  1  s  1  or  less, 


Resin 

Density 

(g/cm3) 

Glass 
Transition 
Temp.  (C) 

Fracture  at 
Cryogenic 

Temp. 

Brittle 
Temp,  (C) 

Crystallinity 

Polarity 

PP 

HDPE 

PVC 

PET 

PS 

-0.90-0.91 

-0.94-0.97 

-1.32-1.40 

-1.33-1.42 

-1.04-1.07 

-20 

-122 

75 

79 

100 

Fractures 

Difficult  to  Fracture 
Easy  to  Fracture 
Difficult  to  Fracture 
Fractures 

<20 

- 150 

- 20 

~90 

High 

High 

Low 

Intermediate 

Low 

Low 

Low 

Polar 

Polar 

Nonpolar 
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rates  for  the  Izod  Impact  test  are  about  100  s’1,  and 
rates  for  Impact  grinding  con  be  10,000  s'1.  Impact 
rates  are  known  to  affect  the  brittle-ductile  transition 
temperature. 

Djmamie  stress  fracture  is  thought  to  Include  four 
steps  (14).  After  Impact,  there  Is  rapid  nueleatlon  of 
microfractures  followed  by  growth  of  the  fracture  nu¬ 
clei.  Adjacent  mlcrofraciures  coalesce,  and  fragments 
or  spalls  then  form. 


Tensile  Failure  Diagrams 


In  ductile  fracture,  the  stress-strain  response  or  the 
material  is  characterized  by  a  drop  in  the  stress  prior 
to  fracture  and  some  necking.  The  theory  of  Eyrlng 
provides  a  reasonable  basis  for  the  description  of  yield¬ 
ing.  The  equation  for  the  yield  strength  in  ductile  fail¬ 
ure  is 


kT 


sinh 


t-i 


U) 


Here  k  is  Boltzmann’s  constant.  Tis  temperature,  u,  is 
the  stress  activation  volume,  H,  is  the  activation  ener¬ 
gy,  R  is  the  ideal  gas  constant,  e  is  the  strain  rate,  and 
e,  is  the  pre-exponential  for  the  strain  rate. 

In  brittle  fracture,  the  stress-strain  response  of  the 
material  is  nearly  linear  up  to  the  breaking  point.  The 
Griffith  criterion  then  provides  a  reasonable  basis  for 
the  description  of  brittle  fracture.  According  to  Williams 
(7),  the  stress  to  cause  brittle  fracture  is  given  by 


<7  “  <7.0 ' 


1  -a 


m 


(2) 


where  the  subscripts  J  and  y  refer  to  the  fracture  and 
yield  stress,  the  subscript  0  refers  to  values  at  0°K,  T 
is  the  temperature,  Tg  is  the  glass  transition  tempera¬ 
ture,  and  am  is  the  temperature  coefficient  of  the  elas¬ 


tic  modulus  (estimated  from  literature  values  (15)), 
Equation  2  has  an  obvious  temperature  dependence 
but  is  also  strain-rate  dependent  through  the  occur¬ 
rence  of  the  yield  stress,  o„. 

A  tensile  failure  diagram  can  now  be  constructed  in 
the  following  way.  At  various  strain  rates  and  temper¬ 
atures,  Eqs  1  and  2,  respectively,  predict  ductile  and 
brittle  failure  stresses.  For  each  set  of  conditions,  the 
failure  mode  having  the  lower  stress  will  prevail.  In 
Fig,  1,  tensile  failure  strength  is  plotted  vs.  tempera¬ 
ture  for  three  different  strain  rates.  Values  of  all  con¬ 
stants  correspond  to  PVC  ( Tables  2  and  3).  At  each 
strain  rate,  there  is  a  transition  temperature  below 
which  failure  is  brittle  and  above  which  failure  is  duc¬ 
tile.  This  temperature  appears  as  the  break  in  slope  in 
the  strain-temperature  curve.  Table  4  compares  pre¬ 
dicted  brittle-ductile  transition  temperatures  for  ten¬ 
sile  failure  to  literature  measurements. 

The  three  pairs  of  transitions  temperatures  are 
noted  from  Fig.  1  and  listed  in  Table  4.  They  are  then 
plotted  in  Fig.  2,  showing  log  strain  versus  tempera¬ 
ture.  In  this  strain  rate  versus  temperature  space, 
they  partially  map  the  brittle-to-ductile  failure  bound¬ 
ary.  At  low  temperatures  or  high  strain  rates,  brittle 
failure  occurs;  at  high  temperatures  or  low  rates,  duc¬ 
tile.  For  simplicity  the  three  transition  points  are  con¬ 
nected  by  line  segments  to  approximate  the  entire 
boundary.  The  region  to  the  right  of  this  boundary 
consists  of  temperature-strain  rate  combinations  ex¬ 
pected  to  produce  ductile  failure;  to  the  left,  brittle 
failure. 

This  procedure  is  repeated  for  PET.  Tensile  failure 
strength  is  plotted  versus  temperature  in  Fig.  3  for  the 
same  three  strain  rates  as  above.  The  transition  tem¬ 
peratures  are  tabulated  in  Table  4  and  plotted  in  Fig. 
4  to  define  the  brittle-ductile  transition  in  tempera¬ 
ture-strain  rate  space.  However,  from  Fig.  2,  the  tran- 


Fig,  1.  Tensile  failure  mechanism 
diagram  for  PVC. 
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Table  2.  Constants  for  Tonsil*  Yitld  Bshsvlor  Modol. 


Polymer 

v,  (m5) 

v,  (m») 

Ht  (J/mol) 

H,  (J/mol) 

«•*  <•"*) 

PVC 

PET 

3.1  X  10-*' 

1.21  x  10” 

2.15  X  10  ” 

0.86  X  10  ” 

2.95  X  10» 

1.86  x  10» 

6.86  X  10* 
7.15  X  104 

1.0  x  10s* 

1.26  X  10” 

2.35  X  10* 

1.94  x  10'4 

PVC  data  from  Onowana  Crownt  ai  at.  (16). 
PET  tfau  from  Pool  at  at.  (1 7). 


Table  3.  Constants  for  Tonsil*  Brittle  Behavior  Model. 


Polymor 

T,(*K) 

am 

at,o  (MPs) 

ffy,o  (MPa) 

E.(QPa) 

PVC 

PET 

352 

337 

0.295* 

0.295* 

127» 

282» 

190* 

369° 

9.94<» 

10.0* 

"Ataumod. 

*Ea«matad. 

•Calculated  from  E  -  Eq  '  j1  ■°«  ’  ) 

^Extrapolated,  uaing  data  from  Polymar  Handbook  ( 1 6). 
•Obtained  Irom  EDD  Oalabaoa  (16). 


sition  boundary  for  PVC  is  added  to  the  plot  for  PET. 
Now  there  is  a  region  between  the  two  boundaries  in 
which  PET  Is  expected  to  fall  in  a  ductile  mode  and 
PVC  In  a  brittle  mode.  That  Implies  a  range  of  temper¬ 
ature-strain  rate  conditions  over  which  these  two 
polymers  should  fall  in  different  modes  and  might  be 
separated  as  described  above. 

The  shape  of  the  potential  processing  window 
shown  in  Fig.  4  is  interesting.  It  suggests  that  the  re¬ 
quired  process  be  at  a  carefully  controlled  tempera¬ 
ture  (±25°C),  but  that  wide  latitude  Is  allowed  in  the 
deformation  rate.  The  exact  location  of  the  window  de¬ 
pends  on  the  accuracy  of  Eqs  1  and  2,  and  the  accom¬ 
panying  mechanical  property  constants  of  Tables  2 
and  3.  For  example,  a  20%  Increase  in  the  value  of  the 
brittle  failure  stress  at  0°K  would  decrease  the  transi¬ 
tion  by  as  much  as  75°K  for  PET  or  200°K  for  PVC  (21). 
While  these  curves  may  not  be  perfectly  correct,  they 
do  suggest  a  window  exists,  and  they  suggest  a 
regime  in  which  to  look  for  it. 

Compressive  Failure  Diagrams 

In  some  processing,  failure  may  occur  under  com¬ 
pression.  The  same  sort  of  procedure  can  be  used  to 
construct  compressive  failure  diagrams.  The  compres¬ 
sive  failure-mechanism  behavior  was  modeled  using 
Eqs  3  and  4,  which  are  analogous  to  Eqs  1  and  2  for 
tensile  failure. 


Plasticity 


(3) 

Brittle  Fracture 

(4) 

Here,  u  la  the  fractional  difference  between 
slve  and  tensile  strengths  given  by 

comprcs- 

_  2-(oc  -  o,) 

(<xc  +  a,) 

(5) 

and  oc  and  a,  are  the  compressive  and  tensile  strengths. 
The  values  of  the  parameters  used  In  these  equations 
are  given  In  Tables  5  and  6.  Compressive  failure  dia¬ 
grams  for  PVC  and  PET  were  constructed  In  the  same 
manner  as  the  tensile  failure  diagrams. 

Figure  5  shows  the  brittle-ductile  transitions  for  both 
polymers  In  compressive  failure.  In  contrast  with  Fig. 
4  for  tensile  failure.  PET  will  still  exhibit  brittle  behav¬ 
ior  at  temperatures  where  PVC  will  begin  to  act  in  a 


pvc 


-200  -100  0  100  200 
Temperature  (C) 

2.  Brittle-ductile  transition  for  tensile  failure:  PVC. 


Table  4.  Brittle-Ductile  Transition  Temperatures  for  Tensile  Failure. 


PVC 

PET 

Strain  Rates  (sec*1) 

Predicted 

Literature 
[Vincent  (20)] 

Predicted 

Literature 
[Foot  (17)) 

0.1 

100 

10,000 

-481-23*0 

2/27°C 

52/77°C 

-25°C 

0°C 

-98/-73°C 

-48/-23°C 

2/27°C 

oo 
bb  1 
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Fig.  3,  Tensile  failure  mechanism 
diagram  for  PET. 


ductile  fashion.  However,  at  any  given  temperature 
and  strain  rate,  the  compressive  strength  of  PET  is 
about  twice  that  of  FVC  so  that  more  energy  needs  to 
be  applied  to  PET  to  obtain  failure.  Also,  the  brittle- 
ductile  transitions  for  compression  occur  at  much 
higher  temperatures  for  those  for  tension.  Therefore, 
at  a  given  set  of  impact  grinding  conditions,  the  mate¬ 
rial  is  expected  to  fail  under  tension. 

IMPACT  TRANSITION  TEMPERATURE 
ESTIMATIONS  FROM  p-RELAXATION  PROCESS 

As  the  temperature  of  a  polymer  is  lowered,  various 
molecular  motions  (or  relaxations)  occur.  The  sec¬ 
ondary  relaxation,  known  as  the  p-relaxation  process, 
and  its  corresponding  temperature.  Tp,  have  been  re¬ 
lated  to  transitions  that  are  observed  in  impact  behav¬ 
ior  with  changes  in  loading  rate  and  temperature 
(Foot  et  aL  (17);  Yano  and  Yamaoka  (4)).  The  p-relax¬ 
ation  temperature  occurs  at  the  secondary  peak  below 
that  of  the  glass  transition  temperature,  and  is  associ¬ 
ated  with  the  motion  of  polymer  side-groups.  This 
process  is  evaluated  by  determining  the  dynamic  me¬ 
chanical  responses  at  various  temperatures  using  a 
free  oscillating  torsion  pendulum.  A  method  for  esti¬ 
mating  the  brittle-ductile  transition  using  the  p-relax¬ 
ation  temperature  as  a  function  of  the  time  to  failure 
and  temperature  has  been  presented  by  Menges  and 
Boden  (22),  The  time  to  failure  is  given  as 


Table  5.  Constants  for  Compressive  Yield  Behavior  Model. 


Polymer 

v0  (MPa)* 

at<MPa  )a 

H  (J/mol) 

(s'1) 

PVC 

55.2 

40.7 

2,95  X  10® 

1.0  X1038 

PET 

75.8 

48,3 

1,86  X  10s 

1,28  X  1022 

•Modem  Plastics  Encyclopedia  18). 

PVC  data  from  Bauwems-Crowet  ef  a/,  (18), 
PET  data  fmm  Foot  dial  (17), 


!/=  1/(2ttJ)  (6) 

where /is  the  frequency  of  the  test.  The  time  to  failure, 
(<3,  which  is  the  inverse  of  the  strain  rate,  is  related  to 
the  temperature  by 

t=<o*exp(!^)  (7) 


Fig.  4 .  Brittle-ductile  transition  for  tensile  failure:  PVC  and  PET. 


Table  6.  Constants  for  Compressive  Brittle  Behavior  Model 


Polymer 

t9(K) 

(MPa) 

°V,o  (MPa) 

E0(GPa) 

PVC 

PET 

352 

337 

0,295a 

0.295s 

127b 

282b 

190s 

369c 

9,94b 

10.06 

•Assumed. 

^Estimated, 

Calculated  from  Eq  3. 

dExtrapolatsd,  using  data  from  Polymor  Handbook  (18), 
•Obtained  from  EDO  Database  (19), 
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Fig.  5.  Dritlle-ductUe  transition  for  compressive  failure:  PVC 
and  PET. 


where  t<>  Is  the  pre-exponential  factor,  AU  Is  the  acti¬ 
vation  energy.  R  Is  the  Ideal  gas  constant,  and  T  is  the 
reference  temperature.  Values  for  T0  and  AU  ore  listed 
In  Table  7.  The  time  constant,  to-  w33  calculated  for  Tp 
and  a  strain  rate  of  0.160  sec’1  (1  Hz).  Equation  10 
was  rearranged  to  calculate  the  0-relaxation  tempera¬ 
tures  for  a  range  of  times  to  failure. 

Figure  6  Illustrates  the  brittle-ductile  transitions  for 
PVC  and  PET  as  functions  of  the  temperature  and 
strain  rates.  This  Figure  shows  a  processing  window 
In  which  PET  will  fall  in  a  ductile  manner  while  PVC 
will  fail  in  a  brittle  manner  (similar  to  that  predicted 
for  tensile  failures.  Fig.  3).  The  region  of  brittle  fracture 
is  to  the  left  of  the  transition  line.  The  estimates  for  the 
brittle-ductile  transitions  for  PVC  are  -80  and  -35°C 
for  strain  rates  typical  of  tension  and  Izod  testing,  re¬ 
spectively,  while  those  for  PET  were  -85  and  -60°C. 
According  to  these  values.  PET  will  begin  to  exhibit 
ductile  behavior  at  lower  temperature  than  PVC.  At  a 
time  to  failure  of  100  ^s.  which  is  comparable  to  the 
time  scale  for  deformation  during  Impact  grinding,  the 
brittle-ductile  transition  for  PVC  is  estimated  to  be 
about  12°C  for  PVC  and  -35°C  for  PET.  These  predic¬ 
tions  of  the  brittle-ductile  transition  were  compared  to 
data  from  Izod  (e  ~102  s'1),  impact  grinding  (e  -10 
s-1)  and  ballistics  (e  ~105  S’1)  tests.  These  strain  rates 
bracket  the  range  expected  in  typical  impact  grinding 
equipment.  The  experimental  methods  are  described 
in  the  following  section. 


Table  7.  0-Relaxatlon  Temperature  and  Activation  Energy. 


Ta  at  1  Hz 

AU 

Material 

@  (K) 

(kJ/mol) 

(«) 

PVC 

218® 

54.4® 

1.46  X  lO"14 

PET 

200b 

71.5' 

3.39  X  10'2° 

*Monoos  (22). 
>Armeniades  (23). 
"Foot  (17). 


Fig,  6.  Brittle-ductile  transition  predicted  by  0-nelaxaiton  tem¬ 
perature. 

IMPACT  TESTING  METHODS 
Isod  Impact 

Materials 

Post-consumer  bottle  flakes  of  PVC  and  PET  were 
utilized  for  these  experiments.  PET  flakes  were  dried 
and  then  injection  molded  at  about  260°C  into  Impact 
specimens  for  the  Izod  impact  tests.  PVC  impact  speci¬ 
mens  were  injection  molded  at  about  185°C  from  gen¬ 
eral-purpose  Geon  PVC  containing  25%  recycled  con¬ 
tent.  The  specimens  had  a  width  of  12.7  mm  (0.5  in.), 
a  length  of  63.5  mm  (2.5  in.),  and  a  thickness  of  3. 17 
mm  (0.125  in.). 

Equipment 

A  notch  cutter  (Testing  Machine  Inc.,  Model  TMI  22- 
OS)  was  used  to  produce  the  stress-concentrator  inden¬ 
tation  on  the  samples.  The  samples  were  impacted  on 
an  Izod  impactor  (Testing  Machines  Inc.,  Model  43-02). 
A  10  lb  pendulum  was  used  for  the  PVC  samples, 
while  a  1  lb  pendulum  was  used  for  the  PET  samples. 
The  morphology  of  fracture  surfaces  were  evaluated 
using  a  JEOL  T-330  scanning  electron  microscope 
(SEM)  to  determine  the  failure  mechanisms  of  each 
specimen. 

The  impact  testing  was  conducted  according  to  the 
ASTM-D256  standard.  Each  desired  test  temperature 
was  obtained  by  placing  a  sample  in  a  Nalgene  Dewar 
containing  a  heat-transfer  medium  for  3  min.  The 
Dewar  temperature  was  adjusted  by  placing  diy  ice  in  a 
methanol  bath  below  room  temperature,  or  an  immer¬ 
sion  heater  in  a  water  bath  above  room  temperature. 

Impact  Grinding 

Impact  grinding  experiments  were  done  on  chips 
from  post-consumer  bottles  of  PVC  and  PET.  The 
grinder  was  a  Bantam  Mikro-Pulverizer  (Micron  Powder 
Systems)  impact  grinder  with  carbide-tipped  hammers 
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on  a  12.5  mm  radius.  The  rotation  speed  could  be 
varied  from  8000  to  14,000  rpm  (53  to  93  m/s).  Chips 
were  fed  to  the  mill  using  an  auger  system.  The  tem¬ 
perature  of  the  bottle  flakes  was  varied  from  -196  to 
80°C  by  using  liquid  nitrogen,  refrigeration  or  heating 
in  an  oven.  The  precise  temperature  of  the  chips  at 
the  point  of  impact  could  not  be  controlled.  However, 
a  thermocouple  In  the  exit  stream  from  the  mill  pro¬ 
vided  the  mill  outlet  temperature,  which  was  repre¬ 
sentative  of  the  chip  temperature.  Three  mill  outlet 
temperatures,  0,  22,  and  80°C.  were  achieved  with 
the  equipment. 

High  Speed  Video 

A  high  speed  motion  analyzer  system  (Kodak 
Ektapro  1012  Motion  Analyzer,  video  imager,  macro- 
focussing  zoom  lens,  video  monitor,  VCR  and  printer) 
was  used  to  observe  particles  in  the  grinding  cham¬ 
ber.  A  12-mm-thlck  transparent  acrylic  window  was 
fitted  to  the  grinder.  The  comminution  was  recorded 
at  1000  -  6000  frames  per  second  (fps)  using  a  67 
mm  diameter  lens  with  a  macrofocussing  zoom. 

Taylor  Testing 

Materials 

PET  and  PVC  rods  9.53  mm  (0.375  in.)  in  diameter 
were  cut  to  lengths  of  38.1  mm  (1.5  in.),  57,15  mm 
(2.25  in.),  and  76.2  mm  (3  in.)  and  used  as  projectiles. 
Samples  were  tested  at  room  temperature. 

Ballistics  Testing 

The  PVC  and  PET  projectiles  were  accelerated  using 
a  powder  charge  from  a  gun  at  velocities  of  300  to  600 
m/s  toward  a  massive  steel  anvil.  Velocities  were 
measured  by  a  light  beam  method,  and  could  be 
changed  by  altering  the  amount  of  powder  charge 
used.  The  final  lengths  and  appearances  of  the  sam¬ 
ples  were  noted.  SEM  was  used  to  observe  the  failure 
mechanisms  of  the  materials. 

Scanning  Electron  Microscopy 

Failure  surfaces  were  examined  using  a  JEOL  scan¬ 
ning  electron  microscope.  Specimens  were  covered 
with  gold  by  sputtering  to  reduce  surface  charging. 

CHARACTERISTIC  STRAIN  RATES 
OF  IMPACT  TESTS 

Strain  rates  can  be  scaled  using  characteristic  ve¬ 
locities  and  sample  dimensions  (13).  The  Izod  test  has 
a  well-defined  geometry  in  which  the  center  of  the 
sample  Is  loaded.  Owing  to  the  low  strain  rate,  some 
flexing  of  the  beam  may  occur  prior  to  fracture.  In  this 
case,  the  strain  rate  should  be  related  to  the  sample 
dimensions  by 


where  s  Is  the  slruin  rale,  D  is  the  depth  of  the  beam, 

L  Is  the  span  of  the  support  points,  and  u  Is  the  veloci¬ 
ty  of  Impact  (based  on  an  impact  on  the  middle  of  a 
simply  supported  beam). 

Equation  8  might  be  applied  to  the  case  or  a  thin 
plastic  chip  being  impacted  by  a  hammer  in  a  grind¬ 
ing  operation  if  the  particle  deforms  significantly  prior 
to  failure.  High  speed  video  of  single  particle  breakage 
in  the  hammer  mill  showed  that  PVC  particles  broke 
into  fragments  with  little  or  no  apparent  flexing. 
Usually,  these  particles  fractured  within  two  or  three 
impacts.  PET  chips  also  broke  into  fragments  with  lit¬ 
tle  or  no  apparent  flexing.  However,  more  than  live 
hits  were  required  for  most  PET  particles  to  fragment. 
When  the  residence  time  in  the  grinding  chamber  was 
short,  many  chips  left  the  grinder  without  being  bro¬ 
ken,  PET  chips  often  showed  internal  crazing,  which 
was  consistent  with  the  previously  described  mecha¬ 
nism  for  dynamic  stress  fracture.  The  primary  break¬ 
age  mechanism  was  partieie-hammer.  Particle-wall 
impacts  did  not  seem  to  result  in  fracture,  and  pro¬ 
jected  particles  back  into  the  hammer  path. 

The  high  speed  video  information  and  the  particle 
morphologies  after  grinding  were  used  to  model  the 
fracture  process  for  an  estimate  of  the  strain  rate.  The 
PVC  chip  dimensions  of  7.6  mm  diameter  and  0.7  mm 
thickness  meant  that  most  of  the  area  available  for 
hammer  impact  was  the  flat  surface  (about  85%) 
rather  than  the  edge.  Chip  fracture  was  probably  due 
to  the  movement  of  the  shock  wave  through  the  thick¬ 
ness  of  the  particle.  The  PET  chip  dimensions  of  4.6 
mm  diameter  and  0.7  mm  thickness  gave  about  two- 
thirds  of  the  surface  area  as  flat  surface.  For  these 
chip  geometries,  the  characteristic  strain  rate  was  es¬ 
timated  as  the  velocity  of  the  hammer  divided  by  the 
chip  thickness. 


The  characteristic  strain  rates  varied  from  70,000  to 
140,000  s'1  for  the  chips  and  rotation  speeds  used  in 
the  impact  grinding  experiments.  These  estimates 
represented  maximum  values  because  they  assume 
that  all  samples  were  struck  perpendicular  to  the  flat 
surface. 

The  calculation  of  characteristic  strain  rates  for 
Taylor  tests  is  a  matter  of  much  debate  (24-27).  There 
is  a  wide  range  of  strain  rates  throughout  the  sample 
during  the  deformation  process.  For  cases  in  which 
the  test  produces  consistent  shapes,  strains  can  be 
estimated  by  the  specimen’s  final  geometry.  In  our  ex¬ 
periments,  however,  the  PVC  projectiles  often  recov¬ 
ered  entirely  from  their  deformed  shape  back  to  their 
initial  geometry.  The  PET  projectiles,  on  the  other 
hand,  often  shattered  into  fragments.  However,  it  was 
possible  to  determine  the  lengths  of  the  deformed  and 
undeformed  PET  specimen,  and  estimate  its  total  de¬ 
formation.  For  the  case  of  mushrooming  projectiles. 
Hawkyard  (24)  has  estimated  the  total  strain  In  the 
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Fig.  7.  Izod  impact  strength  for  PVC  and  PET  at  various  tern 
peratures. 


sample  by  relating  the  kinetic  energy  balance  to  the 
sample's  undeformed  length.  A  characteristic  strain 
rate  can  be  calculated  by  dividing  the  projectile  veloci¬ 
ty  by  the  original  length  of  the  deformed  material. 


Strain  rates  calculated  by  Eq  10  for  PVC  samples 
ranged  from  6000  to  15,000  s'1  and  for  PET  samples 
ranged  from  5000  to  15,000  s’*  under  the  conditions 
of  our  tests.  These  estimates  were  lower  bounds  since 
they  did  not  describe  the  large  strain  rates  that  oc¬ 
curred  as  the  sample  began  to  deform. 

COMPARISON  OP  EXPERIMENTS  TO  THEORY 
hod  Impact  Failure 

PolyfVlnyl  Chloride).  Strength  versus  testing  temper¬ 
ature  is  shown  in  Fig.  7.  The  amount  of  energy  re¬ 
quired  to  break  a  PVC  test  specimen  varies  widely 
with  temperature.  At  temperatures  less  than  -10°C, 
the  Impact  strengths  were  low  and  were  all  less  than 
27  J/m.  Scanning  electron  photomicrographs  of  the 
fracture  surface  showed  characteristics  typical  of  brit¬ 


tle  fracture.  Figure  8  shows  the  surface  for  samples 
tested  at  -40°C.  There  is  a  sharp  fracture  edge,  and 
no  obvious  necking— which  Is  consistent  with  brittle 
fracture. 

There  was  a  step  change  in  PVC  Izod  impact 
strength  over  the  temperature  range,  0°C  <  T  <  20°C. 
The  impact  energy  increased  by  an  order  of  magni¬ 
tude.  Inspection  of  the  samples  of  PVC  specimens 
tested  above  0°C  showed  that  only  partial  breaks  oc¬ 
curred.  Fracture  surfaces  were  whitish  In  color  from 
deformation  during  impact,  which  Is  consistent  with  a 
ductile  failure  mechanism.  Scanning  electron  photo¬ 
micrographs  taken  for  samples  tested  at  0,  20,  and 
80°C  all  showed  ductile  fracture.  Figure  9  (20°C)  shows 
obvious  necking.  The  circular  depressions  are  similar 
In  size  to  PVC  suspension  macropartlclcs.  At  tempera¬ 
ture  above  20°C,  the  Izod  impact  strength  Is  indepen¬ 
dent  of  temperature  and  ductile  failure  occurs.  Tire 
PVC  brittle-ductile  transition  temperature  predicted 
by  the  tensile  failure  mechanism  and  the  ^-relaxation 
diagrams  for  strain  rates  typical  of  the  Izod  test  is 
confirmed  by  these  experiments. 

Polyethylene  Terephthalate).  The  PET  Impact  test 
specimens  all  break  via  a  brittle  fracture  mechanism 
over  the  temperature  range,  -40  to  80“C.  Scanning 
electron  photomicrographs  of  all  fracture  surfaces 
were  quite  similar  [Fig.  IQ I.  showing  no  obvious  neck¬ 
ing  even  at  high  magnification.  The  tensile  failure 
mechanism  and  fi-relaxatlon  diagrams  predict  a  brit¬ 
tle-ductile  transition  In  the  range  of  -48  to  -23°C.  This 
transition  was  not  observed  by  our  Izod  tests. 


Impact  Grinding 

Scanning  electron  microscopy  was  used  to  deter¬ 
mine  the  type  of  fracture  for  each  grinding  condition. 
At  room  temperature  and  higher,  PVC  particles  failed 
in  a  ductile  manner  with  obvious  signs  of  plastic 
yielding.  At  a  mill  outlet  temperature  of  0°C,  the  PVC 
particles  had  more  distinct  crack  patterns  Identifiable 
with  brittle  fracture.  The  brittle-ductile  transition  oc¬ 
curred  between  0  and  25#C.  This  was  similar  to  the 
transition  temperature  observed  in  the  Izod  test,  and 


Fig.  8.  SEM  (X  50)  of  PVC  Izod  test  specimen  impacted  at 
-A  0°C. 


Fig.  9.  SEM  fx  50)  of  PVC  Izod  test  specimen  impacted  at 
20°C. 


POLYMER  ENGINEERING  AND  SCIENCE,  JANUARY  1998,  Vol.  38,  No.  1 

K-8 


Janet  l-  Green,  Chartaa  A.  Petty,  Peter  P,  G tills :  and  Erie  A.  Grulke 


Fig.  JO,  SEM  (x  30)  of  PET  lzod  test  specimen  Impacted  at 
20°C, 


it  was  lower  than  that  predicted  by  the  tensile  failure 
mechanism  diagram.  When  PVC  failed  in  a  brittle 
manner,  its  progeny  particles  had  a  lower  aspect  ratio 
compared  with  the  parent  particles  than  for  ductile 
failure  samples. 

PET  particles  showed  ductile  yielding  at  room  tem¬ 
perature  and  higher.  At  a  mill  outlet  temperature  of 
0“C,  Its  fracture  surfaces  showed  characteristics  of 
both  brittle  and  ductile  fracture.  Yano  and  Yamaoka 
(4)  reported  that  PETs  nodular  structure  and  small 
isometric  crystallites  might  increase  its  ductility  by 
providing  an  energy-absorbing  structure.  Chips  which 
had  been  impacted  but  which  had  not  fragmented 
showed  a  number  of  internal  crazes  when  examined 
optically.  These  crazes  were  consistent  with  the  dy¬ 
namic  stress  fracture  mentioned  previously. 

Taylor  Impact  Teats 

The  failure  mechanisms  of  PVC  and  PET  were  the 
same  as  observed  for  lzod  Impacting  at  room  tempera¬ 
ture.  The  PVC  samples  deformed  and  decreased  in 
length,  while  the  PET  samples  shattered.  The  SEM 


photographs  in  Figs.  1 1  and  12  depict  the  yielding  of 
the  PVC  material,  and  the  brittle  fractured  surface  of 
the  PET  material.  The  PVC  matcriul  flowed,  as  if 
stretched.  Higher  projectile  velocities  led  to  adiabatic 
heating  and  decomposition  in  the  PVC  samples.  Tire 
PET  fracture  surfaces  had  blunt  edges  from  stable 
crack  propagation.  No  adiabatic  heating  was  observed 
in  these  samples. 

The  adiabatic  healing  failure  of  PVC  was  not  antici¬ 
pated  from  the  failure  mechanism  diagrams  or  the  im¬ 
pact  grinding  studies  at  apparently  higher  strain 
rates.  PET  was  expected  to  fall  duetilcly  rather  than 
brtttlely.  These  results  suggest  that  there  are  effects  of 
sample  shape  on  the  mechanism  for  failure  which  are 
not  accounted  for. 

CONCLUSIONS 

Brittle-ductile  transition  temperatures  estimated  by 
tensile  failure  mechanism  diagrams  predict  a  process¬ 
ing  window  of  temperatures  and  strain  rates  in  which 
PVC  should  fail  in  the  brittle  mode  and  PET  should 
fail  in  the  ductile  mode.  A  similar  processing  window 
is  predicted  by  ^-relaxation  temperatures.  Impact 
grinding  tests  confirm  the  presence  of  such  a  process¬ 
ing  window.  The  brittle-ductile  transition  temperature 
predicted  for  strain  rates  typical  of  the  lzod  test  was 
confirmed  for  PVC  but  not  for  PET.  The  PVC  transi¬ 
tion  for  impact  grinding  conditions  occurs  at  lower 
temperatures  than  predicted  by  the  failure  mechan¬ 
ism  diagrams.  The  brittle-ductile  transition  of  PET 
was  not  clearly  observed  under  impact  grinding  condi¬ 
tions.  Compression  failure  mechanism  diagrams  pre¬ 
dict  a  reversal  of  the  transition  lines  of  the  polymer 
pair,  and  do  not  agree  with  the  Impact  test  results. 
Taylor  tests  at  room  temperature  show  adiabatic  heat¬ 
ing  for  PVC  and  brittle  fracture  for  PET.  This  paper 
has  demonstrated  that  selective  impact  grinding  of 
two  homopolymers  can  be  predicted  from  tensile  test¬ 
ing  and  ^-relaxation  properties.  Particle  size  distribu¬ 
tion  differences  are  reported  and  analyzed  in  a  related 
paper  (28). 


'  s;f  -  -  A? 


Fig.  1 1 .  SEM  of  PVC  Taylor  test  sample  impacted  at  398  m/  s. 


Fig.  12.  SEM  of  PET  Taylor  test  sample  impacted  at  369  m/s. 


POLYMER  ENGINEERING  AND  SCIENCE,  JANUARY  1998,  Vol.  38,  No.  1 


K-9 


Relationship  Uetween  Strain  Rate.  Temperature,  and  Impact  Failure 


ACKNOWLEDGMENTS 

We  would  like  to  thank  Mr.  Alan  Olson  of  the  Gcon 
Corporation  for  supplying  samples  of  resin  and  chipped 
recycled  bottles  und  Professor  Stanley  Jones  of  The 
University  of  Alabama  for  performing  the  Taylor  Im¬ 
pact  tests.  We  acknowledge  the  following  research 
sponsors:  the  Olllcc  of  Naval  Research.  American  Plas¬ 
tics  Council.  Michigan  Materials  Processing  Institute, 
and  the  Research  Excellence  Fund  and  Summer  Accel¬ 
eration  Fellowship  Fund  of  Michigan  State  University. 


REFERENCES 


1.  D.  Carlton,  M  S  Thesis,  Michigan  State  University  (1995). 

2.  R.  Famcchon.  “Separation  of  Waste  PET  and  PVC  for 

Recycling,"  Patent  FR264 301 1,  1990.  w 

3.  P.  Maplcaton,  "Cryogenics*  Improve  PVC  Separation. 
Modem  Plastics,  Nov.  1991,  p.  32. 

4.  O.  Yano  and  11.  Yamaokn,  Progress  in  Polymer  Science, 

20.  585(1995). 

5.  N.  Bruton,  Cryogenic  Recycling  and  Processing,  CRC 
Press,  Boca  Raton,  Fla.  (1980). 

6.  Modern  Plastics  Encyclopedia  *93,  McGraw-Hill,  New 

7.  J.  G.  Williams,  FYacture  Mechanics  of  Polymers ,  Ellis 
Horwood,  Chichester,  United  Kingdom  (1984). 

8.  C.  W.  Macosko  and  G.  J,  Brand,  Polyrn.  Eng.  ScL,  13, 


444(1972).  „  e 

9,  C.  L.  Beatty  and  J.  L,  Weaver.  Poli/m.  Eng.  ScL,  1®, 

1109(1978).  ,  ^  e,  __ 

10.  J.  L.  Weaver  and  C,  L.  Beatty,  Polym.  Eng.  ScL,  18, 


1 1 17  (1978). 

1 L  Z .  Ahmad  and  M.  Ashby,  J.  Mater.  ScL ,  23,  2037  (1988). 

12.  H.  Kausch,  Polymer  Fracture,  Springer-Verlag,  Berlin 

U987).  „  #.  , 

13.  C,  L.  Prasher,  Crushing  and  Grinding  Process  Handbook, 

WUcy,  New  York  (1987). 


14.  D.  A.  Schocklcy,  L.  Seaman  and  D.  R.  Curran,  In 
Metallurgical  Effects  at  High  Strain  Rates ,  R.  W.  Rohde 
et  at,  cds..  Plenum  Press,  New  York  ( 1973). 

15  S.  N.  Kukurcka,  and  I.  M.  Hutchings,  Ini.  J.  MecK  ScL, 
26.  617  (1084). 

10.  C.  Bauwcns-Crowct.  J.  C.  Bauwcna,  and  G.  Homes,  J. 
Polym.  Sci.:  Part  A-2,  7.  735  (1969). 

17  J.  S.  Foot.  R  W.  Truss,  I.  M.  Ward,  and  It  A.  Duckett, 
J .  Mater.  ScL .  22.  1437  (1987). 

18.  J.  Bmndrup  and  E.  H,  Immergut.  Polymer  Handbook, 
Wiley  Interscicncc  (1986). 

19.  GE  Plastics,  Engineering  Design  Database  (1992). 

20.  P.  Vincent,  Polymer,  I,  423  (1960). 

21.  J.  L.  Green,  PhD  thesis,  Michlgnn  State  University 
(1996). 

22.  G.  Mcngca  and  H,  Boden,  "Deformation  and  Failure  of 
Thermoplastics  on  Impact,"  In  Failure  of  Plastics,  W. 
Brostow  and  R  Comcliusscn,  cds..  New  York  (1986). 

23.  C.  Armcniadcs  and  I.  Kuriyama,  “Mechanical  Behavior 
of  Po!y(clhylcnc  terephthulatc)  at  Cryogenic  Tempera- 
tures,"  In  Cryogenic  Properties  of  Polymers,  T.  Scraflnt 
and  J.  Koenig,  eda.,  Marcel  Dckkcr.  Inc.,  New  York 
(1968). 

24.  J.  B.  Hawkynrtl,  /nt.  J.  MecK  ScL,  11,  313  (1969). 

25.  W.  Johnson,  A.  K.  Scnguptn,  S.  K.  Chosh,  and  S.  R. 
Reid,  “Mechanics  of  the  High  Speed  Impact  of  Rods  and 
Plates,"  In  Stress  Transients  In  Solids,  J.  S.  Rinehart, 
ed..  Hyperdynamics,  Santa  Fe,  N.M.  (1973). 

26.  R.  A.  Duckett,  S.  Rabinowttz  and  I.  M.  Ward,  J.  Mater. 

ScL,  8,909(1970).  ^ 

27.  J.  Newton,  “The  High-Speed  Impact  Strength  of  Poly¬ 
mers,"  Applied  Polymer  Symposium  No.  17,  93  (1971). 

28.  J.  L.  Green,  C.  A.  Petty,  and  E.  A.  Grulkc,  "Impact 
Grinding  of  Thermoplastics.  A  Size  Distribution  Func¬ 
tion  Model,  POlym.  Eng.  ScL,  In  press  (1997). 


Received  October  16,  1996 
Revised  April  1997 


POLYMER  ENGINEERING  AND  SCIENCE JANUARY  1998t  VoL  38,  No.  1 


K-10 


Testing  Machines  and  Strain  Sensors 

Joel  W.  House,  Air  Force  Research  Laboratory 
Peter  P.  Clillis,  University  of  Kentucky 


MECHANICAL  TESTING  MACHINES  have 
been  commercially  available  since  IHS6  (Rot 
I)  and  have  evolved  from  purely  mechanical 
machines  (like  Hie  popular  ‘Lillie  Giant"  hand- 
cranked  tensile  tester  of  Ttntus  Olsen,  circa 
190(1,  shown  in  Fig,  I)  to  more  sophisticated 
electromechanical  and  scrvohydraiilic  machines 
with  advanced  electronics  and  microcomput¬ 
ers.  Electronic  circuitry  and  microprocessors 
have  increased  the  reliability  of  experimental 
data,  while  reducing  the  time  to  analyze  infor¬ 
mation.  This  transition  has  made  it  possible  to 
determine  rapidly  and  with  great  precision  ulti¬ 
mate  tensile  strength  and  elongation,  yield 
strength,  modulus  of  elasticity,  and  other  me¬ 
chanical  properties.  Current  equipment  manufac¬ 
turers  also  offer  workstation  configurations  that 
automate  mechanical  testing. 

Conventional  test  machines  for  measuring 
mechanical  properties  include  tension  testers, 
compression  testers,  or  the  more  versatile  uni¬ 
versal  testing  machine  (UTM)  (Ref  2),  UTMs 
have  the  capability  to  test  material  in  tension, 
compression,  or  bending.  The  word  universal 
refers  to  the  variety  of  stress  stales  that  can  be 
studied.  UTMs  can  load  material  with  a  single, 
continuous  (monotonic)  pulse  or  in  a  cyclic 
manner.  Other  conventional  test  machines  may 
be  limited  to  either  tensile  loading  or  compres¬ 
sive  loading,  but  not  both.  These  machines 
have  less  versatility  than  UTM  equipment,  but 
are  less  expensive  to  purchase  and  maintain. 
The  basic  aspects  of  UTM  equipment  and  test¬ 


ing  generally  apply  to  tension  or  compression 
testing  machines  as  well. 

This  article  reviews  the  current  technology 
ami  examines  force  application  systems,  force 
measurement,  strain  measurement,  important 
instrument  considerations,  gripping  of  test 
specimens,  test  diagnostics,  and  the  use  of  com¬ 
puters  for  gathering  and  reducing  data.  Empha¬ 
sis  is  placed  on  UTMs  witlt  some  separate  dis¬ 
cussions  of  equipment  factors  for  tensile  testing 
and  compression  testing.  The  influence  ot  the 
machine  stiffness  on  the  test  results  is  also  de¬ 
scribed.  along  with  a  general  assessment  of  test 
accuracy,  precision,  and  repeatability  of  mod¬ 
em  equipment. 


Testing  Machines 

Although  there  arc  many  types  of  test  sys- 
terns  iit  current  use*  the  most  common  arc  uni¬ 
versal  testing  machines*  which  are  designed  to 
test  specimens  in  tension,  compression,  or 
bending.  The  testing  machines  are  designed  so 
apply  a  force  to  a  material  to  determine  its 
strength  and  resistance  to  deformation.  Regard¬ 
less  of  the  method  of  force  application,  testing 
machines  are  designed  to  drive  a  crosshead  or 
platen  at  a  controlled  rate,  thus  applying  a  ten¬ 
sile  or  compressive  load  to  a  specimen.  Such 
testing  machines  measure  and  indicate  the  ap¬ 
plied  force  in  pound-force  (Ibf),  kilogram- force 
(kgf),  or  newtons  (N).  These  customary  force 
units  are  related  by  the  following:  1  Ibt  — 
4,448222  N;  1  kgf  =  9.80665  N.  AH  current 
iestins!  machines  are  capable  of  indicating  the 
applied  force  in  either  Ibf  or  N  (the  use  of  kgf  is 
not  recommended). 

The  load-applying  mechanism  may  be  a  hy¬ 
draulic  piston  and  cylinder  with  an  associated 
hydraulic  power  supply,  or  the  load  may  be  ad¬ 
ministered  via  precision-cut  machine  screws 
driven  by  the  necessary  gears,  reducers,  and 
motor  to  provide  a  suitable  travel  speed.  In 
some  light-capacity  machines  (only  a  few  hun¬ 
dred  pounds  maximum),  the  force  is  applied 
by  an  air  piston  and  cylinder.  Gear-driven  sys¬ 
tems  obtain  loud  capacities  up  to  approxi¬ 


mately  600  kN  ( 1 .35  x  10*  Ibf).  while  hydraulic 
systems  can  obtain  forces  up  to  approximately 
4500 kN  II  x  106  Ibf), 

Whether  the  machine  is  a  gear-driven  system 
or  hydraulic  system,  at  some  point  the  test  ma¬ 
chine  reaches  a  maximum  speed  for  loading  the 
specimen.  Gear  driven  lest  machines  have  a 
maximum  crosshead  speed  limited  by  the  speed 
of  the  electric  motor  in  combination  with  the 
design  of  the  gear  box  transmission.  Crosshead 
speed  of  hydraulic  machines  is  limited  to  the 
capacity  of  the  hydraulic  pump  to  deliver  a 
steady  pressure  on  the  piston  of  the  actuator  or 
crosshead,  Scrvohydraiilic  test  machines  offer  a 
wider  range  of  crosshead  speeds;  however, 
there  arc  continuing  advances  in  the  speed  con¬ 
trol  of  screw-driven  machines,  which  can  be 
just  as  versatile  as,  or  perhaps  more  versatile 
than,  scrvohydraulic  machines. 

Conventional  gear-driven  systems  arc  gener¬ 
ally  designed  for  speeds  of  about  0.001  to  500 
mm/min  (4  x  1(H  to  20  in./tmnh  which  is  suit¬ 
able  for  quasi-static  testing.  Scrvohydraulic 
systems  are  generally  designed  over  a  wider 
range  of  test  speeds,  such  as; 

•  1  pm/h  test  speeds  for  creep-fatigue,  stress- 
corrosion,  and  stress-rupture  testing 

•  l  pm/min  test  speeds  for  fracture  testing  of 
brittle  materials 

•  10  m/s  (400  in,/s)  test  speeds  for  dynamic 
testing  of  components  like  bumpers  or  seat 
belts 

Scrvohydraulic  UTM  systems  may  also  be  de¬ 
signed  for  cycle  rates  from  t  cyclc/day  to  over 
200  cycles/s.  Gear-driven  systems  typically  al¬ 
low  cycle  rates  between  I  cyclc/h  and  1  cycle/s. 
Gear-driven  (or  screw-driven)  machines 
are  electromechanical  devices  that  use  a  large 
actuator  screw  threaded  through  a  moving 
crosshead  (Fig.  2).  The  screw  is  turned  in  either 
direction  by  an  electric  motor  through  a  gear  re¬ 
duction  system.  The  screws  are  rotated  by  a 
variable-control  motor  and  drive  the  moveable 
crosshead  up  or  down.  This  motion  can  load  the 
specimen  in  cither  tension  or  compression,  de¬ 
pending  on  how  the  specimen  is  to  be  held  and 
tested. 


L-l 


80  /  Introduction  to  Mechanical  Testing  and  Evaluation 


Screw  driven  testing  machines  currently  the  oilier  has  a  left  hand  thread.  For  alignment 

used  arc  of  either  a  one*,  two-,  or  four-screw  ami  lateral  stability,  the  screws  arc  supported  in 

design.  To  eliminate  twist  in  the  specimen  from  bearings  on  eucli  end.  In  some  machines,  lo.i 

the  rotation  of  the  screws  in  multiple-screw  ing  crossltcads  arc  guttled  by  columns  nr 

systems,  one  screw  has  a  right-hand  thread,  and  guideways  to  achieve  alignment. 
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A  runge  of  crossheud  speeds  can  be  achieved 
by  varying  the  speed  of  the  electric  motor  utul 
by  changing  Ihe  gear  ratio.  A  closed-loop 
scrvotlrivc  system  ensures  that  the  crosshcad 
moves  ut  a  constant  speed.  The  desired  or  user- 
selected  speed  and  direction  information  is 
compared  with  a  known  reference  signal,  and 
[hi  servomechanism  provides  positional  con¬ 
trol  of  the  moving  crosshcad  to  reduce  any  er¬ 
ror  or  difference.  State-of-the-art  systems  use 
precision  optical  encoders  mounted  directly  on 
pretended  twin  hall  screws.  These  types  of  sys¬ 
tems  ure  capable  of  measuring  crosshcad  dis¬ 
placement  to  an  accuracy  of  0.125%  or  better 
with  a  resolution  of  0.6  pm. 

As  noted  above,  typical  screw-driven  ma¬ 
chines  are  designed  for  speeds  of  I  to  20 
mm/min  (0.0394-0.788  in./min)  for  quasi- 
siatic  test  applications;  however,  machines  can 
be  designed  to  obtain  higher  speeds,  although 
the  useful  force  available  for  application  to  the 
specimen  decreases  as  the  s|>ced  of  the  cross¬ 
head  motion  increases.  Modern  high-speed  sys¬ 
tems  generally  are  useful  in  ranges  up  to  500 
mm/ini n  (20  mVmin)  (Ref  3).  Nonetheless,  top 
crosshead  speeds  of  1250  mm/min  (50  in./min) 
can  be  attained  in  screw-driven  machines,  and 
scrvohydraulic  machines  can  be  driven  up  to 
2.5  x  I05  mm/min  ( I04  in./min>  or  higher. 

Due  to  the  high  forces  involved,  bearings  and 
gears  require  particular  attention  to  reduce  fric¬ 
tion  and  wear.  Backlash,  which  is  the  free 
movement  between  the  mechanical  drive  com¬ 
ponents,  is  particularly  undesirable.  Many  in¬ 
struments  incorporate  amibacklash  preloading 
so  that  forces  arc  translated  evenly  through  the 
lead  screw  and  crosshead.  However,  when  the 
crosshcad  direction  is  constantly  in  one  direc¬ 
tion.  untibacklash  devices  may  be  unnecessary. 

Servohydraulic  machines  use  a  hydraulic 
pump  and  servohydraulic  valves  that  move  an 
actuator  piston  (Pig.  3).  The  actuator  piston  is 
attached  to  one  end  of  the  specimen.  The  mo¬ 
tion  of  the  actuator  piston  can  be  controlled  in 
both  directions  to  conduct  tension,  compres¬ 
sion,  or  cyclic  loading  tests. 

Servohydraulic  test  systems  have  the  capabil¬ 
ity  of  testing  at  rates  from  as  low  as  45  x  ItH 1 
m/s  (1.8  x  10“9  in./s)  to  30  m/s  (1200  in./s)  or 
more.  The  actual  useful  rate  for  any  particular 
system  depends  on  the  size  of  the  actuator,  the 
flow  rating  of  the  servovalve,  and  the  noise 
level  present  in  the  system  electronics.  A  typi¬ 
cal  servohydraulic  UTM  system  is  shown  in 
Pig.  4. 

Hydraulic  actuators  arc  available  in  a  wide 
variety  of  force  ranges.  They  are  unique  in  their 
ability  to  economically  provide  forces  of  4450 
kN  (1,000,000  lbf)  or  more.  Screw-driven  ma¬ 
chines  arc  limited  in  their  ability  to  provide 
high  forces  due  to  problems  associated  with 
low  machine  stiffness  and  large  and  expensive 
loading  screws,  which  arc  increasingly  more 
difficult  to  produce  as  the  force  rating  goes  up. 

Microprocessors  for  Testing  and  Data  Re¬ 
duction.  Contemporary  UTMs  are  controlled 
by  microprocessor-based  electronics.  One  class 
of  controller  is  based  on  dedicated  micropro- 
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tessors  for  test  machines  (Fig.  4).  IX-dicutcd 
microprocessors  arc  designed  to  perform  %!*• 
cific  tasks  and  have  displays  and  input  func¬ 
tions  that  arc  limited  to  those  tasks.  Thcdcdi- 
cated  microprocessor  sends  signals  to  the 
experimental  apparatus  and  receives  informa¬ 
tion  from  various  sensors.  The  data  received 
from  sensors  can  be  passed  10  oscilloscopes  or 
eomnuicrs  for  display  and  storage.  The  experi¬ 
mental  results  consist  of  time  and  voltage  mfor- 
S-M  must  be  further  reduced  to  analyze 
material  behavior.  Analysis  of  the  datu  requires 
The  conversion  of  test  results,  such  as  voltage, 
to  specific  quantities,  such  as  displacement  and 
load,  based  on  known  conversion  factors. 

The  second  class  of  controller  is  the  persona 
computer  (PC)  designed  with  an  electronic  in¬ 
terface  to  the  experimental  apparatus,  and  the 
appropriate  application  software.  Hie  software 
takes  the  description  of  the  test  to  be  per¬ 
formed.  including  specimen  geometry  data,  and 
establishes  the  requisite  electronic  signals. 
Once  the  test  is  underway,  the  computer  con 
[mis  the  tests  and  collects,  reduces,  displays, 
and  stores  the  data.  The  obvious  advantage  of 
the  PC-based  controller  is  reduced  time  to  gen¬ 
erate  graphic  results,  or  reports.  The  other  a  - 
vantage  is  the  elimination  of  some  procedural 
errors,  or  the  reduction  of  the  interfacing  details 
between  the  operator  and  the  experimental  ap¬ 
paratus.  Some  systems  arc  designed  with  both 
’types  of  controllers.  Having  both  types  or  con¬ 
trollers  provides  maximum  flexibility  m  data 
gathering  with  a  minimal  amount  of  time  re¬ 
quired  for  reducing  data  when  conducting  stand¬ 
ard  experiments. 


Principles  of  Operation 

The  operation  of  a  universal  testing  machine 
can  be  understood  in  terms  of  the  mam  ele¬ 
ments  for  any  stress  analysis,  which  include 
material  response,  specimen  geometry,  and 
load  or  boundary  condition. 

Material  response,  or  material  charactcuza- 
tion  is  studied  by  adopting  standards  for  the 
Sr  two  elements.  Specimen  geometries 
which  are  specific  for  tension,  compression,  or 


I  rending  tests,  are  described  in  separate  sections 
at  the  end  of  this  article.  This  section  briefly  <k- 
£  M  load  condition  factors,  such  as  strain 
me.  machine  rigidity,  and  various  test. ng 
modes  by  load  control,  speed  control,  strain 
control,  and  strain-rale  control. 

Strain  rate,  or  the  rate  at  which  a  specimen 
is  deformed,  is  a  key  test  variable  that  's  con¬ 
trolled  within  prescribed  limits.  ^l*nd  nJ 
the  type  of  test  being  performed,  table  I 
marizes  the  general  strain-rale  ranges  that  arc 
required  for  various  types  of  property  ic.  . 
Creep  tests  require  low  strain  rates,  while  con¬ 
ventional  (quasi-static)  tension  and  compres¬ 
sion  tests  require  strain  rates  between  l(V  and 

i/y-1  $-1 

A  typical  mechanical  test  on  metallic  maicn- 
nls  is  performed  at  a  strain  rate  of  npp 
mately  IO-'  s'*,  which  yields  a  strain  ol  0.5  in 
S00  *.  Conventional  equipment  and  techniques 
generally  can  be  extended  to  strain  rales  as  high 
Us  0  |  s-»  without  difficulty.  Tests  at  higher 
strain  rates  necessitate  additional  consider¬ 
ations  or  machine  stiffness  and  strain  measure- 
mcnl  techniques.  In  terms  of  machine  capabil¬ 
ity  scrvohydraolic  load  frames  cqutppe 
high-capacity  valves  can  be  used  to  generate 
strain  Jites  as  high  us  200  s‘<.  These  tests  are 
complicated  by  load  and  strain  measurement 
and  data  acquisition.  ..  . 

If  the  crosshead  speed  is  loo  high,  inertia 
feets  can  become  important  in  the  analysis  of 
r^cimen  siress  state.  Under  conditions^ 
high  crosshead  speed,  errors  in  the  loadccH 
output  and  crosshead  position  data  may  become 
unacceptably  large.  A  potential  exists  to  dam- 
nee  load  cells  and  cxlensometers  under  rapid 
loading.  The  damage  occurs  when  the  specimen 
fractures  and  the  load  is  instantaneously  re¬ 
moved  from  the  specimen  and  thcload 

At  strain  rates  greater  than  -W>  s  .  ‘ "c  * 
auired  crosshead  speeds  exceed  lire  speeds  ca. 
Sy  obtained  with  screw-driven  or  hydraulic  ma¬ 
chines.  Specialized  high  strain  rate  methods  an. 
discussed  in  more  detail  in  the  Section  High 
Strain  Rate  Testing”  in  this  Volume.  . 

S  Determination  of  Strain  Rates  for  Quasi- 
Static  Tension  Tests.  Strength  properties  for 
STm £u>  .end  »  toe  “ 
or  deformation.  In  order  to  quantify  the  ctfcci 
of  deformation  rate  on  strength  and  other  prop 
erties,  a  specific  definition  of  strain  rate  is  rc- 
auired  During  a  conventional  (quasi-static) 
Tension  test,  for  example.  ASTM  E  8  ”Tcns.on 
Testing  of  Metallic  Materials”  prescribes  an 

Table  1  Strain  rate  ranges  for  different 


upper  limit  of  deformation  rate  as  determined 
quantitatively  during  the  test  by  one  of  the  fo  - 
lowing  methods  (listed  in  decreasing  order  of 
precision): 


•  Kate  of  straining 

•  Rate  of  stressing  (when  loading  is  below  the 
proportional  limit) 

•  Rate  of  crosshead  separation  during  the  tests 

•  F.lupscd  time 

•  Free-running  crosshead  speed 

For  some  materials,  the  free-running  crosshcad 
siieed.  which  is  the  leust  accurate,  muy  be  ade¬ 
quate.  while  for  other  materials,  one  of  the  re¬ 
maining  methods  with  higher  precision  may  be 
necessary  in  order  to  obtain  test  values  within 
acceptable  limits.  When  loading  is  below  the 
proimrtional  limit,  the  deformation  rate  can  be 
specified  by  the  “loading  rale”  units  of  stress 
per  unit  of  time  such  that: 

a  Ee 


.  servohydraulic  testing  machine  and  load  frame 

FlR-  4  ^'uh  /dedicated  microprocessor-based  con- 

troller 


tests _ _ _ _ _ _ _ _ 

Strain  rule  ntnpC, 

Creep  tests 

Psciulosimic  tension  or 
compression  tests 

Dynamic  tension  or 
ct  »mpressii»n  tests 

Impact  bar  tests  involving  wave 
propagation  effects 

nr-*  w  io  5 
ur5  to  id"1 

io- ' io  IO1 

llFlolO4 

Source:  Ref  4 

where,  according  to  Hooke’s  law.  o  is  stress.  E 
is  the  modulus  of  elasticity,  e  is  strain,  and  the 
superposed  dots  denote  lime  derivatives. 

ASTM  E  8  specifics  that  the  test  speed  must 
be  low  enough  to  permit  accurate  determination 
of  loads  and  strains.  When  the  rate  of  stress¬ 
ing  is  stipulated.  ASTM  E  8  requires  that  it 
not  exceed  690  MPn/min  (100  ksi/mm).  This 
corresponds  to  an  elastic  strain  rate  of  about 
5  x  10  5  s-'  for  siccl  or  15  x  l O'5  sr'  for  alumi¬ 
num.  When  the  rale  of  straining  is  stipulated. 
ASTM  E  8  prescribes  that  after  the  yield  point 
has  been  passed,  the  rate  can  be  increased  to 
about  1000  x  IO-*  s-1;  presumably,  the  stress 
rate  limitation  must  be  applied  until  the  yield 
point  is  passed.  Lower  limits  are  also  given  in 

In  ASTM  standard  E  345,  “Tension  lestmg  of 
Metallic  Foil,”  the  same  upper  limit  on  the  rate  ol 
stressing  is  recommended.  In  addition,  a  lower 
limit  of  7  MPa/min  O  ksi/mm)  is  given  ASTM 
E  345  further  specifics  that  when  the  yield 
strength  is  to  be  determined,  the  strain  rate 
must  be  in  the  range  from  approximately  3  x 
|{y-5  to  15  x  10  -'  s"’. 

Inertia  Effects.  A  fundamental  difference 
between  a  high  strain  rate  tension  test  and  a 
quasi-static  tension  test  is  that  inertia  and  wave 
propagation  effects  are  present  at  high  rates.  An 
analysis  of  results  from  a  high  strain  rule  tesl 
thus  requires  consideration  of  the  effect  of 
stress  wave  propagation  along  the  length  of  the 
test  specimen  in  order  to  determine  how  fas  a 
uniaxial  test  can  be  run  to  obtain  valid  stress- 

SKFor  high  loading  rates,  the  strain  in  the  speci¬ 
men  may  not  be  uniform.  Figure  5  illustrates  an 
elemental  length  dxQ  of  a  tension  test  specimen 
whose  initial  cross-sectional  area  «  A„  and 
whose  initial  location  is  prescribed  by  the  coo  - 
dioate  x.  Neglecting  gravity,  no  forces  act  on  this 
element  in  its  initial  configuration.  After  the 
test  has  begun,  the  element  is  shown  displaced 
by  a  distance  «.  deformed  to  new  dimensions 
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ilx  and  A.  imd  xubjjci.M  in  forces  F  nml  F  + 
(IF.  The  difference.  dF.  l-ciween  these  eml  fuce 
forces  cutises  die  mori«>ii  of  ihe  element  that  is 
manifested  by  the  displacement,  w.  This  motion 
is  governed  by  Newton's  second  law,  Inrcc 
equals  mass  times  acceleration: 

where  p,/V/.v0  xs  ,nass  ckmcm, 

Atfix w  is  the  volume,  p  is  the  density  of  the  ma¬ 
terial,  and  (</2n/<//:)  is  its  acceleration.  Tests 
that  are  conducted  very  slowly  involve  ex¬ 
tremely  small  accelerations.  Thus,  Eq  I  shows 
that  the  variation  of  force  <//**  along  ihc  speci¬ 
men  length  is  negligible. 

However,  for  tests  of  increasingly  shorter  du 
rations,  the  acceleration  term  on  the  right  side  of 
Eq  I  becomes  increasingly  significant.  This  pro¬ 
duces  an  increasing  variation  of  axial  lorce 
along  the  length  of  tin:  specimen.  As  the  force 
becomes  more  noiuinilorm.  so  must  the  stress. 
Consequently,  the  strain  and  strain  rate  will  also 
vary  with  axial  position  in  the  specimen.  When 
these  effects  become  pronounced,  the  concept  of 
average  values  of  stress,  strain,  and  strain  rate 
become  meaningless,  and  the  test  results  must 
be  analyzed  in  terms  of  the  propagation  of 
waves  through  the  specimen.  This  is  shown  in 
Table  I  as  beginning  near  strain  rates  of  I0-s_l. 


© 
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Mu'  deformation  of  on  elemental  length.  r/x(), 
of  a  tension  test  specimen  of  initial  cross-sec¬ 
tional  area,  An,  by  a  stress  wave.  The  displacement  of  the 
element  is  u;  the  clitTeienti.il  length  of  the  element  as  a 
function  of  time  is  dx;  (he  forces  acting  on  the  laces  fit  the 
element  arc  given  by  F  anil  F  +  r/r. 


Fill.  6  Oscilloscope  record  of  load  cell  force  versus 
time  during  a  dynamic  tension  test  depicting 
the  phenomenon  of  ringing.  The  uncontrolled  oscilla¬ 
tions  result  when  the  loading  rate  is  near  the  resonant  tre- 
quency  of  the  load  cell.  The  scales  are  arbitrary.  Source: 
Ref  5 


In  if.  ir u  ntied itile  range  of  strain  rates  (dc- 
n  imd  n*  ;  tunic  tests  in  Table  I).  an  effect 
k  v>wr  a>  tinging"  of  the  load-mcusuring  device 
oviCJit  s  ;!h  iiuerprelnlimt  of  test  data.  An  exam- 
p  c  ol  i  v*  mmltiioti  is  shown  in  Kig.  6.  which  is  u 
lining  cl  I  a  I  cell  force  versus  time  during  a  dy- 
n  unit  icr  ?.  on  test  of  a  2024-T4  aluminum  speci- 
ii ic ii  (Iai<:i  la  ion  showed  that  the  oscillations  up- 
p  rent  i  tfia  figure  arc  consistent  with  vibrations 
a  the  upprr  (imme  natural  frequency  of  the  loud 
c  .‘II  nu  t  In1  this  test  (Kef  5, 6). 

ti  in. i  ty  machines  currently  nvuilablc  for 
dynn'iic  Us  ing,  electronic  signal  processing 
i:  um:.  ;)  lilter  out  such  vibrations,  thus  muk- 
ing  t  u;  im  lamentation  records  appear  much 
s  ikk  i In*  ■  t'un  the  actual  loud  cell  signal. 
Howjvu.  i here  is  still  a  great  deal  of  uneer- 
i.iint]  r  tre  nierprctation  of  dynamic  test  data. 

C  oiniqn:n!l/.  the  average  value  of  the  high- 
fvqut:i:\  v  brat  ions  associated  with  the  load 
cell  i  ji\  :e  :x  ported  to  differ  from  the  force  in 
t  v*ei  m. n.  This  difference  is  caused  by  vi- 
fntMHis  tt:a*  the  natural  frequency  of  the  Icsl- 
i  ig  nadui:,  which  arc  so  low  that  the  entire 
t  ist  uin  -uar  in  less  than  !M,of  a  cycle.  Hence, 
nose  Um  frequency  vibrations  usually  are  im- 
jossihk  to  i .elect  in  a  test  record,  but  can  pro- 
i  uee  >ig  lilitant  errors  in  the  analysis  of  test  rc- 
suits  Hi:  nnging  frequency  for  typical  load 
cells  ran  so*  from  2400  to  3600  Hz. 

Much  nc  Stiffness.  The  most  common  mis- 
tcnc:piion  iclniing  to  strain  rate  effects  is  that 
the  icitii  j  machine  is  much  stiffer  than  the 
*  pet  nu  S  ich  an  assumption  leads  to  the  con- 
i  opt  of  dc formation  of  the  specimen  by  an  cs- 
jcntiady  rigid  machine.  However,  for  most 
tests  no  i>rpositc  is  true:  the  conventional  ten- 
?  ite  jut  men  is  much  stiffer  than  most  testing 
mad  liner  As  shown  in  Fig.  7,  for  example,  if 
imvihcnd  displacement  is  defined  as  the  rela¬ 
tive  displacement.  A,  that  would  occur  under 
l  onoiinr  >  of  zero  load,  then  with  a  specimen 
gripped  n  i  testing  machine  and  the  driving 
mec  iiin  s  n  engaged,  the  crosshead  displaee- 
nen:  equals  the  deformation  in  the  gage  length 
of  ti  c  specimen  plus  elastic  deflections  in  coni- 
xmt  nts  iuch  as  the  machine  frame,  load  cell, 
►rip;,  ami  specimen  ends.  Before  yielding,  the 
jage  length  deformation  is  a  small  fraction  of 
he  < toss herd  displacement. 


Alter  the  onset  of  gross  plastic  yielding  of  the 
specimen,  conditions  change.  During  this  phase 
of  deformution,  the  load  varies  slowly  as  the 
material  strain  hardens.  Thus,  the  elastic  de¬ 
flections  in  the  machine  change  slowly,  ami 
most  of  the  relative  crosshead  displacement 
produces  plastic  deformation  in  the  specimen. 
Qualitatively,  in  a  lest  at  approximately  con¬ 
stant  crosxhcad  speed,  the  initial  elastic  strain 
rate  in  the  specimen  will  be  small,  but  the  spec¬ 
imen  strain  rale  will  increase  when  plastic  How 
occurs. 

Quantitatively,  this  effect  cun  l>c  estimated  as 
follows.  Consider  a  specimen  having  an  initial 
cross-sectional  area  Ay  and  modulus  of  elastic¬ 
ity  E grip(>cd  in  a  testing  machine  so  that  its  ax¬ 
ially  stressed  gage  length  initially  is  L$.  (This 
discussion  is  limited  to  the  range  of  testing 
speeds  where  wave  propagation  effects  are  neg¬ 
ligible.  This  restriction  implies  that  the  load  is 
uniform  throughout  the  gage  length  of  the  spec¬ 
imen.)  Denote  the  stiffness  of  the  machine, 
grips,  and  so  on,  by  K  und  the  crosshcad  dis¬ 
placement  rate  (nominal  crosshcad  speed)  by  .S'. 
The  ratio  S!L$  is  sometimes  called  Ihe  nominal 
rule  of  strain,  but  because  it  is  often  substan¬ 
tially  different  from  the  rate  of  strain  in  the 
specimen,  the  term  specific  crosshcad  rale  is 
preferred  (Ref  8). 

Let  loading  begin  at  time  /  equal  to  zero.  At 
any  moment  thereafter,  the  displacement  of  the 
crosshead  must  equal  the  elastic  deflection  of 
the  machine  plus  the  clastic  and  plastic  deflec¬ 
tions  of  the  specimen.  Letting  s  denote  the  en¬ 
gineering  stress  In  the  specimen,  the  machine 
deflection  is  then  sAJK.  It  is  reasonable  to  as¬ 
sume  that  Hooke’s  law  adequately  describes 
the  elastic  deformation  of  the  specimen  at  ordi¬ 
nary  stress  levels.  Thus,  the  elastic  strain  ec  is 
slE. 

Denoting  the  average  plastic  strain  in  the 
specimen  by  the  above  displacement  bal¬ 
ance  can  Ik  expressed  as: 

(Hq2) 

Differentiating  Eq  2  with  respect  to  lime  and 
dividing  by  /.0  gives: 
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L0  +  A  -  F!K 


7  k  hematic  illustrating  crosshcad  displacement  and  elastic  deflection  in  a  tension  testing  machine.  A  is  th<j 
»'  displacement  of  the  crosshead  relative  to  the  zero  load  displacement:  J-n  is  the  inilial  gage  length  ol  the 
t  jmen;  K  js  the  composite  stiffness  of  the  grips,  loading  frame,  load  cell,  specimen  ends,  etc.,  F  is  the  force  acting 
he  specimen.  The  development  of  Kq  2  through  1 2  describes  the  effects  of  testing  machine  stillness  on  tensile  prop 
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The  strain  rate  in  the  specimen  is  the  sum  of  the 
elastic  and  plastic  strain  rates: 


<*  * 


f  t*  a  f  A  |  +  (*  _ 

*  r  I  j;  I  r 


<Eq4> 


Using  Cq  3  to  eliminate  the  stress  rale  from  Hq 
4  yields: 


i£'') 

te;'i 


<Et|5) 


Titus,  it  is  seen  that  the  specimen  strain  rale 
usually  will  differ  from  the  specific  crosshead 
rate  by  an  amount  dependent  on  the  rale  of  plas¬ 
tic  deformation  and  the  relative  stiffnesses  of 
the  specimen  M0 klLf,)  and  the  machine.  A\ 
Accounting  for  Testing  Machine  Stiffness. 
Machine  stiffness  is  the  amount  of  deflection  in 
the  load  frame  and  the  grips  for  each  unit  of 
load  applied  to  the  specimen.  This  deflection 
not  only  encompasses  elastic  deflection  of  the 
load  frame,  but  includes  any  motion  in  the  grip 
mechanism,  or  at  any  interface  (threads,  etc.)  in 
the  system.  These  deflections  arc  substantial 
during  the  initial  loading  of  the  specimen,  that 
is.  through  the  clastic  regime.  This  means  that 
the  initial  crosshcad  speed  (specified  by  the  op¬ 
erator)  is  not  an  accurate  measure  of  specimen 
displacement  (strain).  If  the  strain  in  the  elastic 
regime  is  not  accurately  known,  then  extremely 
large  errors  may  result  in  the  calculation  of 
Young  s  modulus  (E.  the  ratio  of  stress  versus 
strain  in  the  clastic  regime).  In  the  analysis  by 
Hockctt  and  Gillis  (Ref  9).  the  machine  stiff¬ 
ness  K  is  accounted  for  in  the  following  equa¬ 
tion: 


the  key  experimental  conditions,  such  us  force, 
specimen  deformution,  and  the  position  of  the 
moveable  crosshead.  These  are  the  key  bound¬ 
ary  conditions,  which  are  analysed  to  provide 
mechanical  property  data.  These  boundary  con¬ 
ditions  on  the  specimen  can  also  be  controlled 
in  different  ways,  such  as  constunl  load  control, 
constant  strain  control,  and  constant  crosshcad 
speed  control.  Constant  crosshcad  speed  is  the 
most  common  method  for  tension  tests. 

Constant  hmd  Kale  Testing.  With  appropri¬ 
ate  modules  on  a  UTM  system,  n  constant  load 
rate  test  can  be  accomplished  easily.  In  this 
configuration,  a  load-control  module  allows  the 
machine  with  the  constant  rate  of  extension  to 
function  ns  a  constant  loud  rale  device.  This  is 
accomplished  by  u  feedback  signal  from  a  hind 
cell,  which  generates  a  signal  that  automati¬ 
cally  adjusts  to  the  motion  controller  of  the 
crosshcad.  Usually,  the  servomechanism  sys¬ 
tem  response  is  particularly  critical  when  mate¬ 
rials  arc  loaded  through  the  yield  point. 

Constant  Strain  Kate  Testing.  Commercial 
systems  have  been  developed  to  control  the  ex¬ 
periment  based  on  a  constant  rate  of  straining  in 
the  specimen.  These  systems  rely  on  extensom- 
cters  measuring  the  change  in  gnge  length  to 
provide  data  on  strain  as  a  function  of  time.  The 
resulting  signal  is  processed  to  determine  the 
current  strain  rate  and  is  used  to  adjust  the 
crosshcad  displacement  rate  throughout  the 
test.  Again,  servomechanism  response  time  is 
particularly  critical  when  materials  ore  tuken 
through  yield. 

To  maintain  a  constant  average  strain  rate 
during  a  test,  the  crosshead  speed  must  be  ad¬ 
justed  ns  plastic  flow  occurs  so  that  the  sum 
(SKIA0E  +  <*J  remains  constant.  For  most  me¬ 
tallic  materials  at  the  beginning  of  a  test,  the 
plastic  strain  rate  is  ostensibly  zero,  and  from 
I*q  5  the  initial  strain  rale  is: 


(l:-q(>) 


where  i.u  is  initial  specimen  gage  length.  S  is 
crosshead  speed  of  the  testing  machine.  A{)  is 
initial  cross-sectional  area  of  the  specimen,  P„ 
is  specimen  load  rate  (dF/dl  -  and  k  is 
Young's  modulus  of  the  specimen  material. 

Research  in  this  area  showed  that  a  signifi¬ 
cant  amount  of  scatter  was  found  in  the  mea¬ 
surement  of  machine  stiffness.  This  variability 
can  be  attributed  to  relatively  small  differences 
in  test  conditions.  For  characterization  of  the 
elastic  response  of  a  material  and  for  a  precise 
measure  of  yield  point,  the  influence  of  ma¬ 
chine  stiffness  requires  that  an  cxicnsomcter,  or 
a  bonded  strain  gage,  be  used.  After  yielding  of 
the  specimen  material,  the  change  of  machine 
deflection  is  very  small  because  the  load 
chances  slowly.  If  the  purpose  of  the  experi¬ 
ments  to  study  large  strain  behavior,  then  the 
error  associated  with  the  use  of  the  crosshead 
displacement  is  small  relative  to  other  forms  of 
experimental  uncertainties. 

Control  Modes.  During  a  test,  control  cir¬ 
cuits  and  servomechanisms  monitor  and  control 


,  J;L 


(Hq7) 


where  S0  is  the  crosshcad  speed  at  the  begin¬ 
ning  of  the  lest.  For  materials  that  have  a  defi¬ 
nite  yield,  .i  =  0  at  the  yield  point.  Therefore, 
from  Eq  3  and  4,  the  yield  point  strain  rale  is: 


(Kq  H) 


where  ,Vt  is  the  crosshead  speed  at  the  yield 
point.  Equating  these  two  values  of  strain  rate 
shows  that  the  crosshcad  speed  must  be  re¬ 
duced  from  its  initial  value  to  its  yield-point 
value  by  a  factor  of: 


s,  l  j 


(Eq9) 


For  particular  measured  values  of  machine 
stiffness  given  in  Table  2,  this  factor  for  a  stand¬ 
ard  12.8  mm  (0.505  in.)  diameter  steel  speci¬ 
men  is  typically  greater  than  20  and  can  be  as 
high  as  100.  Only  for  specially  designed  ma¬ 
chines  will  the  relative  stiffness  of  the  machine 


exceed  that  of  the  specimen.  F.ven  for  wire*  like 
specimens,  the  correspondingly  delicate  grip¬ 
ping  arrangement  will  ensure  that  the  machine 
stiffness  is  less  than  that  of  the  specimen.  Thus, 
large  changes  in  crosshcad  speed  usually  urc 
required  to  maintain  a  constunl  strain  rate  from 
the  beginning  of  the  test  through  the  yield  point. 

Furthermore,  for  many  materials,  the  onset 
of  yielding  is  quite  rapid,  so  that  this  large 
change  in  speed  must  be  accomplished  quickly. 
Making  the  necessary  changes  in  speed  gener¬ 
ally  requires  not  only  special  strain-sensing 
equipment,  but  also  a  driving  unit  that  is  capa¬ 
ble  of  extremely  fast  response.  Hie  need  for 
fast  response  in  the  driving  system  eliminates 
the  use  of  screw-driven  machines  for  constant 
strain-rate  testing.  Scrvohydraulic  machines 
may  be  capable  of  conducting  tests  at  constant 
strain  rate  through  the  yield  point  of  a  material. 

Equation  9  indicutes  the  magnitude  of  speed 
changes  required  only  for  tests  in  which  there  is 
no  yield  drop.  For  materials  having  upper  and 
lower  yield  points,  the  direction  of  crosshead 
motion  may  have  to  be  reversed  after  initial 
yielding  to  maintain  u  constant  strain  rate.  This 
reversal  may  be  necessary,  because  plastic 
strains  beyond  the  upper  yield  point  can  be  im¬ 
posed  at  a  strain  rate  greuter  than  the  desired 
rate  by  recovery  of  clastic  deflections  of  the 
machine  as  the  load  decreases.  For  a  descrip¬ 
tion  of  yield  point  phenomena,  see  tire  article 
•'Mechanical  Behavior  tinder  Tensile  and  Com¬ 
pressive  Leads’’  in  this  Volume. 

Another  important  test  feature  related  to  the 
speed  change  capability  of  the  testing  machine 
is  the  rate  at  which  the  crosshcad  can  accelerate 
from  zero  to  the  prescribed  test  speed  at  the 
beginning  of  the  test.  For  a  slow  test  this  may 
not  he  critical,  but  for  a  high-speed  test,  the 
yield  point  could  be  passed  before  the  cross¬ 
hcad  achieves  full  testing  speed.  Thus,  the 
crosshcad  may  still  be  accelerating  when  it 
should  be  decelerating,  and  accurate  informa¬ 
tion  concerning  die  strain  rate  will  not  be  ob¬ 
tained.  With  the  advent  of  closed-loop  servo- 
hydraulic  machines  and  electromagnetic  shak¬ 
ers,  the  speed  at  which  the  ram  (crosshead)  re¬ 
sponds  is  two  orders  of  magnitude  greater  than 
for  screw-driven  machines. 

Tests  at  Constant  Crosshcad  Speeds.  Machines 
with  a  constant  rate  of  extension  arc  the  most 
common  type  of  screw-driven  testers  and  are 
characterized  by  a  constant  rate  of  crosshcad 
travel  regardless  of  applied  loads.  They  permit 
testing  without  speed  variations  that  might  alter 
test  results;  this  is  particularly  important  when 
testing  rate-sensitive  materials  such  as  poly¬ 
mers,  which  exhibit  different  ultimate  strengths 
and  elongations  when  tested  at  different  speeds. 


Table  2  Experimental  values  of  testing 
machine  stiffness 


Mne hint  Miff hex*  _ 

Source 

kg/min 

Jb/ln. 

740 

41,500 

Ref  10 

460 

26,000 

Kef  II 

1800 

100,000 

Ref  12 

1 390-2970 

77,900-166,500 

Kef  13 

_ 
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Tor  a  gear-driven  system,  applying  the  bound¬ 
ary  condition  b  as  simple  as  engaging  the  elec¬ 
tric  motor  with  a  gear  box  transmission.  At  tins 
point,  the  crosshcml  displacement  will  be  what¬ 
ever  speed  and  direction  was  selected.  More  so¬ 
phisticated  systems  use  a  commune!  signal  that 
is  compared  with  a  feedback  signal  Iront  a  trans¬ 
ducer  monitoring  the  position  ot  die  crosshcad. 
Using  this  feedback  circuit,  the  desired  bound¬ 
ary  condition  can  be  achieved. 

Tension  tests  usually  can  be  carried  out  at  a 
constant  crosshead  speed  on  a  conventional 
testing  machine,  provided  the  machine  has  un 
adequate  speed  controller  and  the  driving 
mechanism  is  sufficiently  powerful  to  be  insen¬ 
sitive  to  changes  in  the  loading  rate.  Because 
special  accessory  equipment  is  not  required, 
such  tests  are  relatively  simple  to  perform. 
Also,  constant  crosshead  speed  tests  typically 
provide  as  good  a  comparison  among  materials 
and  as  adequate  a  measure  of  strain-rate  sensi¬ 
tivity  us  constant  strain-rate  tests. 

Two  of  the  most  significant  test  quantities 
—yield  strength  and  ultimate  tensile  strength— 
frequently  can  be  correlated  with  initial  strain 
rate  and  specific  crosshcad  rate,  respectively. 
The  strain  rate  up  to  the  proportional  limit  equals 
the  initial  strain  rate.  Thus,  for  materials  that 
yield  sharply,  the  time-average  strain  rate  from 
the  beginning  of  the  test  to  yield  is  only  slightly 
greater  than  the  initial  strain  rate: 


5 

l*Vf. 
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<Kq  10) 


even  though  the  instantaneous  strain  rate  at 
yield  is  the  specific  crossheud  rate: 


will  impose  »  strain  rate  even  greater  than  the 
specific  crosshcad  rule  given  by  Hq  12. 

A  point  of  interest  front  the  analysis  involves 
testing  or  different  sized  specimens  at  about  the 
same  initial  strain  rate.  Assuming  that  these  tests 
are  to  be  made  on  one  machine  under  conditions 
for  which  K  remains  substantially  constant, 
the  crosshcad  speed  must  he  adjusted  to  cnsttic 
that  specimens  of  different  lengths,  diameters, 
or  materials  will  experience  the  same  initial 
strain  rate.  In  the  typieul  ease  where  the  spec¬ 
imen  is  much  stiller  than  the  machine.  (I  + 
AiMIKI-n)  in  Eq  10  can  be  approximated  sim¬ 
ply  by  (A„£//fL0).  so  that  the  initial  strain 
rate  is  approximately  <*„  *»  SKIA{)£.  1  bus,  speci¬ 
mens  of  vurious  lengths,  tested  at  the  same 
crosshcad  speed,  will  generally  experience 
nearly  the  same  initial  strain  rate.  However, 
changing  either  the  specimen  cross  section  or 
material  necessitates  a  corresponding  change  in 
crosshead  speed  to  obtain  the  same  initial  rale. 

A  change  in  specimen  length  has  substan¬ 
tially  the  same  effect  on  both  the  specific 
crosshead  rate  (.S/A,,)  and  the  stiffness  ratio  of 
specimen  to  machine  (AyE/KAo)  and.  therefore, 
has  no  net  effect.  For  example,  an  increase  in 
specimen  length  tends  to  decrease  the  strain 
rate  by  distributing  the  crosshead  displacement 
over  the  longer  length;  however,  at  the  same 
time,  the  increase  in  length  reduces  the  stiffness 
of  the  specimen  so  that  more  of  the  crosshcad 
displacement  goes  into  deformation  of  the 
specimen  and  less  into  deflection  of  the  ma¬ 
chine.  These  two  effects  are  almost  exactly 
equal  in  magnitude.  Thus,  no  change  in  initial 
strain  rate  is  expected  for  specimens  or  differ¬ 
ent  lengths  tested  at  the  same  crosshcad  speed. 


-(t) 


(Eq  II) 
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Measuring  Load 


However,  beyond  the  yield  point,  the  stress  rate 
is  small  so  that  the  strain  rate  remains  close  to 
the  specific  crosshead  rate  (F.q  1 1).  Thus,  duc¬ 
tile  materials,  for  which  a  rather  long  time  will 
elapse  before  reaching  ultimate  strength,  have 
a  time-average  strain  rate  Irom  the  beginning 
of  the  test  to  ultimate  that  is  only  slightly  less 
than  the  specific  crosshcad  rate.  Also,  because 
the  load  rate  is  zero  at  ultimate  as  well  as  at 
yield,  the  instantaneous  strain  rate  at  ultimate 
equals  the  specific  crosshcad  rate. 

During  a  test  at  constant  crosshead  speed,  the 
variation  of  strain  rate  from  initial  to  yield- 
point  values  is  precisely  the  inverse  oi  the 
crosshead  speed  change  required  to  maintain  a 
constant  strain  rale  (Eq  9): 


(Eq  12) 


Consequently,  in  an  ordinary  tension  test,  the 
yield  strength  and  ultimate  tensile  strength  may 
be  determined  at  two  different  strain  rates, 
which  can  vary  by  a  factor  of  20  to  100.  de¬ 
pending  on  machine  stiffness.  If  a  yield  drop 
occurs,  clastic  recovery  of  machine  deflections 


Prior  to  the  development  of  load  cells,  testing 
machine  manufacturers  used  several  types  of 
devices  for  the  measurement  of  force.  Early 
systems,  some  of  which  arc  still  in  use,  employ 
a  graduated  balanced  beam  similar  to  plat- 
form-scalc  weighing  systems.  Subsequent  sys¬ 
tems  have  used  Bourdon  tube  hydraulic  test 
gages.  Bourdon  tubes  with  various  support  and 
assist  devices,  and  load  eells  of  several  types. 
One  of  the  most  common  load-measuring  sys¬ 
tems,  prior  to  the  development  ot  load  eells, 
was  tlic  displacement  pendulum,  which  mea¬ 
sured  load  by  the  movement  of  the  balance  dis¬ 
placement  pendulum.  The  pendulum  measuring 
system  was  used  widely,  because  it  is  applica¬ 
ble  to  both  hydraulic  and  screw-driven  ma¬ 
chines  and  has  a  high  degree  of  reliability  and 
stability.  Many  machines  of  this  design  are  still 
in  use.  and  they  are  still  manufactured  in  Eu¬ 
rope.  India,  South  America,  and  Asia.  Another 
widely  used  testing  system  was  the  Etnery-Tate 
oil-pneumatic  system,  which  accurately  senses 
the  hydraulic  pressure  in  a  closed,  flat  capsule. 

Load  Cells.  Current  testing  machines  use  strain- 
gage  load  eells  and  pressure  transducers.  In  a  load 
cell,  strain  gages  are  mounted  on  precision- 


muchincd  ulloy-MccI  elements,  hermetically  scaled 
in  n  case  with  die  necessary  clcctricu!  outlets,  ami 
arranged  for  tensile  aral/or  compressive  loading. 
The  load  cell  can  be  mounted  so  that  the  speci¬ 
men  is  in  direct  contact,  nr  the  cell  can  be  indi¬ 
rectly  loaded  through  the  machine  crosshcad,  ta¬ 
ble.  or  columns  of  lire  load  frame.  The  loud  cell 
and  tire  load  cell  circuit  are  calibrated  to  provide  a 
specific  voltage  ns  an  output  signal  when  a  cer¬ 
tain  force  is  detected.  In  pressure  transducers, 
which  ure  variations  of  strain-gage  load  cells,  the 
strain-gaged  member  is  activated  by  the  hydraulic 
pressure  of  tire  system. 

Strain  gages,  strain-gage  load  cells,  and  pres¬ 
sure  transducers  are  manufactured  to  several 
degrees  of  accuracy;  however,  when  used  as 
the  load-measuring  mechanism  of  a  testing  ma¬ 
chine,  the  mechanisms  must  conform  to  ASTM 
0  4,  as  well  as  to  the  manufacturer’s  quality 
standards.  l/>ad  cells  arc  rated  by  the  maximum 
force  in  their  operating  range,  and  the  deflection 
of  the  load  cell  must  be  maintained  within  the 
clastic  regime  of  tire  material  from  which  tire 
load  cell  was  constructed.  Because  the  load  cell 
operates  within  its  elastic  range,  both  tensile  and 
compressive  forces  can  be  monitored. 

Electronics  provide  a  wide  range  of  signal 
processing  capability  to  optimize  the  resolu¬ 
tion  of  the  output  signal  from  the  load  cell. 
Temperature-compensating  gages  reduce  mea¬ 
surement  errors  from  changes  in  ambient  temper¬ 
ature.  A  prior  knowledge  of  the  mechanical  prop¬ 
erties  of  the  material  being  studied  is  also  useful 
to  obtain  full  optimization  of  these  signals. 

Within  individual  load  cells,  mechanical  stops 
can  be  iiworporated  to  minimize  possible  dam¬ 
age  that  could  be  caused  by  accidental  overloads. 
Also,  guidance  and  supports  can  be  included  to 
prevent  the  deleterious  effects  of  side  loading 
and  to  give  desired  rigidity  and  ruggedness.  This 
is  important  in  tension  testing  ot  metals  because 
of  the  elastic  recoil  that  can  occur  when  a  stiff 
specimen  fails. 

Calibration  of  Load-Measuring  Devices. 
Calibration  of  load-measuring  devices  refers  to 
the  procedure  of  determining  the  magnitude  of 
error  in  the  indicated  loads.  Only  load-indicating 
mechanisms  that  comply  with  standard  calibra¬ 
tion  methods  (c.g.,  ASTM  E  74)  should  be  used 
for  the  load  calibration  and  verification  of  uni¬ 
versal  testing  machines  (see  the  section  "Force 
Verification  of  Universal  Testing  Machines"  in 
this  article). 

Calibration  of  load-measuring  devices  for  me¬ 
chanical  test  machines  is  covered  in  specifica¬ 
tions  of  several  standards  organizations  such  as: 


Siwdflcttliuw  number 


SnecWcatltm  title 


ASTM  l:  74  Standard  Practice  for  Calibration  of  I’oree- 

Mcusoring  Instruments  for  Verifying  the 
Force  Indication  of  Testing  Machines 
LN  10002-3  Fart  *  Calibration  of  Force-  Proving 

Instruments  Used  for  the  Verification 
of  Testing  Machines 

ISO  37ft  Metallic  Materials-  Calibration  of  Force- 

Proving  Instruments  Used  for  die 
Verification  of  Testing  Machines 
KN  1 0002-3  Calibration  of  Force- Moving  Instruments 
Used  lor  the  Verification  of  Uniaxial 
Testing  Machines  _ 
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To  ensure  valid  load  verification,  calibration 
procedures  should  Ire  performed  by  skilled  per* 
sonnet  who  arc  knowledgeable  about  testing 
machines  and  related  instruments  and  the 
proper  use  of  calibration  standards. 

Load  verification  of  load-weighing  systems 
can  be  accomplished  using  methods  based  on 
the  use  of  standard  weights,  standard  weights 
and  lever  balances,  and  clastic  calibration 
devices.  Of  these  calibration  methods,  elastic 
calibration  devices  have  the  fewest  inherent 
problems  ami  arc  widely  used.  The  two  main 
types  of  clastic  load-calibration  devices  arc 
clastic  proving  rings  and  strain-gage  load  cells, 
us  briefly  described  below. 

The  clastic  proving  ring  (Fig.  8a.  b)  is  a 
flawless  forged  steel  ring  that  is  precisely  ma¬ 
chined  to  a  fine  finish  nnd  closely  maintained 
tolerances,  litis  device  has  a  uniform  and  re¬ 
peatable  deflection  throughout  its  loaded  range. 
Clastic  proving  rings  usually  are  designed  to  Ik* 
used  only  in  compression,  but  special  rings  arc 
designed  to  Ik*  used  in  tension  or  compression. 

As  the  term  "elastic  device”  implies,  the  ring 
is  used  well  within  its  clastic  range,  and  the  de- 
llcction  is  read  by  a  precise  micrometer. 
Proving  rings  are  available  with  capacities 
rangine  from  4.5  to  over  5000  kN  (1000  to 
1.2  x  It)6  Ibf).  Their  usable  range  is  from  10  to 
100%  of  load  capacity,  based  on  compliance 
with  the  ASTM  F.  74  verification  procedure. 

Proving  rings  vary  in  weight  from  about  2  kg 
(5  lb)  to  hundreds  of  kilograms  (or  several  hun¬ 
dred  pounds).  They  arc  portable  and  easy  to 
use.  After  initial  certification,  they  should  be 
recalibrated  and  recertified  at  intervals  not  ex¬ 
ceeding  2  years. 

Proving  rings  arc  not  load  rings.  Although 
I  the  two  devices  are  of  similar  design  and  con¬ 
struction,  only  proving  rings  that  use  a  precise 


micrometer  for  measuring  deflection  can  be 
used  for  calibration.  Load  rings  employ  a  dial 
indicator  to  measure  deflection  and  usually  do 
not  comply  with  lltc  rei|uiremcnis  of  ASTM  F.  74. 

Calibration  strain-gage  load  cells  ate  pre¬ 
cisely  machined  high-alloy  steel  elements  de¬ 
signed  to  have  a  positive  and  predetermined 
uniform  deflection  under  load.  The  steel  load 
cell  element  contains  one  or  more  reduced  sec¬ 
tions.  onto  which  wire  or  foil  strain  gages  are 
attached  to  form  a  balanced  circuit  containing  a 
tempcraturc-com|)cnsating  element. 

Strain-gage  load  cells  used  lor  calibration 
purposes  arc  either  compression  or  tension- 
compression  types  and  have  built-in  capacities 
ranging  from  about  0.4  to  4000  kN  (100  to 
1 .000,000  Ibf)-  Their  usable  range  is  typically 
from  5  to  100%  of  capacity  load,  and  their  accu¬ 
racy  is  ±0.05%,  based  on  compliance  witlr  appli¬ 
cable  calibration  procedures,  such  as  ASTM  K 
74.  Figure  9  illustrates  a  load  cell  system  used  to 
calibrate  a  UTM.  litis  particular  system  incor¬ 
porates  a  digital  load  indicator  unit. 

Comparison  of  Elastic  Calibration  De¬ 
vices.  The  deflection  or  a  proving  ring  is  mea¬ 
sured  in  divisions  that  ore  assigned  a  value  in 
Ibf.  kgf,  or  N.  Tlte  force  is  then  calculated  in 
die*  desired  units.  Although  the  deflection  of  a 
load  cell  is  given  numerically  and  a  force  value 
can  he  assigned  with  a  load  cell  reading,  elec¬ 
tric  circuits  can  provide  direct  readout  in  Ibf. 
kgf.  or  N.  Thus,  certified  load  cells  are  more 
practical  and  convenient  to  use  and  minimize 
errors  in  calculation. 

In  small  capacities  (5  to  20  kN,  or  I  (KM)  to 
5000  Ibf).  proving  rings  and  load  cells  arc  of 
similar  size  and  weight  (2  to  5  kg,  or  4  u»  10  lit). 
In  large  capacities  (2000  to  2700  kN.  or 
400.<X)0  to  600,000  Ibf).  load  cells  arc  about 
one  half  the  size  and  weight  of  proving  rings. 
Proving  rings  are  a  single-piece,  self-contained 


i 


I 


i 


(b) 


..  n  I’rovinu  rings,  (a)  Elastic  proving  ring  with  precision  micrometer  for  deflection/loart  readout. «»  Load  calibre- 
*8*  ®  |-,on  oi  1 20,000  Ibf  screw-driven  testing  machine  with  a  proving  ring 
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unit.  A  load  eel!  citlibrmion  kit  consists  nf  two 
puns:  the  load  cell  and  the  display  indicator 
(Fig.  9).  Although  the  display  indicator  is  de¬ 
signed  to  be  used  with  a  load  cell  of  any  capac¬ 
ity,  it  can  only  be  used  with  lond  celts  that  have 
been  verified  with  it  as  a  system. 

Although  both  proving  rings  and  loud  cells 
arc  portable,  the  lighter  weight  and  smaller  size 
of  high-capacity  load  cells  enhance  their  suit¬ 
ability  lor  general  use.  Load  cells  and  their  dis¬ 
play  indicators  require  a  longer  setup  lime; 
however,  their  direct  readout  feature  reduces 
the  overall  calibration  and  reporting  time.  After 
initial  certification,  the  lond  cell  should  be 
recalibrated  after  one  year  and  thereafter  at  in¬ 
tervals  not  exceeding  two  years. 

Both  types  of  calibration  devices  arc  certified 
in  accordance  with  the  provisions  of  calibration 
standards.  In  the  United  States,  devices  arc  cer¬ 
tified  in  accordance  with  ASTM  E  74  and  the 
verification  values  determined  by  the  National 
Institute  of  Standards  and  Technology  (NIST). 
NISI'  maintains  a  l,0()0.(XX>  Ibf  deadweight  cali¬ 
brator  that  is  kept  in  a  temperature-  nnd  humidity- 
controlled  environment.  This  force-calibrating 
machine  incorporates  twenty  50,000  lb  stain¬ 
less  steel  weights,  each  accurate  to  within  ±0.25 
lb.  Tins  machine,  and  six  others  of  smaller  ca¬ 
pacities,  arc  used  to  calibrate  clastic  calibrating 
devices,  which  in  turn  arc  employed  to  accu¬ 
rately  calibrate  other  testing  equipment. 

Elastic  calibrating  devices  for  verification  of 
testing  machines  are  calibrated  to  primary  stan¬ 
dards,  which  arc  weights.  The  masses  of  the 
weights  used  are  determined  to  0.005%  of  their 
values. 


Strain  Measurement 

Deformation  of  the  specimen  can  be  mea¬ 
sured  in  several  ways,  depending  on  the  size  of 


q  toad  cell  and  digital  load  indicator  used  to  cal- 
r 'B*  y  jbrote  a  200,000  Ibf  hydraulic  testing  machine 
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specimen,  environmental  conditions,  nnd  mea¬ 
surement  requirements  for  accuracy  nml  preci¬ 
sion  of  anticipated  strain  levels.  A  simple  method 
is  to  use  the  velocity  of  the  crosshead  while 
tracking  the  load  as  a  function  of  time.  For  the 
load  and  time  data  pair,  the  stress  in  the  spcci- 
men  and  the  amount  of  deformation,  or  strain, 
can  he  calculated,  When  the  displacement  of 
the  platen  is  assumed  to  be  equal  to  the  speci¬ 
men  displacement,  an  error  is  introduced  by  the 
fact  that  the  entire  load  frame  hus  been  de¬ 
flected  under  the  stress  stale.  This  effect  is  re¬ 
lated  to  the  concept  of  machine  stiffness,  us 
previously  discussed. 

Extensometry.  The  elongation  of  a  speci¬ 
men  during  load  application  can  be  measured 
directly  with  various  types  of  devices,  such 
as  clip-on  extensometers  (Pig.  10),  directly- 
mounted  strain  gages  (Fig.  1 1).  and  various  op¬ 
tical  devices.  11ie.se  devices  are  used  exten¬ 
sively  and  can  provide  n  high  degree  of  defor¬ 
mation-  (strain-)  measurement  accuracy.  Other 
more  advanced  instrumentations,  such  as  laser 
interferometry  and  video  cxtensomclcrs,  are 
also  available. 

Various  types  of  extensometers  and  strain 
gages  arc  described  below.  Selection  of  a  de¬ 
vice  for  strain  measurement  depends  on  various 
factors: 

•  The  useable  range  and  accuracy  of  the  gage 

•  Techniques  for  mounting  the  gage 

•  Specimen  size 

•  Environmental  test  conditions 

•  Electronic  circuit  configuration  and  analysis 
for  signal  processing 

The  last  item  should  include  the  calibration  of 
the  extensometer  device  over  Us  full  operating 
range.  In  addition,  one  challenge  of  working 


with  clip-on  extensometers  is  to  ensure  proper 
attachment  to  the  specimen.  If  the  extensom* 
cter  slips  us  the  specimen  deforms,  the  result¬ 
ing  signul  will  give  a  false  reading. 

Clip-on  extensometers  cun  Ik  attached  to  a 
test  specimen  to  measure  elongation  or  strain  as 
the  load  is  applied.  This  is  particularly  impor¬ 
tant  for  metals  and  similar  materials  that  ex¬ 
hibit  high  stiffness.  Typical  extensometers  have 
fixed  gage  lengths  such  as  25  or  50  mm  ( I  or  2 
in.).  They  arc  also  classified  by  maximum  |>er- 
ccnt  elongation  so  that  a  typical  25  mm  (I  in.) 
guge  length  unit  would  have  different  models 
for  10.  50,  or  100%  maximum  strain.  Exten¬ 
someters  arc  used  to  measure  axial  strain  in 
specimens.  There  also  are  transverse  strain- 
measuring  devices  that  indicate  the  reduction  in 
width  or  diameter  as  the  specimen  is  tested. 

The  two  basic  types  of  clip-on  extensometers 
are  linear  variable  differential  transformer 
(LVDT)  devices  and  strain-gage  devices.  These 
two  types  are  described  along  with  a  descrip¬ 
tion  of  earlier  diul-lype  extensometers. 

Early  extensometers  were  held  to  the  speci¬ 
men  with  center  points  matching  the  specimen 
gage-length  punch  marks,  and  elongation  was 
indicated  between  the  points  by  a  dial  indicator. 
Because  of  mechanical  problems  associated 
with  these  early  devices,  most  dial  extensom¬ 
eters  use  knife  edges  and  leaf-spring  pressure  for 
specimen  attachment.  An  extensometer  using  a 
dial  indicator  to  measure  elongation  is  shown  in 
Fig.  12.  The  dial  indicator  usually  is  marked  off 
in  0.0025  mm  (0.000 1  in.)  increments  and  mea¬ 
sures  the  total  extension  between  the  gage 
points.  This  value  divided  by  the  gage  length 
gives  strain  in  mm/mm,  or  in./in. 

LVDT  extensometers  employ  an  LVDT  with 
a  core,  which  moves  from  specimen  deforma¬ 
tion  and  produces  an  electrical  signal  propor¬ 
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tional  lo  amount  of  core  movement  (Fig.  13). 
LVDT  extensometers  arc  small,  light  weight, 
and  easy  to  use.  Knife  edges  provide  an  exact 
point  of  contact  and  are  mechanically  set  to  the 
exact  gage  length.  Unless  the  lest  report  speci¬ 
fies  total  clongntion,  center  punch  marks  or 
scribed  lines  arc  not  required  to  define  the  gage 
length.  Ilicy  are  available  wilh  gage  lengths 
ranging  from  10  to  2500  mm  (0.4  to  100  in.) 
and  can  be  fitted  with  breakaway  fcuiures  (Fig. 

14) ,  sheet  metal  clamps,  low-pressure  damping 
arrangements  (film  clamps,  as  shown  in  Fig. 

15) .  and  other  devices.  Thus,  they  can  be  used 
on  small  specimens  -such  as  thread,  yarn,  and 
foil— and  on  large  test  specimens— such  as  re¬ 
inforcing  bars,  heavy  steel  plate,  and  tubing  up 
to  75  mm  (3  in.)  in  diameter. 

Modifications  of  the  LVDT  extensometer 
also  permit  linear  measurements  at  temperatures 
ranging  from  -75  to  1205  °C  (-75  lo  2200  *F). 
Accurate  measurements  can  also  be  made  in 
a  vacuum.  For  standard  instruments,  the  work¬ 
ing  temperature  range  is  approximately  -75  to 
120  °C  (-100  to  250  °F).  However,  by  substi¬ 
tuting  an  elevated-temperature  transformer  coil, 
the  usable  range  of  the  instrument  can  be  ex¬ 
tended  to  -130  to  260  °C  (-200  to  500  °F). 

Strain-gage  extensometers.  which  use  strait 
gages  rather  than  LVDTs.  me  also  common  and 
arc  lighter  in  weight  and  smaller  in  size,  but 
strain  gages  arc  somewhat  more  tragile  tluir 
LVDTs.  The  strain  gage  usually  is  mounted  ot 
a  pivoting  beam,  which  is  an  integral  part  of  the 
extensometer.  The  beam  is  deflected  by  the 
movement  of  the  extensometer  knife  edg< 
when  the  specimen  is  stressed.  Hie  strain  gag* 


Fig- 11  Strain  gages  mounted  direc  tly  to  a  specimt? 
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MUichcd  lo  ilic  beam  is  mi  electrically  conduc¬ 
tive  smull-si/cd  grid  that  changes  its  resistance 
when  deformed  in  tension,  compression,  I ’end¬ 
ing.  or  torsion.  Tims,  strain  gages  can  be  used 
to  supply  the  information  necessary  to  calculate 
strain,  stress,  angular  torsion,  mid  pressure. 

Strain  gages  have  been  improved  and  rclincd. 
and  their  use  has  become  widespread.  Basic 
types  include  wire  gages,  foil  gages,  and  capac¬ 
itive  guges.  Wire  and  foil  bonded  resistance 
strain  gages  are  used  for  measuring  stress  and 
strain  and  for  calibration  of  load  cells,  pressure 
transducers,  and  extensometers.  These  gages 
typically  measure  9.5  to  15  mm  ('.to  '}  in.)  in 
width  and  15  to  19  mm  <!,  to  \  in.)  in  length 
and  urc  adhesively  bonded  to  a  metal  element 
(llg.  16). 

Operation  of  strain-gage  extensometers  is 
based  on  gages  that  are  bonded  lo  a  metallic  el¬ 
ement  and  connected  to  a  bridge  circuit.  De¬ 
flection  of  the  element,  due  to  specimen  strain, 
changes  the  gage's  resistance  that  produces  an 
output  signal  from  a  bridge  circuit.  This  signal 
is  amplified  and  processed  by  signal  condition¬ 
ers  before  being  displayed  on  a  digital  readout, 
chart  recorder,  or  computer.  The  circuitry  in  the 
strain-measuring  system  allows  multiple  ranges 
of  sensitivity,  so  one  transducer  can  be  used 
over  broad  ranges.  The  magnification  ratio, 
which  is  the  ratio  of  output  to  extensometer  de¬ 
flection,  can  be  as  high  as  1 0.000  to  I . 


Strain  Cages  Mounted  Directly  to  the 
Test  Specimen.  For  some  strain  measure¬ 
ments.  strain  gages  arc  mounted  on  the  pari  be¬ 
ing  tested  (Fig.  1 1 ).  When  used  ill  this  manner, 
they  differ  from  extensometers  in  that  they 
measure  average  unit  elongation  over  nominal 
gage  length  rather  than  total  elongation  be¬ 
tween  definite  gage  points.  For  some  testing 
applications,  strain  gages  tire  used  in  conjunc¬ 
tion  with  extensometers  (Fig.  1 6). 

In  conventional  use,  wire  or  foil  strain  gages, 
when  mounted  on  structures  and  parts  for  stress 
analysis,  arc  discarded  with  the  tested  item. 
Thus,  strain  gages  arc  seldom  used  in  produc¬ 
tion  testing  of  standard  tension  specimens.  Foil 
strain  gages  currently  arc  the  most  widely  used, 
due  to  the  case  of  their  attachment. 

Averaging  Extensometers.  Typically  exten¬ 
someters  arc  either  nonavernging  or  averaging 
types.  A  nonaveraging  extensometer  has  one 
fixed  nonmovablc  knife  edge  or  ccnier  point 
and  one  movable  knife  edge  or  cenicr  point  on 
the  same  side  of  the  specimen.  This  arrange¬ 
ment  results  in  extension  measurements  that  are 
taken  on  one  side  of  the  specimen  only;  such 
measurements  do  not  take  into  account  that 
elongation  may  be  slightly  different  on  the 
other  side. 

For  most  specimens,  notably  those  with  ma¬ 
chined  rounds  or  reduced  gage  length  flats, 
there  is  no  significant  difference  in  elongation 
between  the  two  sides.  However,  for  as-cast 
specimens,  high-modulus  materials,  some  forged 
parts,  and  specimens  made  from  tubing,  a  dif¬ 
ference  in  elongation  sometimes  exists  on  op¬ 
posite  sides  of  the  specimen  when  subjected  to 
a  tensile  load.  This  is  due  to  part  configuration 
and/or  internal  stress.  Misalignment  of  grips 
also  contributes  to  elongation  measurement 


sion  specimen 


variations  in  ihc  specimen,  For  these  situations, 
averaging  extensometers  ore  used.  Averaging 
extensometers  use  dual-measuring  elements 
that  measure  elongation  on  both  sides  of  a  sam¬ 
ple;  the  measurements  arc  then  averaged  to  ob¬ 
tain  a  mean  strain. 

Optical  Systems.  Lasers  und  other  systems 
can  also  be  used  to  obtain  linear  strain  mea¬ 
surements.  Optical  extensometers  arc  particu¬ 
larly  useful  with  materials  such  ns  rubber,  thin 
films,  plastics,  and  other  materials  where  the 
weight  of  a  conventional  extensometer  would 
distort  the  workpiece  and  affect  the  readings 
obtained.  In  the  past,  such  strain-measuring 
systems  were  expensive,  and  their  principal 
use  lias  been  primarily  in  research  and  devel¬ 
opment  work.  However,  these  optical  tech¬ 
niques  are  becoming  more  accessible  for  com¬ 
mercial  testing  machines.  For  example,  bench- 
top  UTM  systems  with  a  laser  extensometer 
are  available  (Fig.  17).  This  laser  extensom- 
ctcr  allows  accurate  measurement  of  strain  in 
thin  films,  which  would  not  otherwise  be  prac¬ 
tical  by  mechanical  attachment  of  extensom- 
cler  devices.  Optical  systems  also  allow  non- 
contact  measurement  from  environmental  test 
chambers. 

Calibration,  Classification,  and  Verifica¬ 
tion  of  Extensometers.  All  types  of  exten- 
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winders  for  mntoriiil*  lesling  must  he  veri¬ 
fied,  classified.  and  calibrated  in  accordance 
with  applicable  standards.  Calibration  of  ex- 
tensometers  refers  to  the  procedure  of  deter* 
mining  the  magnitude  of  error  in  strain  men- 


b#  in.  gage  length)  mounted  on  o  0.127  min 
(0.005  in.)  wire  sfxtcinrten.  The  extensometer  is  lilted 
with  a  low-pressure  clamping  arrangement  (film  damps) 
an<J  is  supported  by  a  counterbalance  device. 


Fifi.  1  6  Fatigue  test  specimen  with  bonded  resistance 
strain  gages  and  a  25  mm  (1  in.)  gage  length 
exionsonrwMer  mounted  tin  the  reduced  section 


Mircmcnts.  Verification  U  a  calibration  lo  ascer¬ 
tain  whether  the  errors  are  within  it  predeter¬ 
mined  range.  Vcrillcalion  also  implies  certifi¬ 
cation  that  an  extensotneter  meets  stated  accu¬ 
racy  requirements,  which  are  defined  by  classifi¬ 
cations  such  as  those  in  ASTM  l i  83  (Tabic  3). 

Several  calibration  devices  can  be  used,  in¬ 
cluding  an  interferometer,  calibrated  standard 
gage  blocks  and  an  indicator,  and  a  micrometer 
screw.  Applicable  standards  for  extensometer 
calibration  or  verification  include: 


Npcrilkutlu*  number 

SfMfdrkMUiHi  llllr 

DINI-N  IIHXO-4 

Pari  4:  V irritation  ,.r  l-xtcnsomclcrs 
Used  in  Uniaxial  Testing,  Tensile 

ISO  0515 

Metallic  Materials  -Vciitaiinnof 
lixtensnmcierx  U*d  in  Uniaxial 
Testing 

ns  i:n  10002-t 

Verification  of  KMciwomcicrs  Used 
in  Uniaxial  Testing 

ASTM  li  83 

Standard  Practice  for  Verification  ami 
Classification  of  lixtensoinciefs 

»S  5X40 

Metlnids  for  Calibration  ami  Grading 
of  I-xIciim  miners  fur  Test  mg  of 

Miimiah - - - 

Verification  and  classification  of  exiensom- 
cters  arc  applicable  to  instruments  of  both  the 
averaging  and  nonaveraging  type. 

Procedures  for  the  verification  and  classifica¬ 
tion  of  extensometers  can  be  found  in  ASTM  R 
83.  It  establishes  six  classes  of  extensometers 
(Table  3).  which  are  based  on  allowable  erroi 
deviations,  as  discussed  Inter  in  this  article. 
This  standurd  also  establishes  a  verification 
procedure  to  ascertain  compliance  of  an  instru¬ 
ment  to  a  particular  classification.  In  addition 
il  stipulates  that  n  certified  calibration  appara¬ 
tus  must  be  used  for  nil  applied  displacements 
and  that  the  accuracy  of  the  apparatus  must  be 
five  times  more  precise  than  allowable  elassifi 
cation  errors.  Ten  displacement  readings  are  re 
quired  for  verification  of  u  classification. 

Class  A  extensometers,  if  available,  would  he 
used  for  determining  precise  values  of  lh< 
modulus  of  elasticity  and  for  precise  measure 
mans  of  permanent  set  or  very  slight  devia¬ 
tions  from  Hooke’s  law.  Currently,  however 
there  are  no  commercially  available  extensom 


Table  3  Classification  of  extensometer  systems 


Error  of strain  not  to  wwj  Oi*  greater  nltu>? 
FUcd  rrror.  tii7l».  Variable  trror,  %  of  Mm  In 


Error  wfgwgr  lemptr  not  lo  exceed  tliif  Krcalrr  of; 
Fixed  ernir.  In.  Variable  error.  %  of  gage  length 


Class  A 
Class  U*t 
Class  B-2 
Class  C 
Class  I> 
Class  I i 


0.00002 
noon  i 
0.0002 
0.001 
0.01 
0.1 


±0. 1 
±0.5 
±0.5 
±1 
±1 
±1 


±0.001 

±0.0025 

±0.005 

±0.01 

±0.01 

±0.01 


MjSirwiaoftfxwiUkOnicleityslcai  ■  iitiw of  .tppliuil extension lo ihc  page  length  Source:  ASTM  I!  ST 


±0.1 

±0.25 

±0.5 

±1 

±1 

±1 


:jiT  17  Bench-top  UTM  with  laser  extensometer.  Courtesy  of  Timus  Olson  Testing  Machine  Company.  Inc. 
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cicrs  iitiinutucuircd  ihsii  me  certified  to  comply 
will)  clnss  A  ict|n  irement  s. 

Class  til  exienstnwters  arc  frcqncmly  used 
lo  dcicriuinc  values  of  ihc  modulus  of  elasticity 
and  lo  measure  permanent  set  or  deviations 
from  Hooke's  law.  Iliey  arc  also  used  for  deter¬ 
mining  values  such  as  the  yield  strength  of  me¬ 
tallic  materials, 

Class  112  extensometers  are  used  for  deter¬ 
mining  the  yield  strength  of  metallic  materials. 

All  LVDT  and  strain-gage  extensometers  cun 
comply  with  class  It- 1  or  class  B-2  require¬ 
ments  if  their  measuring  ranges  do  not  exceed 
0.5  mm  (0.02  in.).  Instruments  with  measuring 
ranges  of  over  0.5  nun  (0.02  in.)  can  be  class  C. 
instruments. 

Most  electrical  differential  transformer  cx- 
tensometers  of  500-strain  magnification  and 
higher  can  conform  to  class  B-l  requirements 
throughout  their  measuring  range.  Extensom- 
cters  of  less  than  500-strain  magnification  can 
comply  only  with  class  U-l  requirements  in 
their  lower  (40%)  measuring  range  and  arc  ba¬ 
sically  class  B-2  instruments. 

Dial  Extensometers.  Although  all  diul  instru¬ 
ments  usually  arc  considered  class  C  instru¬ 
ments,  the  majority  (up  to  a  gage  length  of  200 
mm.  or  8  in.)  urc  class  B-l  and  class  B-2  in 
their  initial  40%  measuring  range,  and  class  C 
throughout  the  remainder  of  the  range.  Dial  in¬ 
struments  are  used  universally  for  determining 
yield  strength  by  the  cxtension-undcr-lond 
method  and  yield  strength  of  0.1%  offset  and 
grcutcr. 

Class  C  ami  D  Extensometers.  Extensometers 
with  a  gage  length  of  610  mm  (24  in.)  begin  in 
class  C.  although  their  overall  measuring  range 
must  be  considered  as  class  D. 


Gripping  Techniques 

The  use  of  proper  grips  and  faces  for  testing 
materials  in  tension  is  critical  in  obtaining 
meaningful  results.  Trial  and  error  often  will 


(a) 


solve  a  particular  gripping  problem.  Tension 
testing  of  most  flat  or  round  specimens  cun  he 
accommodated  with  wedge-type  grips  (Fig. 
18).  Wire  and  other  forms  may  require  different 
grips,  such  as  capstan  or  snubltcr  types.  The 
load  capacities  of  grips  range  front  under  4.5 
kgf  (10  Ibf)  to  45.000  kgf  (100.000  Ibf)  or 
more.  ASTM  E  8  describes  the  various  types  of 
gripping  devices  used  to  transmit  the  measured 
load  applied  by  the  test  machine  to  the  tension 
test  specimen. 

Screw-action  grips,  or  mechanical  grips,  arc 
low  in  cost  and  arc  available  with  load  capaci¬ 
ties  or  up  to  450  kgf  (1000  Ibf).  This  type  of 
grip,  which  is  normally  used  for  testing  lint 
specimens,  can  lie  equipped  with  interchange¬ 
able  grip  faces  that  have  a  vaiicty  of  surfaces. 
Faces  arc  adjustable  to  compensate  for  different 
specimen  thicknesses. 

Wedge-type  grips  (Fig.  18)  nre  self-lighten¬ 
ing  and  arc  built  with  capacities  of  up  to  45, (XK) 
kgf  (100.000  Ibf)  or  more.  Some  units  cun  he 
lightened  without  tillering  the  vertical  position 
of  Ihc  faces,  making  it  possible  to  preselect  the 
exact  point  at  which  the  specimen  will  lie  held. 
The  wedge-action  design  works  wcU  tin 
hard-to-hold  specimens  and  prevents  the  intro¬ 
duction  of  large  compressive  forces  that  cause 
specimen  buckling. 

Pneumatic-action  grips  are  available  in  var¬ 
ious  designs  with  capacities  of  up  to  90  kgf 
(200  IbO.  This  type  of  grip  clamps  the  speci¬ 
men  by  lever  arms  that  arc  actuated  by  com¬ 
pressed  air  cylinders  built  into  the  grip  bodies. 
A  constant  force  maintained  on  Ihc  specimen 
compensates  for  decrease  of  force  due  to  creep 
of  the  specimen  in  the  grip.  Another  advantage 
of  this  design  is  the  ability  to  optimize  gripping 
force  by  adjusting  the  air  pressure,  which 
makes  it  possible  to  minimize  specimen  breaks 
at  the  grip  faces. 

Buttonhead  grips  enable  the  rapid  insertion 
of  threaded-end  or  mechanical-end  specimens. 
They  can  be  manually  or  pneumatically  oper¬ 
ated.  as  required  by  the  type  of  material  or  lest 
conditions. 


(b) 


p.  -  res,  setup  U5inB  weilye  grips  on  (,i)  a  fl.il  specimen  with  axial  extensnmeter  and  dr)  a  round  specimen  with 
■ ! *8*  1 U  diametral  cxiensomcier 


Alignment.  Whether  the  specimen  is 
threaded  into  the  crosshcnds,  held  by  grips,  or 
is  in  direct  contact  with  platens.  Ihc  specimen 
must  be  well  aligned  with  the  load  cell.  Any 
misalignment  will  cause  a  deviation  from  uni¬ 
axial  stress  in  the  material  studied. 


Force  Verification  of 
Universal  Testing  Machines 


The  calibration  and  verification  of  UTM  sys¬ 
tems  refer  to  two  different  methods  that  arc 
not  synonymous.  Calibration  of  testing  ma¬ 
chines  refers  to  the  procedure  of  determining 
the  magnitude  of  error  in  the  indicated  loads. 
Verification  is  a  calibration  to  ascertain  whether 
the  errors  arc  within  a  predetermined  range. 
Verification  also  implies  certification  that  n 
machine  meets  staled  accuracy  requirements. 
Valid  verification  requires  device  calibration 
by  skilled  personnel  who  arc  knowledgeable 
about  testing  machines,  related  instruments, 
and  the  proper  use  of  device  calibration  stand¬ 
ards  (such  ns  ASTM  E  74  for  load  Indicators 
and  ASTM  E  83  for  extensometer  devices).  Af¬ 
ter  verification  is  performed,  the  calibrator  or 
agency  must  issue  reports  and  certificates  at¬ 
testing  ro  compliance  of  the  equipment  with  the 
verification  requirements,  including  the  loading 
rangc(s)  for  which  the  system  may  be  used. 

Force  Verification.  For  the  load  verifica¬ 
tion  to  be  valid,  the  weighing  systcm(s)  and 
associated  instrumentation  and  data  systems 
must  be  verified  annually.  In  no  ease  should 
the  time  interval  between  verifications  exceed 
18  months.  Testing  systems  and  their  loading 
ranges  should  be  verified  immediately  after  re¬ 
location  of  equipment,  after  repairs  or  parts  re¬ 
placement  (mechanical  or  clectric/clcctronic) 
that  could  affect  the  accuracy  of  the  load¬ 
measuring  systcm(s),  or  whenever  the  accuracy 
of  indicated  loads  is  suspect,  regardless  of 
when  the  last  verification  was  made. 

Force  verification  standards  for  mechanical 
testing  machines  include  specifications  from 
various  standards  organizations  such  as: 


SpcdfinUlort  nitmjur 

EN  MXK12-2 

DIN  IvN  10002*2 

ns  1610 
ns  EN  10002-2 


ASTM  E  4 


Specification  tide 

Metallic  Materials— Tensile 
Testing— Pun  2:  Verification  of 
Ihc  Force  Measurements 
Fart  2:  Verification  of  the  Force- 
Measuring  System  of  Tensile 
Testing  Machines 
Materials  'resting  Machines  and 
Force  Verification  litjuipmeni 
Verification  of  the  Force  Measuring 
System  of  the  Tensile  Testing 
Machine 

Standard  Practices  for  Force 
Verification  of  Testing  Machines 


To  comply  with  ASTM  E  4,  one  or  a  combi¬ 
nation  of  the  three  allowable  verification  meth¬ 
ods  must  be  used  in  the  determination  of  the 
loading  range  or  multiple  loading  ranges  of  the 
testing  system.  These  methods  are  based  on  the 
use  of: 
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•  Stmultml  weights 

•  Standard  weights  and  lever  balances 

•  Elastic  calibration  devices 

For  each  loading  range,  ut  least  five  (prefera¬ 
bly  more)  verification  load  levels  must  be  se¬ 
lected.  The  difference  between  any  two  suc¬ 
cessive  test  loads  must  not  be  larger  than  one 
third  of  the  difference  between  the  maximum 
and  minimum  test  loads.  The  maximum  can  be 
the  full  capacity  of  an  individual  range.  For 
example,  acceptable  test  load  levels  could  be 
10, 25. 5U.  75.  and  100%,  or  1 0, 20, 40, 70,  und 
100%,  of  the  stated  machine  range. 

Regardless  of  the  load  verification  method 
used  at  each  of  the  test  levels,  the  values  indi¬ 
cated  by  the  load-measuring  system(s)  of  the 
testing  machine  must  be  accurate  to  within 
±1%  of  the  loads  indicated  by  the  calibration 
standard.  If  all  five  or  more  of  the  successive 
test  load  deviations  arc  within  the  ±1%  re¬ 
quired  in  ASTM  H  4,  the  loading  ranges  may  bo 
established  and  reported  to  include  all  of  the 
values.  If  any  deviations  are  larger  than  ±1%, 
the  system  should  be  corrected  or  repaired  im¬ 
mediately.  For  determining  accuracy  of  values 
ut  various  test  loads  (or  the  deviation  from  the 
indicated  load  of  the  standard),  ASTM  B  74 
specifics  the  required  calibration  accuracy  tol¬ 
erances  of  the  three  allowable  types  of  verifica¬ 
tion  methods. 

For  determining  material  properties,  the  test¬ 
ing  machine  loads  should  be  as  accurate  as  pos¬ 
sible.  In  addition,  deformations  resulting  from 
load  applications  should  be  measured  as  pre¬ 
cisely  as  possible.  This  is  particularly  impor¬ 
tant  because  the  relationship  of  load  to  defor¬ 
mation,  which  may  be,  for  example,  extension 
or  compression,  is  the  main  factor  in  determin¬ 
ing  material  properties. 

As  described  previously,  load  accuracy  may 
be  ensured  by  following  the  ASTM  E  4  proce¬ 
dure.  In  a  similar  manner,  the  methods  con¬ 
tained  in  ASTM  I;  83,  if  followed  precisely, 
will  ensure  that  the  devices  or  instruments  used 
for  deformation  (strain)  measurements  will  op¬ 
erate  satisfactorily. 

Manufacturers  of  testing  machines  calibrate 
before  shipping  and  certify  conformation  to  the 
manufacturer's  guarantee  of  accuracy  and  any 
applicable  standards,  such  as  ASTM  E  4.  Sub¬ 
sequent  calibrations  can  be  made  by  the  manu¬ 
facturer  or  another  organization  with  recog¬ 
nized  equipment  that  is  properly  maintained 
and  recertified  periodically. 

Example:  Calibrating  a  60,000  Ibf  Capac¬ 
ity  Testing  Machine.  A  60,000  Ibf  capacity 
dial-type  UTM  of  either  hydraulic  or  screw- 
driven  design  will  have  the  following  typical 
scale  ranges: 

•  0  to  60,000  Ibf  reading  by  50  Ibf  divisions 

•  0  to  30,000  Ibf  reading  by  25  Ibf  divisions 

•  0  to  12.000  Ibf  reading  by  10  Ibf  divisions 

•  0  to  1200  Ibf  reading  by  1  Ibf  divisions 

As  discussed  previously,  the  ASTM  required 
accuracy  is  ±1%  of  the  indicated  load  above 


10%  of  each  scale  range.  Most  manufacturers 
produce  equipment  to  an  accuracy  of  ±0.5%  of 
the  indicated  load  or  ±  one  division,  whichever 
is  greater. 

According  to  ASTM  specifications,  the 
60,000  Ibf  scale  range  must  be  within  1%  at 
60,000  Ibf  (±600  Ibf)  und  at  6000  Ibf  (±60  Ibf). 

In  both  eases,  the  increment  division  is  50  Ibf. 
Although  the  initial  calibration  by  the  manufac¬ 
turer  is  to  closer  tolerance  than  ASTM  0  4,  sub¬ 
sequent  rccttlibrntions  arc  usually  to  the  ±1% 
requirement.  In  the  low  range,  the  machine 
must  be  accurate  (±1  %)  from  120  to  12(H)  Ibf. 
Thus,  the  machine  must  be  verified  from  120  to 
60.000  Ibf. 

If  proving  rings  are  used  in  calibration,  a 
60, (MX)  Ibf  capacity  proving  ring  is  usable  down 
to  a  6(X)0  Ibf  load  level.  A  6<HX)  Ibf  capacity 
proving  ring  is  usable  down  to  a  600  Ibf  load 
level,  and  a  I (XX)  Ibf  capacity  proving  ring  is 
usable  down  to  a  100  Ibf  load  level. 

If  calibrating  load  cells  are  used,  a  60,000  Ibf 
capacity  load  cell  is  usable  down  to  a  3000  Ibf 
load  level,  a  6000  Ibf  capacity  load  cell  is  us¬ 
able  to  a  300  Ibf  load  level,  and  a  600  Ibf  capac¬ 
ity  load  cell  is  usable  down  to  a  120  Ibf  load 
level. 

Before  use,  proving  rings  and  load  cells  must 
be  removed  from  their  eases  and  allowed  10  sta¬ 
bilize  to  ambient  (surrounding)  temperature. 
Upon  stabilization,  either  type  of  unit  is  placed 
on  the  table  of  the  testing  machine.  At  this 
stage,  proving  rings  are  ready  to  operate,  but 
load  cells  must  be  connected  to  an  appropriate 
power  source  and  again  be  allowed  to  stabilize, 
generally  for  5  to  15  min. 

Each  system  is  set  to  zero,  loaded  to  tltc  full 
capacity  of  the  machine  or  elastic  device,  then 
unloaded  to  zero  for  checking.  Loading  to  full 
capacity  and  unloading  must  be  repeated  until  a 
stable  zero  is  obtained,  after  which  the  load 
verification  readings  are  made  at  the  selected 
test  load  levels. 

For  the  highest  load  range  of  60,(XH)  Ibf, 
loads  are  applied  to  the  calibrating  device  from 
its  minimum  lower  limit  (6000  Ibf  for  proving 
rings  and  3000  Ibf  for  load  cells)  to  its  maxi¬ 
mum  60.000  Ibf  in  a  minimum  of  five  steps,  or 
test  load  levels,  as  discussed  in  the  section 
“Force  Verification”  in  this  article.  In  the  veri¬ 
fication  loading  procedure  for  proving  rings,  a 
“set-thc-load”  method  usually  is  used.  The  lest 
load  is  determined,  and  the  nominal  load  is  pre¬ 
set  on  the  proving  ring.  The  machine  load  read¬ 
out  is  read  when  the  nominal  load  on  the  prov¬ 
ing  ring  is  achieved.  For  load  cells,  a 
“folio w-lhe-load"  method  can  be  used,  wherein 
the  load  on  the  display  indicator  is  followed  un¬ 
til  the  load  reaches  the  nominal  load,  which  is 
the  preselected  load  level  on  the  readout  of  the 
testing  machine. 

In  both  methods,  the  load  of  the  testing  ma¬ 
chine  and  the  loud  of  the  calibration  device  are 
recorded.  The  error.  F.,  and  the  percent  error, 
fp,  can  be  calculated  as: 

E-A-B 

(F.i)  13) 

p  n 


wlterc  A  is  the  load  indicated  by  the  machine 
being  verified  in  Ibf.  kgf.  or  N.  and  H  is  the  cor¬ 
rect  vnlue  of  the  applied  load  (Ibf.  kgf.  or  N).  as 
determined  by  the  calibration  device. 

This  procedure  is  repealed  until  each  scale 
range  of  the  testing  machine  has  been  cali¬ 
brated  from  minimum  to  maximum  capacity 
The  necessary  reports  ami  certificates  are  thcr. 
prepared,  with  tltc  loading  rnnge(s)  indicated 
clearly  as  required  by  ASTM  F.  4.  Figures  Mb' 
and  9  illustrate  UTMs  being  calibrated  will 
elastic  proving  rings  and  calibration  load  cells. 


Tensile  Testing 

Tensile  testing  requirements  arc  specified  ii 
various  standards  for  a  wide  variety  of  ditlcren 
materials  and  products.  Tuble  4  lists  variom 
tensile  testing  specifications  from  several  stand 
urds  organizations.  These  specifications  dehn 
requirements  for  the  test  apparatus,  test  sped 
mens,  and  test  procedures. 

Standard  tensile  tests  are  conducted  using  ; 
threaded  tensile  specimen  geometry,  like  th 
standard  ASTM  geometry  (Fig.  19)  of  ASTM 
8.  To  load  the  specimen  in  tension,  the  thrcade. 
specimen  is  screwed  into  grips  attached  to  eacl 
crosshead.  Tltc  boundary  condition,  or  load. : 
applied  by  moving  the  crossheads  away  froi 
one  another. 

For  a  variety  of  reasons,  it  is  not  always  pos 
siblc  to  fabricate  a  specimen  as  shown  in  Fi; 
19.  For  thin  plate  or  sheet  materials,  a  flat,  < 
dog-bone,  specimen  geometry  is  used.  The  doj. 
bone  specimen  is  held  in  place  by  wedg 
shaped  grips.  The  holding  capacity  of  the  grip 
provides  a  practical  limit  to  the  strength  of  m 
terial  that  a  machine  can  test.  Other  specimt 
geometries  can  be  tested,  with  certain  caution; 
and  formulas  for  critical  dimensions  are  give 
in  ASTM  E  8. 

Accuracy,  Repeatability,  and  Precision  , 
Tension  Tests.  Accuracy  and  precision  of  te 
results  can  only  be  quantified  when  know 
quantities  are  measured.  One  difficulty  of  t 
sessing  data  is  that  no  agreed-upon  “materi 
standard”  exists  as  reference  material  wit 
known  properties  for  strength  and  elongatic 
Tests  of  the  “standard  material”  would  reve 
the  system  accuracy,  and  repeated  experimet. 
would  quantify  its  precision  and  repeatability. 

A  variety  of  factors  influence  accuracy,  pr 
cision,  and  repeatability  of  test  results.  Sourc 
for  errors  in  tension  testing  arc  mentioned 
the  appendix  of  ASTM  E  8.  Errors  can  l 
grouped  into  three  broad  categories: 

•  Instrumental  errors:  These  can  involve  n 
chine  stiffness,  accuracy  and  resolution  • 
the  load  cell  output,  alignment  of  the  spe' 
men,  gripping  of  the  specimen,  and  accurv 
of  the  extensoineter. 

•  Testing  errors:  These  can  involve  inili 
measurement  of  specimen  geometry.  cl<' 
tronic  zeroing,  and  establishing  a  prelt 
stress  level  in  the  specimen. 
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•  Material  factors:  These  describe  the  rela¬ 
tionship  between  the  material  intended  to  be 
studied  and  that  being  tested.  For  example, 
does  the  material  in  the  specimen  represent 
the  parent  material,  and  is  it  homogenous? 
Other  material  factors  would  include  speci¬ 
men  preparation,  specimen  geometry,  and 
material  strain-rate  sensitivity. 

The  ASTM  committee  for  tensile  testing  re¬ 
ported  on  a  round  robin  set  of  experiments  to 
assess  repeatability  and  to  judge  precision  of 
standard  quantities.  In  this  series  (see  appendix 
of  ASTM  K  8)  si*  specimens  of  six  materials 
were  tested  at  six  different  laboratories.  The 
comparison  or  measurements  within  a  labora¬ 
tory  and  between  laboratories  is  given  in  Table 
5.  Tltc  data  show  the  highest  level  of  reproduc¬ 
ibility  in  the  strength  measurements;  the  lowest 
reproducibility  is  found  in  elongation  and  re¬ 
duction  of  area.  Within-laboratory  results  were 
always  more  reproducible  than  those  between 
laboratories. 


Compression  Testing 

Compression  tests  arc  conducted  to  provide 
engineering  data  on  compressive  strength  and 


compressive  failure,  these  datu  can  dilfer  sub¬ 
stantially  from  tensile  properties.  Dntii  on  the 
response  of  materials  to  compression  arc 
needed  for  engineering  design,  such  as  loading 
concrete  structures,  or  in  metal  fabrication, 
such  as  forging  and  rolling.  One  advantage  of 
compression  testing  is  the  elimination  of  neck¬ 
ing  instability  found  in  tensile  testing  of  ductile 
metals.  However,  the  geometry  of  compression 
specimens  can  cause  buckling  instabilities  and 
failure,  and  frictional  effects  between  the  speci¬ 
men  and  the  platens  can  cause  barreling.  From 
a  practical  point  or  view,  compression  testing 
can  reach  the  capacity  of  some  machines  be¬ 
cause  the  force  requirement  increases  with  ma¬ 
terial  hardening  and  with  the  increase  in  cross- 
scctional  area  of  the  specimen.  This  increase  in 
*  urea  contributes  to  the  frictional  effects  as  well. 

When  testing  high-strength  brittle  materials 
to  failure,  there  exists  a  potential  hazard  from 
fragments  of  the  specimen  being  ejected  at  high 
velocity.  Personnel  and  equipment  should  he 
appropriately  shielded. 

General  Procedures,  Various  standards  Tor 
compression  testing  are  listed  in  Table  6  along 
with  ASTM  E  9.  The  most  common  specimen 
geometry  for  compression  testing  is  a  right  cir¬ 
cular  cylinder  with  flat  planar  ends.  ASTM  li  9 
identifies  three  sizes  of  specimens  grouped  as 
small,  medium,  and  long.  These  samples  differ 


Table  4  Tension  testing  standards  for  various  materials  and  product  forms 


Specification  mnwher 


Specification  title 


ASTM  A  770 
ASTM  A  931 
ASTM  H  557 

ASTMB557M 

ASTM  C  V>5 
ASTM  C  1275 

ASTM  C  1359 

ASTM  D  76 
ASTMER 
ASTMK8M 
ASTM  F.  338 
ASTM  C  345 
ASTM  F.  602 
ASTM  1:740 
ASTM  E  1450 
ASTM  F  1501 
ASTM  F  152 
ASTM  F 19 
ASTM  F  1 147 
BS  EN  10002 
BS  18 
BS  4759 
US  3688-1 
BS  3500-6 
BS  3500-3 
BS  3500-1 
BS  1687 
BS  1686 
DIN  53455 
DIN  53328 
DIN  50149 
EN  10002-1 
ISO  204 
ISO  783 
ISO  6892 
JlS  B  7721 
J1SK7U3 


Standard  Specification  for  moueh-Thicknm Tension  Testing  nf  Sleet  Males  for  Special  Applications 

££!?2! 

StandardTest  Method*  of  Tension  Testing  Wrought  and  Cast  Aluminum-  and  Magncsium-Altoy 
StmttardTM  Mc'tbods  for  Tension  Testing  of  Carbon  and  Graphite 

cmmi-irH  Tost  Method  for  Manotonic  Tensile  Strength  1  csting  of  Continuous  nbcr-Kcinfnrcui 

S  Advanced  Ceramics  w  ith  Solid  Rectangular  Cross- Section  Specimen*  at 

Kiaiuhrd  TeM  Method  for  Monotonic  Tensile  Strength  Testing  of  Continuous  hber-RemfoKctl 

^  AdvanccdCcramies  with  Solid  Rectangular  Cross-Section  Specimens  at  TJcvaled  citipcraturcs 

Standard  Specification  for  Tensile  Testing  M‘S5,ncf|fgrJ**ifl5* 

Standard  Test  McOkhIs  for  Tension  Testing  of  Metallic  Materials 

Standard  Test  Methods  for  Tension  Testing  of  Meta  lie  Materials ‘  J  J  , 

Standard  Test  Method  of  Sharp-Notch  Tension  Testing  of  High-Strcnglh  Sheet  Materials 
Stundard  Test  Methods  of  Tension  Testing  of  Metallic  Foil 
Standard  Method  for  Sharp-Notch  Tension  Testing  with  Cylindrical  I  Spccimt  ns 
Standard  Practice  for  Fracture  Testing  with  Snr face-track .Tension  Specimens 
Standard  Test  Method  for  Tension  Testing  of  Structural  Alloys  inUquid  Helium 
StandardTest  Method  for  Tension  Testing  of  Calcium  Phosphate  Coatings 
Standard  Test  Methods  for  Tension  Testing  of  Nonmctallic  Casket  Materials 
Standard  Test  Method  for  Tension  and  Vacuum  Testing  Metallized  Ceramic  Seals 
Standard  Test  Method  for  Tension  Testing  of  Porous  Metal  Coatings 
Tensile  Testing  of  Metallic  Materials 

Method  for  Tensile  Testing  of  Metals  {Including  Aerospace  Materials) 

Method  for  Determination  of  K-Valties  of  a  Tensile  Testing  System 
Tensile  Testing 

Tensile  Stress  Relaxation  Testing 
Tensile  Creep  Testing 
Tensile  Rupture  Testing 
Medium-Sensitivity  Tensile  Creep  Testing 

Long-Period,  High-Sensitivity,  Tensile  Creep  1  esting 
Tensile  Testing:  Testing  of  Plastics 
Testing  of  Leather,  Tensile  Test 

Metallic  Materials— Uninterrupted  Uniaxial  Creep  !  esung  Intension— Method  of  Test 
Metallic  Materials— Tensile  Testing  at  Elevated  Temperature 
Metallic  Materials— Tensile  Testing  ut  Ambient  Temperature 
Tensile  Testing  Machines  . 

Testing  Methods  for  Tensile  Properties  of  Plastics  (English  Version) 


in  the  mlio  of  length  to  diameter.  Other  shapes 
can  he  tested,  but  to  avoid  geometric  buckling, 
special  fixtures  arc  required. 

To  load  the  standard  specimen  (right  circular 
cylinder)  a  puir  of  platens  attached  to  the 
crosshends  make  contact  with  the  specimen. 
These  platens  must  be  flat,  smooth,  and  parallel 
to  ojtc  another.  To  avoid  frictional  effects,  the 
specimen  and  platen  interface  is  lubricated  with 
silicon  grease.  In  the  case  of  compression  test¬ 
ing.  the  crossheads  move  toward  one  another. 

Compression  tests  can  Ik  performed  using 
UTM  equipment  with  or  without  a  subpress,  or 
with  a  unit  specifically  designed  for  compres¬ 
sion  testing.  The  unit  specifically  designed  for 
compression  testing  may  be  portable  for  such 
purposes  as  in-the-ficld  measurement  of  con¬ 
crete  compressive-failure  strength.  Figure  20 
shows  a  diagram  of  a  subpress.  This  unit  is  in¬ 
serted  between  the  crosshead  platens  of  a  conven¬ 
tional  UTM  machine.  The  subpress  eliminates 
any  lateral  loads  when  aligned  in  the  UTM. 

The  boundary  condition  for  compression  test¬ 
ing  can  be  established  by  load  rate  or  with 
erosshend  speed,  such  that  the  specimen  de¬ 
forms  at  a  strain  rale  of  0.005/mi  n  as  given  in 
ASTM  E  9.  The  analysis  of  deformation  should 
Ik  limited  to  the  region  of  the  test  where  defor¬ 
mation  occurs  homogeneously.  The  test  should 
also  be  halted  if  the  load  reaches  the  capacity 
of  the  load  cell  as  a  result  of  increased  cross- 
sectional  area  of  the  specimen. 


l _ L 


Thread  diamGx  10 
threads  per  Inch 


Abbrtvhtlfofi 

i  IHmcnxlnn 

MeMumtteHl 

In.  mm 

G 

Gage  length 

2.4606 

62.5  ±0.1 

D 

Diameter 

0.4920 

12.5  ±0,2 

R 

Radius  of  fillet 

0.3937 

10.0 

A 

length  of  reduced 
section 

2.953 

75 

L 

Approximate  overall 
length 

5.7086 

145.0 

B 

Length  of  end  section 

1.378 

35.0 

C 

Diameter  of  end  section 

0.787 

20 

ESa  IQ  Standard  ASTM  geometry  for  threaded  tensile 
r,8f  1  *  specimens.  Dimensions  (or  the  specimen  are 
Liken  from  ASTM  8M  {metric  units),  or  ASTM  £  8  (English 
units). 


Tables  Results  of  round-robin  testing 


Coefficient  of  variation,  % 


Property _ _ 

Tensile  strength 
0.02%  yield  strength 
0.2%  yield  strength 
Elongation  in  50 
Reduction  in  area 


Wltliln  laboratory 

0-91 

2.67 

1.35 

2.97 

2.80 


Between  laboratory 

L30 

4.46 

2.32 

6.36 

4.59 


Source:  ASTM  K  8 
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Table  6  Compression  testing  standards 
for  various  materials  and  products  forms 


imwlwrr 
ASTM  A  256 

ASTM  0485 


ASTM  C 1 158 


ASTM  E  9 

US  IKK  I  *|  15 
DIN  18554-1 

DIN  52185 

DIN  52 1 02 

DIN  53517 
ISO  31  32 

ISO  438  5 

JIS/.02J4 

JISZ0235 


KptilflciMMm  Hilt 

Siumfiird  M*mIhhI  nf  (  oni|Hv'**t<Mt  Tc*ling 
of  CiiM  lion  (dittontlmicil) 

Standard  Method  for  Diunictiul 
<  ‘onipicHNionTcMiiig  of  Cemented 
Carbide*  (diwon  limnd) 

Standard  Test  Mtfihod  for  Monotonic 
CumprcMivc  Strength  Tctling  of 
Continuous  Pibcr-RcmfuimJ  Advanced 
Ceramics  with  Solid  Rectangular  f 
Section  Specimen*  at  Ambient 
Temperature 

Standard  Test  Method*  of  Compression 
Texting  of  Metallic  Material*  at  Koom 
Temperature 

Specification  for  Compression  Testing 
Machines  for  Concrete 
Testing  of  Masonry,  IX' toi  mi  nation  of 
CutnprcsMvc  Strength  and  of  HlnMic 
Modulus 

Testing  of  Wood.  Compression  Test  Parallel 
m  Grant 

Teiting  of  Wood;  Compression  Test 
Perpendicular  to  Grain 
Testing  of  Rubber  and  Phis  turner* 

Wood— Te&ting  in  Compression 
Perpendicular  to  Grain 
Plain  Bearings — Compression  Testing  of 
Metallic  Bearing  Materials 
Testing  Methods  of  Static  Compression  for 
Package  Cushioning  Materials 
Testing  Methods  of  Dynamic  Compression 
for  Package  Cushioning  Materials 


Croioltood  Adaptor 
rrr- —  Boil  teat  adaptor 

J  n=i - -  Ball 

"Vf  - — —  BnN  tool  adaptor 

*  Dio- tut  top 
Top  anvil 

Ball  and  son! 

_ _ _ — -  Spoctmon 

-  ~~  Centering  waaher 
and  comprossion  pad 

- — —  Centering  cottar 

Bottom  anvil 
7IJ- — *  Dio*  tot  base 


Fitf  20  Sidipft?**  used  during  compression  testing. 
f,°#  Source:  ASTM  CO 


faces  (through  which  the  .arms  of  an  extensom- 
clcr  must  extend)  is  narrow  at  the  beginning  of 
the  test  and  will  decrease  throughout  live  experi¬ 
ment.  Unless  the  specimen  has  a  length-todiam- 
cter  ratio  of  3  lo  I  or  higher,  most  of  the  defor¬ 
mation  data  is  taken  indirectly  from  the  actuator 
position.  As  mentioned  above,  machine  stiffness 
effects  can  produce  errors  in  such  data. 


Table  7  Bend  testing  standards  for 
various  materials  and  product  forms 


Sprrlftnithm 

number _ SiwreWIcaNon  lltlr 


ASTM  II 593 
ASTM  P.290 

ASTM  12855 

ASTM  h  1659 

ASTM  P  383 

AST  M  I*  384 

BS  1639 
DD  87 

DIN  50153 
DIN  5121 1 
DIN  53457 
DIN  KN  910 
ISO  1 143 
ISO  144 


Standard  Ted  Mciltod  fur  Bending  Fatigue 
Tc*ling  for  Copper*  Alloy  Spring  Malcriat 

Standard  Tc*t  Method  for  Semi -Guided 
Bend  Teal  for  Duc  tility  of  Metallic 
Material* 

Stand, ml  lest  Method*  for  Betid  Teding 
of  Metallic  Plat  Material*  for  Spring 
Application*  Involving  Static  1  .muling 

Bending  and  Sltear  Fatigue  T  esting  of 
Calcium  Pltosphatc  Coming*  on  Solid 
Metallic  Substrate* 

Standard  Test  Medan)  for  Stalk  Bend  and 
Torviiui  Texting  of  Intruiticdtillaiy  Rods, 
Standard  Recommended  Piacticc 

Stamlutd  Practice  for  Sialic  Bend  Testing 
ot  Nail  Plate* 

Method*  for  Beiul  Testing  of  Metal* 

MciIhhI  for  Testing  Bending  Strength  and 
Stiffness  of  Bone  Plates  for  Use  in 
Orthopedic 

Reverse  Bending  Test  of  Sheet*  or  Strips 
Us*  Than  3  mmTIiick.  Testing  nf  Mcialth 

Testing  of  Metallic  Materials.  Reverse 
Bend  Te*i  of  Wires 

Determination  of  the  K  la  Stic  Modulo*  hy 
Tensile,  Compression  nnd  Bern!  Testing 

Bend  Testing  of  Welds  in  Metallic  Material* 
Imgtish  Version 

Metals-  -Rotating  Bar  Bending  Fatigue 
Testing 

Steel— Reverse  Be  ml  Testing  of  Win? 


Specimen  Geometry,  As  previously  noted, 
o  right  circular  cylinder  is  ihc  standard  speci¬ 
men  defined  in  ASTM  E  9.  Most  common  in 
compression  testing  is  a  right  circular  cylinder 
with  a  length-to-diumeter  ratio  in  Ihc  range  of  I 
to  3.  Longer  specimens  can  be  tested  but  failure 
from  buckling  instability  will  occur. 

Measuring  loads  that  cause  a  column  of  ma¬ 
terial  to  buckle  can  be  the  purpose  of  the  exper¬ 
iment.  Sheet  or  thin  plate  material  can  be  tested 
to  sonic  extent.  Specimens  must  be  held  in  Fix¬ 
tures  that  constrain  the  material  motion  to  the 
load  plane,  preventing  buckling.  This  type  of 
test  configuration  can  provide  useful  engineer¬ 
ing  data  for  in-service  conditions;  it  cannot 
measure  material  properties  beyond  a  few  per¬ 
cent  strain. 

Specimens  of  cylindrical  shape  will  barrel  as 
the  deformation  becomes  large.  Barreling  is  the 
influence  of  frictional  effects,  between  the  plat¬ 
ens  and  the  specimen,  that  changes  the  stress 
state  in  the  material.  When  barreling  occurs, 
the  assumption  of  homogenous  stress  state 
throughout  the  sample  is  no  longer  valid.  Lu¬ 
bricants  and  Teflon  sheet  material  placed  at  the 
interfaces  have  been  found  to  reduce  this  effect. 
At  large  strains,  the  stress  at  the  interface  will 
squeeze  the  lubrication  from  between  the  plat¬ 
ens  and  the  specimen. 

Short  specimen  length  makes  it  difficult  to  use 
an  extensometer  on  the  sample.  The  short  speci¬ 
men  length  means  the  gap  between  the  platen 


Bending  Tests 

Bending  tests  require  a  different  specimen 
geometry  and  a  different  configuration  for  ap¬ 
plying  the  load.  The  typical  specimen  geometry 
is  a  beam  with  uniform  cross  section.  In  three- 
point  bending,  the  load  is  applied  at  the  mid- 
span  of  a  simply  supported  beam.  In  four-point 
bending,  equal  loads  are  applied  at  equal  dis¬ 
tances  from  the  simple  supports  to  create  a 
shear-free  central  region.  Various  specifica¬ 
tions  arc  listed  in  Table  7. 
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ABSTRACT 

A  one-dimensional  analysis  of  normal  penetration  into  semi- 
infinite  concrete  targets  is  presented.  This  analysis  is  based  on  a 
proposed  relationship  between  the  work  done  by  the  penctrator  during 
penetration  and  the  resulting  crater  volume  produced  in  the  target 
The  basis  for  the  assumption  that  such  a  relationship  must  exist  is  the 
observation  that  such  relationships  have  been  shown  to  exist  in  metal 
on  metal  impacts.  The  resulting  formula  for  penetration  depth  is 
extremely  simple  and  is  shown  to  agree  with  independently  reported 
experimental  results  up  to  impact  velocities  of  !200m/s.  Additionally, 
estimates  for  penetration  time  and  velocity  are  given. 

INTRODUCTION 

In  spite  of  the  incredible  advances  in  computer  modeling  in  the 
past  decade,  one-dimensional,  engineering  models  still  play  a 
significant  role  in  complex  design  environments.  The  advantage  that 
these  engineering  models  offer  is  simplicity.  What  they  sacrifice  is 
the  detail  associated  with  computer  solutions.  Together,  these  two 
approaches  can  advance  a  technical  effort  at  a  pace  that  neither  can 
pursue  independently. 

It  must  be  understood  that  engineering  models  arc  very  often 
based  on  reasoning  that  focuses  on  the  primary  mechanisms  that  drive 
an  event  In  order  to  properly  evaluate  the  assumptions  behind  the 
development  of  an  engineering  model,  it  is  necessary  to  accept  the  fact 
that  simplicity  is  one  of  the  objectives.  Instances  in  which  this  kind  of 
reasoning  has  led  to  useful  conclusions  are  too  numerous  to  mention 
and  everyone  has  been  exposed  to  engineering  models  that  correlate 
well  with  reality.  This  thinking  is  the  motivation  behind  the  analysis 
presented  in  this  paper. 

For  more  than  two  centuries  (e,g,  Johnson,  1992)  the  subject  of 
penetration  of  various  targets  by  non-deforming  penetrators  has  been 
of  interest  to  military  designers  and  engineers.  Some  very  well  known 
mathematicians  and  engineers  have  worked  on  this  problem*  For 
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example,  Robins,  Euler,  and  Poncetct  made  early  contributions  to  the 
theory  of  rigid  body  penetration  (see  Johnson,  1992,  Poneelci,  1829, 
Rinehart  and  Pearson,  1965,  and  Baekman,  1976),  Nevertheless, 
many  technical  problems  remain  and  there  is  considerable  activity  in 
this  area  today.  See  for  example,  Heuze  (1990)/ which  is  a  survey  of 
the  general  area  of  penetration  mechanics  with  particular  emphasis  on 
analytical,  numerical,  and  experimental  approaches.  However,  the  list 
of  contributors  is  too  long  to  mention  in  this  paper  without  offending 
someone.  So,  we  will  not  attempt  to  include  a  comprehensive  list  of 
references  and  instead  we  will  concentrate  on  those  that  are  especially 
relevant  to  our  applications. 

THEORY 

Penetration  of  concrete  and  other  geological  targets  has  been 
modeled  in  a  number  of  ways  to  include  a  variety  of  effects. 
However,  the  relationship  between  crater  volume  and  available 
penctrator  energy  does  not  seem  to  have  been  utilized  to  any  extent 
Yet  for  metal  on  metal  impacts,  there  has  been  some  success  with  such 
relationships  (e.g,,  see  Murphey,  1987  or  Cinnamon,  et  al  1992),  The 
advantage  that  this  has  for  a  non-deforming  penetrate r  is  that  the 
eross-seetionai  area  is  constant  and  approximately  equal  to  the  cross- 
sectional  area  of  the  penctrator.  The  crater  volume  Vc  is  equal  to  the 
cross-sectional  area  Ao  times  the  current  penetration  depth  Z,  i,e. 

Vc  »  A0Z  0) 

This  situation  Is  described  in  Figure  1.  This  relationship  ignores  the 
obvious  difference  between  the  geometry  of  recovered  targets  (see 
Figure  2)  and  the  narrow  “tanner  indicated  by  Equation  (1).  The 
explanation  for  this  is  that  the  crater  geometry  at  the  surface  of  the 
target  is  the  result  of  other  mechanical  behavior.  These  processes  are 
mentioned  by  Forrestal,  et  al,  (1994)  within  the  context  of  “surface 
catering"  and  the  remainder  of  the  penetration  path  is  referred  to  as  the 
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“tunnel  region".  Most  likely,  the  "surface  crater"  is  a  region  of  ejecta 
that  forms  at  the  surface  from  the  shock  at  impact  and  the  combined 
dynamic  stress  state  that  ensues  and  Inter  separates  from  the  main 
target. 


Figure  2.  Cylindrical  Concrete  Target  Showing  Actual 
Surface  Crater  and  Tunnel 


Wc  will  assume  that  the  work  done  by  the  penetrator  on  the 
target  exclusively  goes  into  formation  of  the  tunnel-like  crater 
described  by  Equation  (1).  Wc  assume  further  that  the  change  in 
energy  of  the  penetrator  is  approximately  proportional  to  the  volume 
of  the  crater  formed.  This  means  that 


Imv^-^mv^X^-UoZ  (2) 

2  2 

where  m  is  the  mass  of  the  penetrator.  v0  is  the  impact  velocity,  v  is 
the  current  velocity  of  the  penetrator,  and  X  is  the  constant  of 
proportionality.  Accepting  this  relationship,  it  follows  that 


where  p  is  the  total  depth  of  penetration. 

By  differentiating  Equation  (2),  we  find 

2mv* 

mv--XA0" - - —  W 

P 

which  stipulates  that  the  force  acting  on  the  penetrator  is  constant  and 
equal  to  the  available  energy  divided  by  the  penetration  depth.  The 
negative  sign  indicates  that  the  force  retards  the  motion.  It  is  evident 
that  the  force  that  acts  on  the  penetrator  is  not  constant,  but  depends 
largely  on  penetrator  velocity  v.  Thus,  the  interpretation  placed  on  the 
right  hand  side  of  Equation  (4)  is  that  it  represents  the  average  force 
on  the  penetrator. 

Poncelet  (1829)  originally  proposed  that  the  force  on  the 
penetrator  stemmed  from  a  velocity-dependent  pressure  P  of  the  form 

P-AvJ  +  B  W 

where  A  and  B  are  constants  (see  Rinehart  and  Pearson,  1965).  With 
this  pressure  estimate,  the  force  acting  on  the  penetrator  is 

PA0«(Av2  +  B)A0  (6) 

and  the  average  force  on  the  penetrator  over  the  velocity  range  is 

-fpA0dv  =  (iAv2  +  B)A0  (7) 

The  average  force  estimate  given  in  Equation  (7)  is  an  average  over 
the  velocity  range.  One  question  that  might  be  raised  is  does  this 
estimate  differ  from  a  time  average  taken  over  the  event  time?  Using 
the  results  of  this  paper  and  the  impulse-momentum  equation,  where 
the  time-averaged  force  appears,  one  can  show  that  these  quantities  are 
identical.  By  using  other  estimates  for  the  terminal  time,  Equation  (7) 

will  be  very  close  to  the  time-averaged  force.  .... 

By  equating  Equation  (7)  to  the  magnitude  of  the  right  hand  side 
of  Equation  (4)  and  solving  for  the  penetration  depth,  it  follows  that 


gives  the  penetration  depth.  Notice  that  Equation  (8)  is  simply  a 
work-energy  equation  with  the  work  done  by  the  resisting  force  taken 
equal  to  the  average  force  times  the  distance  over  which  it  acts,  i.e.  the 
penetration  depth  p. 

PENETRATION  INTO  CONCRETE 

Luk  and  Forrestal  (1987)  have  carefully  characterized  the 
constants  A  and  B  for  penetration  into  concrete.  For  ogival-nosed 
penetrators,  A  is  given  by 

A«*Npt  ™ 

where  p,  is  the  density  of  the  target  and  N  is  given  by 
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The  dimensionless  constant  y  Is  the  caliber-radius-head  (CRH)  for  the 
penetrator  nose.  The  caiiber-radius-head  Is  defined  by 


where  s  Is  the  ogive  or  circle  radius  and  2a  is  the  projectile  shank 
diameter.  The  constant  B  is  related  to  dynamic  compressive  strength 
of  the  target  Specifically, 


where  is  the  quasi-static  unconfined  compressive  strength  of  the 
target,  and  S  is  a  dimension! ess  constant  which  is  empirically  related 
to  the  target  unconftned  compressive  strength,  fc, 

EXPERIMENTAL  VALIDATION 

A  series  of  experiments  were  reported  by  Forrestal,  et  at  (1996) 
involving  penetration  of  grout  and  concrete  targets  by  4340  steel 
projectiles  with  ogival  tips.  The  targets  had  unconfined  compressive 
strengths  of  13,5  MPa  and  2L6  MPa,  and  a  density  of  2000  kg/m3. 
The  projectiles  had  caliber-radius-heads  of  3,0  and  4.25,  which 
translates  to  shape  factors  N  of  0.106  and  0.076,  respectively.  AH 
projectiles  had  a  mass  of  0.064  kg  and  a  diameter  of  12,9  mm.  With 
these  prescribed  inputs  into  Equation  (8),  the  comparison  with 
experimental  data  is  shown  in  Figures  3-6.  Evidently,  Equation  (8) 
captures  the  essence  of  the  trends  in  the  data  and  the  comparison  is 
very  favorable. 


result  that  is  obtained  by  Integrating  the  equation  of  motion  for  the 
penetrator  using  the  retarding  force  from  Equation  (6),  The  result  of 
the  integration  is 

<n> 

This  is  Poncelefs  penetration  formula  (see  e.g,,  Rinehart  and  Pearson, 


CRH  -  4,25,  re  -  UJ  MN,  fUpa&B  (t) 
am  M.25,  f ’e*  MP*.  Femattt  tt  *  (if*) Data 


Figure  4.  Data  and  Model  Prediction  for  0.064  kg,  12.9  mm 
Dia.,  CRH  **  4.25  Projectile  with  f  'c  =  13.5  MPa 
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Figure  3.  Data  and  Model  Prediction  for  0.064  kg,  12.9  mm 
Dia.,  CRH  =  3.0  Projectile  with  f  *c  =  13.5  MPa 
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CRH  -  30,  rc  -  21.6  MPa.  Equuk*  (1) 
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OBSERVATIONS 

Equation  (8)  is  interesting  in  that  it  differs  markedly  from  the 


Figure  5*  Data  and  Model  Prediction  for  0,084  kg,  12,9  mm 
Dia.,  CRH  *  3,0  Projectile  with  f  'c  =  21,6  MPa 
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Figure  6.  Data  and  Model  Prediction  for  0.064  kg,  12.9  mm 
Dia.,  CRH  a  4.25  Projectile  with  f  'c  *  21.6  MPa 


1965).  It  is  similar  to  penetration  formulae  published  by  Forrestal,  et 
al.  (1987).  However,  their  contributions  toward  justifying  its  use  and 
characterizing  A  and  B.  for  concrete  and  other  geological  materials 
cannot  be  overstated.  The  correlation  between  Equation  (13)  and  the 
experimental  data  is  virtually  the  same  as  Equation  (8)  for  the  same 
input  information. 

One  decided  difference  between  Equations  (8)  and  (13)  regards 
the  curvature.  Equation  (13)  is  always  concave  upward  with  positive 
slope,  which  means  that  p  is  always  increasing  with  increasing  v0. 
However,  Equation  (8)  changes  curvature  when  v0  reaches 


Yo“ 

Additionally,  penetration  depth  is  limited  by 
v0— >  oo  (in  principle)  by 

3m 

Pm“  *  2A 


(14) 

an  asymptotic  limit  as 

(15) 


Unless,  the  target  medium  is  extremely  dense  and  the  mass  of  the 
penetrator  very  low,  the  performance  limit  predicted  by  Equation  (8) 
will  play  no  role  in  actual  penetration  problems.  In  principle. 
Equation  (8)  has  an  asymptotic  limit  In  practice  however,  such  a 
limit  may  never  be  attained  because  at  the  velocities  necessary  to 
achieve  the  limit  the  projectile  may  fail  on  impact  or  erode  so 
significantly  that  the  penetration  depth  is  limited  by  changes  in  the 


nose  shape  factor  N. 

Notice  that  the  penetration  depth  p,  as  predicted  by  Equation  (8), 
depends  on  three  groupings  of  physical  constants:  mv02/2, 
AA0v02/3,  and  BA„.  It  is  easy  to  interpret  the  role  of  each  of  these 
and  to  assign  significance  according  to  impact  velocity.  At  low 
velocities,  the  grouping  AA0v02/3  is  dominated  by  the  term  BA0- 
Thus,  we  conclude  that  the  effect  of  tip  geometry  for  the  penetrator  is 


much  less  significant  at  low  velocities.  This  fact  is  borne  out  by  the 
data  in  Figures  3*6,  where  there  are  insignificant  differences  between 
the  depths  for  CRH  3.0  and  4.25  at  the  lower  velocities. 

OTHER  RESULTS 

Equation  (8)  is  not  the  only  product  of  this  thcoiy.  Having  found 
the  penetration  depth  p  from  Equation  (8),  we  have  determined  the 
right  hand  side  of  Equation  (4).  This  means  that  by  additional 
integration,  we  can  find  Z,  v,  and  the  time  t 
If  we  begin  with  the  energy  equation.  Equation  (2),  then  it  is  easy  to 
see  that 

(16)' 

which  expresses  the  velocity  as  a  function  of  position.  Observing  that 
v  -  dZ/dt,  we  can  separate  the  variables  in  Equation  (16)  and  integrate 
again  to  find 


This  also  means  that  Z  can  be  expressed  in  terms  of  t 


Now  this  result  can  be  used  to  find  the  velocity  as  a  function  of  time 
by  eliminating  Z  between  Equations  (16)  and  (18).  This  gives  us  a 
complete  description  of  the  motion  of  the  projectile. 

An  example  will  illustrate  the  value  of  the  above  equations. 
Consider  a  steel  penetrator  with  an  ogival  tip  (CRH  *»  4.25)  and  t 
mass  of  0.064  kg.  For  this  projectile,  N=*0.076.  Suppose  that  the 
projectile  impacts  (normally)  a  20.32  cm  thick  target  at  a  velocity 
1000  m/s.  The  concrete  has  a  density  of  2300  kg/m*  (approximately 

143  lbs/ft3)  and  an  unconfined  compressive  strength  of  fj  “  51  MPa 
(1.95  lest).  We  require  estimates  for  the  residual  velocity  of  the 
projectile  and  the  time  for  penetration  of  the  target. 

It  is  easy  to  show,  using  Equation  (8),  that  p  m  0.78  m  for  the  datt 
prescribed  in  this  problem.  This  is  the  penetration  depth  for  the 
projectile  described  into  a  semi-infinite  target  having  the  density  and 
strength  indicated.  Now,  p  can  be  used  in  Equation  (16)  to  find  the 
velocity  of  the  projectile  exiting  the  target  (  residual  velocity  )  is 
860m/s.  It  is  also  easy  to  show  that  the  time  for  the  projectile  to 
complete  penetration  is  218  nsec,  using  Equation  (16).  If  we  wanted 
to  estimate  the  position  of  the  projectile  at  any  given  time  durinj 
penetration,  then  Equation  (18)  could  be  used  to  get  that  information. 

CONCLUSIONS 

In  this  paper,  we  have  presented  a  very  simple  theory  foi 
estimating  the  penetration  depth  of  rigid,  ogive-nosed  projectiles  into 
concrete.  Correlation  with  independently  reported  experimental  data 
with  two  different  projectile  nose  shapes  and  two  different  strengtf 
targets  shows  remarkable  agreement  In  addition,  the  analysis  raise: 
several  questions  regarding  the  trends  that  we  may  expect  in  high 
velocity  penetration  data.  For  certain  combinations  of  target  strength 
and  density,  the  theory  predicts  a  point  of  inflection  and  an  asymptotit 
limit  in  the  impact  velocity/penetration  curve.  The  theory  also  gives 
estimates  for  residual  velocity  and  time  of  passage  through  finite 
thickness  concrete  targets.  It  remains  to  be  seen  whether  the  dafi 
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trends  predicted  by  the  theory  will  be  borne  out  for  higher  velocities 
or  other  tsrget  media. 
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On  the  optimal  nose  geometry  for  a  rigid  pe'netrator 

S.  E.  Jones,  W,  K.  Rulo,  0.  M.  J*rom«,  R.  T,  Kiug 


Abstract  A  variational  formulation  for  the  net  force  on 
the  nose  of  a  rigid  projectile  normally  penetrating  a 
compliant  target  is  given.  Frictional  effects  are  negligible 
in  this  formulation.  The  variational  problem  is  solved  and 
the  result  compared  to  several  popular  nose  geometries. 
For  blunt  tipped  projectile*)  the  optimal  geometry  can 
significantly  enhance  penetration  by  reducing  the  net  force 
of  resistance.  For  long  penetrator  noses,  the  effect  has 
much  less  value.  The  most  interesting  conclusion  is  that  all 
the  optimal  geometries  have  blunt  tips. 


Introduction 

Penetration  mechanics  has  a  long  and  rich  history,  Ana¬ 
lytical  modeling  of  rigid  body  penetration  dates  back  to 
Robins  (1742)  and  Euler  (see  Euler’s  Opera  Omnica 
(1922))  prior  to  1750  (see  W.  Johnson  (1992)).  J.  Poncelct 
(1829)  introduced  a  velocity  dependent  pressure  estimate 
and  produced  an  estimate  for  penetration  depth  that  is  still 
used  today.  More  recently,  Luk  and  Forrcstal  (1987)  and 
others  (e.g.,  Forrestal  (1991),  Forrestal  and  Luk  (1992), 

Forrestal,  et  al.  (1994),  Forrestal,  et  nl.  (1995),  Batra  (1987), 
or  Batra  (1988))  have  advanced  and  refined  the  thinking  _  A  J^^dx 
on  this  problem  for  a  number  of  penetration  applications.  V  / 

Even  the  effect  of  friction  was  introduced  (e.g.,  Forrestal 
(1986)  or  Batra  and  Chen  (1994)), 

.  One  of  the  factors  emphasized  in  the  recent  contribu¬ 
tions  is  the  role  played  by  penetrator  nose  geometry  on 
the  performance  of  the  penetrator.  At  higher  velocities,  the 
depth  of  penetration  is  considerably  influenced  by  the 
geometry  of  the  penetrator  nose.  It  naturally  leads 
to  the  question  as  to  which  nose  geometry  is  optimal  from 
the  perspective  of  depth  of  penetration?  . 

The  analysis  presented  in  this  paper  answers  this  F  =  I  Inyy'pdx. 

question  strictly  from  the  perspective  of  Poncelet  s  veloc-  J0 
ity-dependent  pressure.  It  ignores  certain  failure  mecha¬ 
nisms  that  may  be  present  in  the  target  and  may  promote 


penetration.  The  analysis  further  assumes  that  the  target  is 
ideal  and  that  there  are  no  discontinuities  in  the  pressure. 
The  effects  of  friction  are  also  ignored.  This  question  will 
be  taken  up  later  in  another  paper.  Also  ignored  are  the 
conditions  at  entry  of  the  projectile  into  the  target  and  any 
spall  that  may  be  associated  with  that  event. 

Theory 

Consider  an  axisymmetric  penetrator  with  shank  radius  a 
and  tip  length  b,  as  shown  in  Pig.  1.  Consider  a  pressure  p 
acting  on  the  nose  by  interaction  with  the  target  with 
negligible  frictional  effects.  The  motion  of  the  penetrator  is 
in  the  negative  x-direction.  The  component  of  force  due  to 
the  pressure  on  the  surface  of  the  penetrator  nose  resisting 
the  motion  of  the  penetrator  is 

dF  —  2nyp  sin  0 ds  (l) 


where  0  is  the  tangent  angle  to  the  surface  at  point  (x,y) 
and  ds  is  the  increment  of  arc  length  on  that  surface.  The 
curve  joining  the  tip  (0, 0)  an  the  shank  ( b,o )  is  y  —  y{x)- 
The  arc  length  increment  is 

(2) 

where  /  =  dy/dx  from  the  geometry  in  Fig.  1.  We  note 
that 


sinO 


y 

nA+7* 


(3) 


and  combining  Eqs.  (l)-(3)  and  integrating  over  the  net 
resisting  face  provided  by  the  target,  we  find 


(4) 


For  example,  if  the  pressure  on  the  nose  of  the  pen- 
atrztfsr  k  uniform  D  =  t>fu  then 
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(5) 


If  the  pressure  is  not  uniform,  then  the  resulting  inte¬ 
gration  is  not  so  simple.  For  example,  if  the  pressure  is  a 
function  of  the  component  of  axial  velocity  acting  normal 
to  the  nose  (as  proposed  by  Luk  and  Forrestal  (1987)), 
then  p  is  given  by 

p  =  Av2  sin2  6  -1-  B  (®) 

where  A  and  B  are  target  dependent  physical  constants 
that  will  be  discussed  further  and  v  is  the  current  axial 


(13) 


Fig.  1.  Planar  crow-section  of  (he  nose  of  an  axisymmctric  rod 
penctrator.  The  lip  passes  through  zero  at  x  ^  0  und  a  at  x  =  b. 
The  remainder  of  the  penctrator  is  a  cylinder  of  length  L 


A  more  complex*  but  highly  useful  nose  geometry,  is 
the  ogive.  The  ogive  Is  a  circular  arc  of  radius  s  tangent  to 
the  shank  at  x  *=  b  and  passing  through  zero  at  x  »  0 
(see  Figure  2).  This  means  that 

y  a  -  (s  -  a)  (14) 

where 


s 


a1  +  b1 
2  a 


(15) 


Substituting  Eq.  (14)  into  Eq.  (9)  and  performing  the 
tedious  integration,  we  can  show  that 


4 0s $  -  aA  _  2 (a4  +  2q2bz) 
6«2*2  ~  3(o2  +  fc2)J 


However,  Luk  and  Forrestal  (1987)  introduced  the 
notation,  s  =  2 where  $  is  a  dimensionless  constant, 
and  Eq.  (16)  becomes 


velocity  of  the  penetrator.  The  pressure  can  be  related  to 
y  =  y(x)  by  Eq.  (3)  and  Eq.  (6)  becomes 

r^+B  <7) 

Using  this  pressure  relation  in  Eq.  (4),  we  find  that  the  net 
force  F  resisting  the  motion  of  the  penctrator  is 

=  2nAvz  f  -  —  ■  dx  +  7t«2B 

Jo  1+/1 

=  naz(2-¥  ^  V? 


Av2  fb  yf  A 


V  Jo  i  +  yl 

—  ncr(ANvz  +  B) 


(«) 


N  — 


8^-1 

24^2 


which  is  their  result. 


(17) 


Some  elementary  comparisons 

It  is  interesting  to  compare  the  values  of  N  obtained  from 
several  simple  geometries  where  integration  is  exact.  First, 
let  us  change  to  the  dimensionless  variables  z  =  y/a> 

<;  =  x/b ,  and  Eq.  (9)  becomes 

/l 

"-*1  IT^d{  <18> 

where  z/  =  dz/d;  and  x  =  a/b. 

Consider  conical,  ogival,  and  fractional  power  geome¬ 
tries.  The  resulting  values  of  N  are  given  below. 


where. 


Noi  [b  J)L. 

a2  J0  1  +/2 


dx 


(9) 


The  constant  N  contains  the  only  effect  due  to  penetrator 
nose  geometry. 

For  example,  if  the  nose  of  the  penetrator  is  hemi¬ 
spherical,  then  b  =  a  and 

y  ~  sjtf  -  (a  -  X)2  (10) 

For  this  nose  geometry,  Eq.  (9)  becomes 

Another  simple  geometry  is  that  of  a  conical  nose.  In  this 
case, 


and 


(12) 


Fig.  2.  The  ogival  nose  geometry.  The  tip  passes  through  zero  at 
x  =  0  and  the  tangent  is  zero  at  x  =  b,  The  remainder  of  the 
projectile  is  a  cylinder  of  length  L 


N-2 


(cone.z  =  i) 


(19) 


y(3  ~/V'i  /(I  +/)  -0  (23) 

where  y"  =  d!y/dxJ  and  y(Q)  =  0,  y(h)  =  a.  This  two* 
point  boundary  value  problem  is  challenging  because  it  is 
singular  in  neighborhood  of  x  «  0  and  highly  nonlinear. 
We  can  achieve  some  insight  into  the  solution  to  Eq, 
(23)  by  changing  to  dimensionless  variables.  Let 
r  k  2(()  »  y]a  and  £  =  xfb*  Now*  Eq,  (23)  becomes 


0)(“. 

N  =  —  In  ^1  +  (fractional  power,  z  =  s/l) 

(21) 

A  comparison  of  these  results  is  shown  in  Fig,  3,  For 
smaller  values  of  a  (long  penetrator  nose)  all  of  the  ge¬ 
ometries  have  comparable  values  of  N  and  the  slight  dif¬ 
ferences  will  only  be  reflected  at  high  velocities.  For  a.  ~  1 
(short  penetrator  nose),  the  fractional  power  geometry  at 
N  -  0.402  is  somewhat  better  than  the  other  two  at 
N  =s  0.50, 

Optimal  tip  geometry 

For  each  fixed  nose  length  b  and  shank  radius  at  the  value 
of  N  varies.  The  net  force  on  the  penetrator  nose  (Eq,  (8)) 
is  least  when  the  value  of  N  is  a  minimum.  Such  a  pen¬ 
etrator  will  achieve  maximal  penetration  depth,  assuming 
that  no  changes  in  the  nose  geometry  or  erosion  occur. 
Thus,  we  arrive  at  the  variational  problem  of  choosing  the 
optimal  path  y  =  ^(x)  between  the  tip  and  the  shank  that 
minimizes  the  integral 

;  =  1 1+72 dx’  l22) 

where  ^(0)  —  0,  y(h)  =  a . 

As  indicated,  this  is  a  variational  problem  (e,g„  see 
Lanczos  (1966),  Pars  (1962),  or  Vujanovic  and  Jones 
(1989)).  The  path  that  minimizes  I  satisfies  the  Euler- La¬ 
grange  equation 


z(3  -  aV2)/  +  z*2(l  +  ot2zn)  »  0 


(24) 


where  z f  *=  dz/d^,  z*  ~  d2z/d{2,  and  &  ~  a/b*  The  boun¬ 
dary  conditions  transform  to  z{0)  =  0  and  z(l)  =  1. 

The  dimensionless  constant  a  =  a/b  is  generally  less 
than  1  for  the  cases  that  interest  us.  Consider  a  regular 
perturbation  expansion  in  the  parameter  a2,  say 


z  =  Zo(c)+aJZ|(s)  +  ' 


(25) 


where  terms  of  the  order  of  a4  have  been  neglected.  Sub¬ 
stituting  Eq.  (25)  into  Eq,  (24),  collecting  terms  of  the 
same  order  of  magnitude  and  equating  them  to  zero  leads 
to 

3z02o  +42~0  (26) 

(3zs  -  ZoZ?  )zo  +  ^Zqz')'  244  +  Zq  =  0  (27) 

Terms  of  the  order  of  a4  and  higher  have  been  neglected. 
The  boundary  conditions  for  z  are  independent  of  a  and 
this  infers 

2o(0)  =  0,  zq(1)  ~  1  .  (28) 

*i<  0)«a»(l)  =  0  (29) 

as  the  boundary  conditions  for  Eqs,  (26)  and  (27),  Solving 
Eq,  (26)  subject  to  Eq,  (28)  leads  to 


20 


(30) 


Substituting  this  result  into  Eq,  (27)  and  simplifying  gives 
us  the  linear  equation 


g2  «  3£,  9  27 


(31) 


to  solve  for  z\  subject  to  the  boundary  conditions  in  Eq, 
(29),  The  result  is 


(32) 


This  means  that  to  two  terms,  the  approximate  optimal 
solution  is 


(33) 


It  is  interesting  to  note  that  the  penetrator -having  this  nose 
geometry  does  not  have  a  sharp  tip. 

Equation  (18)  can  be  analytically  evaluated  using  only 
the  first  term  (z  =  {<)  of  Eq,  (33),  The  resulting  approxi- 


Fig,  3,  Comparison  of  N  values  as  a  function  of  alpha  for  various  N  = 
nose  shapes 
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(34) 


N-3 


Since  only  the  first  term  of  the  approximate  solution  was 
used  the  N  values  given  by  Eq.  (34)  would  be  expected  to 
be  accurate  for  only  relatively  small  values  of  ulphu.  This 
will  be  demonstrated  in  the  next  section.  . 


Numerical  solution  to  Eq.  (24) 

A  numerical  solution  for  Eq.  (24)  was  obtulncd  by  as¬ 
suming  a  solution  of  the  following  form 

+  +  (35) 

where  at  and  rt  are  adjustable  parameters  which  arc  a 
function  of  alpha.  A  least  squares  approach  was  used  to 
obtain  values  for  these  parameters  as  will  now  be  de¬ 
scribed.  For  a  particular  alpha  value,  Eq.  (24)  was  evalu¬ 
ated  (using  the  assumed  function,  Eq.  (35))  at  20  evenly 
spaced  {  values  from  0.05  to  I.  These  twenty  function 
values  were  then  squared  and  summed  to  produce  an  ag¬ 
gregate  fit  error.  An  optimizer  was  used  to  adjust  the  at 
and  m  values  to  minimize  the  fit  error.  After  optimization, 
the  coefficients  obtained  for  Eq.  (24)  produced  errors  that 
were  typically  on  the  order  of  ±0.001.  Typical  optimal 
parameter  values  for  various  values  of  alpha  are  shown  in 
Table  1,  and  plotted  in  Fig.  4.  From  Fig.  4  it  can  be  clearly 
seen  that  as  alpha  approaches  zero,  a{  and  a%  approach 
zero,  n3  tends  to  unity,  while  «  approaches  0.25,  This 
means  that  the  optimal  solution  approaches,  z  =  the 
first  term  of  the  approximate  optimal  solution  (Eq.  (34)), 
as  expected. 

Nose  penetration  efficiency  is  indicated  by  a  small  value 
of  the  parameter  N  in  Eq.  (18).  N  versus  alpha  for  five 
different  nose  shapes  are  compared  in  Fig.  3.  Closed  form 
functions  for  N  versus  alpha  where  previously  given  for 
conical,  ogival,  fractional  power  [z  -  <$)>  and  first  term  of 
approximate  solution  ( z  =  $)  nose  shapes  in  Eqs.  (19), 
(20)  (21)  and  (34),  respectively.  To  plot  the  results  for  the 
optimal  solution  given  by  Eq.  (35)  the  N  integral  of  Eq. 
(18)  was  evaluated  numerically  using  the  trapezoidal  rule. 
Care  was  taken  to  allow  for  the  singularity  at  a  =  0  by 
small  increments  in  the  numerical  algorithm 
(Ac;  -=  0.00005)  in  the  vicinity  of  the  singularity.  Figure  3 
indicates  that,  as  expected,  the  optimal  nose  shape  had  the 
lowest  N  for  all  alpha  values.  This  figure  also  shows  that 
using  only  one  term  of  the  approximate  solution  ( z  =  £«) 
produces  accurate  optimal  N  predictions  for  values  of  al¬ 
pha  less  than  0.4. 

In  Fig.  5  the  two  term  approximate  solution  of  Eq.  (33) 
is  compared  with  the  optimal  solution  of  Eq.  (35)  for  small 
and  large  alpha  values.  As  one  would  expect,  the  solutions 


Table  1.  Typical  optimal  parameters  for  the  assumed  nose  shape 
function  z  -  +  a2£2n  +  a3c3n 


Alpha 

*2 

*3 

n 

0.1 

0.0063 

-0.0024 

0.9961 

0.2499 

0.3 

0.0791 

-0.0999 

1.0208 

0.2464 

0.5 

0.3107 

-0.5869 

1.2762 

0.2300 

0.7 

0.7007 

-1.4191 

1.7184 

0.2082 

0.9 

1.1273 

-2.2558 

2.1285 

0.1915 

1.1 

1.5066 

-2.9351 

2.4286 

0.1802 

Fig.  4.  Variation  of  optimal  shape  parameters  <J|,  flj,  a)t  and  n  as 
a  function  of  alpha 


are  virtually  identical  for  the  small  alpha  case  where  the 
approximate  solution  is  valid.  There  are  significant  dif¬ 
ferences  between  the  approximate  and  the  optimal  solu¬ 
tions  for  the  large  alpha  case, 

Finally,  the  shape  of  a  typical  50  caliber  bullet  and  an 
optimally  shaped  penetrator  are  compared  in  Fig.  6.  It  can 
be  noted  that  there  are  significant  differences  in  the 
shapes.  This  is  not  surprising  since  the  bullet  may  not  have 
been  designed  for  depth  of  penetration.  Many  low  caliber 
projectiles  arc  not  designed  to  maximize  depth  of  pene¬ 
tration.  Instead,  they  are  designed  to  enhance  mush¬ 
rooming  of  the  projectile  and  damage  to  the  target. 


Fig.  5.  Comparison  of  optimal  numerical  solutions  with  the  ap¬ 
proximate  solution  of  Eq,  (33)  for  a  =  0.1  and  0.9 


Pig,  6,  Comparison  of  the 
optimal  and  actual  profile  of  a 
50  caliber  bullet 


Fig,  7,  Comparison  of  conical, 
ogival  and  optimal  shapes  for 
a  penetrator  with  a  =  1  and 
b  =  4  (a  »  0.25) 


Conclusions 

In  this  paper,  we  have  presented  an  analysis  of  penetrator 
nose  geometry  that  results  in  some  interesting  conclu¬ 
sions,  Using  Poncelet*s  velocity-squared  pressure  law,  the 
net  resistive  force  on  the  penetrator  as  a  function  of  nose 
geometry  was  presented.  It  was  clear  from  the  form  taken 
of  the  net  force  that  there  was  an  optimal  geometry  for 
each  radius  to  nose  length  ratio  ee.  This  naturally  lead  to 
a  variational  problem  from  which  the  optimal  nose  ge¬ 
ometry  followed.  The  solution  to  this  problem  is  inter¬ 
esting  in  that  it  somewhat  contradicts  our  intuition. 
Instinctively,  we  think  of  a  sharp  penetrator  as  having  the 
most  favorable  geometry.  Indeed*  cones  and  ogives  are 
very  popular  noses  for  cylindrical  projectiles.  However, 
from  the  perspective  of  reducing  the  net  force  on  the 
projectile  an  all  together  different  geometry  is  predicted 
by  the  analysis.  Of  course,  there  may  be  other  mecha¬ 
nisms  for  target  failure  or  different  objectives  for  pro¬ 
jectiles  other  than  achieving  maximum  penetration  depth 
by  minimizing  the  net  force  on  the  penetrator.  For  ex¬ 
ample,  Fig.  6  shows  a  comparison  between  the  nose  ge¬ 
ometry  of  a  standard  50  caliber  bullet  and  the  optimal 
geometry  for  the  same  nose  length.  There  is  a  substantial 
difference  probably  due  to  the  defeat  objectives  of  the 
bullet 

Another  comparison  between  conical,  ogival,  and  the 
optimal  geometry  is  shown  in  Fig,  7.  The  nose  length  is  two 
diameters.  This  corresponds  to  a  =  0,25  and  a  caliber-ra- 
dius-head  (CRH,  e,g„  see  Luk  and  Forrestal  (1987))  of 
^  =  4,25  (Eq.  (17)),  The  distinct  differences  between  the 
geometries  are  noted.  The  value  of  N  for  the  conical  tip  is 
0,059.  For  the  ogive,  N  =  0.076  and  for  the  optimal  geom¬ 
etry  N  =  0.049,  These  differences  will  be  insignificant  for 
the  lower  impact  velocities  and  may  not  matter  very  much 
at  very  high  impact  velocities  because  of  the  erosion  that 
takes  place  during  penetration  of  certain  abrasive  targets. 
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Abstract 

In  a  related  paper  (Jones  ct  al„  Comput  Mcch,  1998:22:413)  the  problem  or  maximizing  the  depth  of 
penetration  by  a  normally  impacting  cylindrical  projectile  by  optimizing  the  nose  geometry  was  considered. 
These  results  were  accomplished  by  neglecting  any  frictional  resistance  ottered  by  the  target  and  on  y 
considering  the  normal  pressure  acting  against  the  penetrator  nose.  The  problem  of  maximizing  the 
penetration  depth  achieved  by  the  normal  impact  of  a  cylindrical  projectile  including  the  effects  of  fuction 
acting  on  the  penetrator  nose  is  a  much  more  challenging  problem.  In  this  paper,  the  normal  wnpacl  an 
penetration  problem  is  considered  including  the  effects  of  pressure-dependent  friction.  <D  -000  Elscvici 

Science  Ltd.  All  rights  reserved. 


1.  Introduction 

In  an  earlier  paper,  Jones  cl  al.  [1]  presented  the  nose  geometry  for  a  normal  impacting,  rigid 
projectile  that  maximizes  penetration  depth.  This  problem  was  solved  by  neglecting  all  forms  ol 
friction  that  act  on  the  penetrator  nose.  By  assuming  that  the  pressure  that  acts  on  the  nose  of  the 
penetrator  is  of  Poncelet  form  [2]  (see  also  [3,4,  p.  15]  or  [5,  pp.  200,  210]),  it  was  shown  that 
the  nose  had  a  fairly  simple  geometry.  In  spile  of  the  simplicity  of  this  result,  it  is  surprising  that 
the  optimal  geometry  had  a  blunt  nose  regardless  of  the  nose  length.  j 

For  moderate  to  low  impact  velocities  there  seemed  to  be  little  to  gain  from  the  optimal 
geometry  over  most  others.  However,  at  very  high  impact  velocities  (say,  those  m  excess  of 
1000  m/s)  substantial  differences  could  be  noted  in  penetration  depth  when  compared  to  othei 
conventional  geometries.  As  indicated  earlier,  the  projectile  impacts  normally  and  it  is  assumed 
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,hal  the  energy  level  is  high  enough  10  negleel  any  of  the  effects  associated  with  entry  into  the 

There  has  been  much  effort  directed  toward  understanding  the  various  forms  that  friction  can 
tike  (c g  [til  or  f7]>.  This  is  a  very  complicated  problem,  especially  when  high  sliding  speeds  me 
involved  (c  g  [8-10]).  Very  little  appears  to  be  known  about  the  friction  that  acts  on  bodies  dimng 
high  vc  ocity  penetration  However,  evidence  points  toward  some  pressure  dependence  with 
reduced  coefficient  of  friction.  The  simplest  form  that  such  friction  can  take  is  that  which  is 
r™  flb.  u“  pressure,  similar  to  classical  Coulomb  friction.  Other  forms  have  been 
proposed  (e  g  [9])  and  these  could  be  incorporated  into  the  analysis  presented  in  this  papci  with 
more'dillicuUy.  The 'present  effort  utilizes  a  friction  force  that  is  proportional  to  the  pressure  and 
this  has  a  substantial  effect  on  the  results.  Some  unexpected  complexities  make  any  foim 
app roxima te° sol ui ion  practically  impossible.  A  numerical  study  of  the  solutions  to  the  Eulcr- 
Lagrange  equation  is  performed.  The  results  arc  both  interesting  and  useful. 


2.  Force  of  resistance  on  the  projectile 

Consider  a  rigid  axisymmetrie  projectile  normally  penetrating  a  semi-infinite  target.  The  cross- 
scctk  n  of  the  tin  is  shown  in  Fig.  I.  The  length  of  the  nose  is  b  and  the  rad.us  of  he  shank  of  the 
For  all  acceptable^ nose  geometries  y  =  y(x),  y(0)  =  0  and  #)  -  a.  We  assume  tn  this 
analysis  that  the  effects  of  friction  are  negligible  beyond  the  nose  at  x  -  />. 

The  increment  of  force  resisting  the  motion  of  the  projectile  is 


it/-'  =  2 ny(  />  sin  0  +f  cos  0)  ds, 


0) 


Fig  I  Cross-scclion  of  the  nose  of  an  axisymmetrie  penctralor.  The  pcnelnUor  is  acted  upon  by  a  continuous  l’ress“rc 
,,  £m|  friction  <|icr  unit  area)/  The  length  of  the  nose  of  the  projectile  is  h  and  the  ladms  of  the  Stan  . 
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where 

d.s  =  yr+  f2  dx  ^ 

is  the  increment  of  are  length  on  the  surface  of  the  nose.  Prom  the  geometry  in  Fig.  1,  it  is  easy  to  see 


that 


y  =  tan  0, 

(3) 

sin  0  =  JL- 

(4) 

s/ 1  +  y2 

and 

oac  /)  ~  .  — ; — 

(5) 

v7!  +  J t''2 

Substituting  Eqs.  (2),  (4)  and  (5)  into  Kq.  (1),  we  find 

d/*‘  =  2ny(y'p  +/)  dx 

(6) 

which  can  be  integrated  between  x  =  0  and  b  to  give  the  net  force  F  resisting  the  motion  of  the 
projectile 


/*'  =  In 


f  (yy'p  +  >:/)  dx. 


0 


(7) 


3.  Friction  on  the  projectile 

There  are  a  number  of  forms  that  friction  may  take.  Among  the  simplest  for  this  problem  is 

friction  proportional  to  the  normal  pressure  />.  Take  the  coefficient  of  friction  to  be  p  and 

,  (8) 
,/  =  BP- 

As  we  assumed  in  our  previous  paper  [1],  the  pressure  p  is  of  the  Poncelet  type 

p  =  Av2  sin2  0  +  B,  ^ 

where  A  and  B  are  constants,  i»  is  the  current  axial  velocity  of  the  projectile,  and  osin  O  is  the 
normal  component  of  axial  velocity  contributing  to  the  pressure  at  the  surface  of  the  nose  (see  [3j). 
Now,  substituting  Eqs.  (8)  and  (9)  into  Eq.  (7),  we  find 
n> 


F  =  2n 


Av2yyl±BLl  +  B(yy'A-py) 
1  +  y 


dx, 


(10) 


where  sin  0  in  Eq.  (9)  has  been  replaced  by  the  right-hand  side  of  Eq.  (4). 

When  p  =  0  in  Eq.  (10),  we  return  to  the  problem  considered  in  [1]  in  which  the  net  resistive 

force  has  the  form 


F  =  2nAv: 


f"  y/3 


>i  +  y 


75  dx  +  m2B 


(11) 
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and  il  is  easy  l<>  sec  lhal  maximum  depth  of  penetration  can  bo  achieved  when  the  integral  / 


/  - 


fl>  yy‘  •' 


o  I  +  5 


,'2 


d.v 


(12) 


is  a  minimum,  because  F  is  a  minimum.  However,  when  friction  is  included  it  is  not  so  easy  to  sec 
which  geometry  will  optimize  the  depth  of  penetration  looking  at  Eq.  (10). 


4.  Maximum  penetration  depth 

The  equation  of  motion  of  the  projectile  is 
mb  =  -  /•' 

=  —  na2(ANv2  +  BM), 
where  m  is  the  projectile  mass  and 


(13) 


N  =-, 


2  1,7 


<r 


~  2a 


d.v 


«  i  +V2 

M  a z'3  +  pz 


(14) 


o 


I  +  a 


2  '2 


and 


M  =  1  + 


—  1  + 


(I  Jo 

2ef*dt 

a  Jo 


(15) 


In  the  last  two  equations,  x  =  K  y  =  «.  *  -  «fl>.  z  =  z<«> and  <  »**  dimensionlcss  vi,riabks 
"'lleeaosc  N  and  M  are  time-independent  functions,  Eq.  (1 3) can  be  simply  integrated,  which  leads  to 


P  = 


m 


.  (  AN  ,\ 
ln(  l  +  -rm  yo  )•> 


(16) 


2na2AN  \  BM  , 

where  />  is  the  penetration  depth,  in  order  to  find  the  geometry  that  maximizes  P,  we  must  vary  a  in 
Eqs.  (14)  and  (15)  for  each  fixed  value  of  a  and  /(.  Suppose  that  z  -  w(£)  maximizes  Pm  q.  (  ). 
Consider  variations  of  this  path  with 

(17) 

Z-W  +  MJ, 

whore  r  is  i  narameter  and  n  -  n(Z)  is  any  differentiable  function  with  t/(0)  -  t]{  1)  =  0.  Substituting 
t  u7)  inters  ,.4)  and05).  we  see  that  N  =  W  and  M  -  M(4  Further  it  is  now  clear  from 
Eq.  (16)  that  P  =  P(«)  with  max  P  =  P( 0).  Hence,  it  follows  that  dP/dc  =  0  at  r.  -  0. 
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By  differentiating  Eq.  (16)  with  respect  to  we  find 

d/>  -m  ffj.  ■  WNIBMrtlM 

d«  "  2n7AN~2 II  A  +  BM  °)  I  +(AN/BM)ii  J  da 


—  lit  J  /  /UV  2  \  ^ 

7 AN 3)  \  +  «M  /  I  +(ANfBM\oi 


Avi  AP  f  dM 

+  li  M2 1  +  (AN/BM)Vi)  d/;J 

he  derivatives  d /V/di:  and  dM/di:  can  be  found  by  differentiating  Eqs.  (14)  and  (15) 

^  =  2,fV^_  WL 

di;  J  dz  d<,  \<lc  /_ 


^(3,  S')  =  2 


gz'2  +  /is'2 
1  +  a2z'2 


dM  2it  f 


££  „d{. 
da  g  Jo 

In  Eqs.  (19)  and  (20),  z'  =  dz/di.  Now,  substituting  Eqs.  (19)  and  (21)  into  Eq.  (18)  and  computing 
lim,;  .o dP/di:  =  0,  leads  to 

~  (  .  N\  AN/M  ”1  f 1  f#  ±(<!£\\a£  .  ?£)  SL _ —  Pm  d<g 

2a  In^l  -I-  *  J  j  +  X.N/M  _pw  d£\(Hv'/J  ^  a  M2  1  +  AN/MJ0 

f«f  T  -  -  AN/M  If d((>  d/#\1  2/i  i?2  1  Idf_Q 

=  Jol2Tn<I  +  AA//M)  “  ]  +  AAJ/1  JLdw  d^W/J  «  AM2  1  +  Ai?/A?j  ^ 

(22 


where 


f1  aw'3  +  (iw'2 

N  =  2a  I  w  ,  ,  ,  dc 

Jo  I  +  aw 


M  =  1  +  —  (  w  d  £ 

a  Jo 


and  A  =  Ao&B.  Because  Eq.  (22)  must  hold  for  all  admissible  variations  rj  on  the  interval  0  <  ^ 
with  >?(0)  =  if(l)  =  0,  it  follows  that  vv  satisfies 

J  (  .  N\  A  N/M  1  p(/>  d_f  jjft  VI  ,  y  1  _  -  Q  (2 

a1  ,n(  1  +  4  a  j  ~  '1  +  AN/A?  f)w  d^VW/J  +  ’  M2  1  +  AN/M 
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This  equation  is  the  Eulcr-Lagrangc  equation  for  the  variational  problem  described  by  Eq  (1 6)  It 
is  far  more  complicated  than  the  usual  Eulcr-Lagrangc  equation  because  R  end  M  involve 
integrals  of  the  dependent  variable  w from  Eqs.  (23)  and  (24|.Add,t,oaally,  referring  back  to  the 
definition  of  </>  in  Eq.  (20).  we  can  expand  the  derivatives  indicated  in  Eq.  (25)  to  get 

d  (S*\  . ,g£+«gV (26) 

■rtf  -  d&vj  = - (TTS'V  "  +  aV  > 

where  =  i\w/<!iz  and  w"  =  d2iv/d£2.  This  means  that  not  only  arc  there  integrals  of  the  dependent 
variable  and  its  derivative  in  Eq.  (25),  but  there  arc  also  derivatives  through  the  second  order.  Eq. 
^25)  t^nonhnetu  differential-integral  equation  of  extraordinary  complexity  to  be  solved  subject  to 
the  two-point  boundary  conditions  u<0)  =  0  and  ufl)  =  1.  There  may  be  some  useful  approxuria- 
lions  to  this  problem,  but  in  the  interests  of  expedience  we  will  pass  up  this  approach  and  solve  the 

^Before  umdng  to  Uic  solution  of  Eq.  (25).  we  should  note  that  it  reduces  to  the  Euler-Lagrange 
equation  for  the  Motionless  ease  [I]  when  ,t  =  0.  When  /.  0.  the  second  term  in  Eq.  (25)  vanishes. 

while  M  -*  I  and 


N  2a 


•i 


IVH 


17.72  d«- 


(27) 


1  +  aV 
’Phis  leaves  us  with  the  product 


r  .  _  "1  >/>  d 

or|  ln( I  +  aN)  -  ,  -  J  <i£\dw')_ 


=  0 


with 


d<l>  - _ Z _ 

_d|y>»v7  (1  +  a2\v'2)2 


law'7,  „  2a3w'3  -  6a  w' 

+  wvv 


(1  +  a2w'2)3 


aw 


(28) 


(29) 


For  a2  #  0  and  N  >  0,  the  first  of  the  two  factors  in  Eq.  (28)  does  not  vanish.  This  leaves  oniy  the 
second  factor  to  satisfy  Eq.  (28).  Hence,  the  factor  shown  in  Eq.  (29)  must  equal  zero  and  this  the 
Euler-Lagrange  equation  presented  in  [I]  for  the  frictionless  case. 


5.  Numerical  solution  methodology 

A  numerical  solution  for  Eq.  (25)  was  obtained  by  assuming  a  solution  of  the  following  form: 

r  =  +  2Z2" +  (30) 

where  a •  and  n  are  adjustable  parameters  which  arc  a  function  of  a,  2,  and  p.  A  least-squares 
approach  was  used  to  obtain  values  for  these  parameters.  For  particular  a,  X  and  /t  values^  Eq  (25) 
was  evaluated  [using  the  assumed  function,  Eq.  (30)]  at  20  evenly  spaced  {  values  from  0.05  to 
These  20  function  values  (which  ideally  should  equal  zero)  were  then  squared  and  summed  to 
Jlldu  “an  w-egate  (I,  enor.  An  optimizer  was  used  to  adjust  the  a,  and  n  values  to  minimize  the 
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fi,  error.  Values  of  Ihc  [Eq.  (2.1)]  and  /it  [Eq.  (24)]  integrals  for  insertion  into  Eq.  (25)  were 
obtained  by  a  numerical  integration  scheme  also  using  20  evenly  spaced  {  values  from  0.05  to  I. 
The  optimizer  was  constrained  to  seek  solutions  with  2  and  2'  greater  than  or  equal  to  zero. 
Further,  the  parameter  11  of  Eq.  (10)  was  forced  to  be  positive.  These  calculations  were  conveniently 

conducted  using  a  spreadsheet  computer  program.  .  ....  f 

It  must  be  noted  that  the  development  of  Eq.  (25)  is  a  necessary,  but  not  sufficient,  condition  foi 
maximum  penetration  depth.  It  can  equally  apply  to  minimum  penetration  depth.  In  fact,  both 
maxima  and  minima  arc  achieved  along  the  same  path  Tor  different  combinations  or  the  physical 
parameters  a,  and  /<.  This  will  be  illustrated  in  the  next  section. 


6.  Typical  results 

Numerical  test  cases  were  investigated  using  the  same  model  parameters  as  reported  by 
Forrcstal  et  al.  [II]  for  lest  results  involving  firing  small  steel  projectiles  into  semi-infinite  grout 


Fig.  2  Plot  of  P  versus  A  for  optimal  and  ogival  nose  shapes.  Note  that  the  optimal  nose  goes  blunt  (penetration  dept! 
minimized)  for  /.  values  less  than  1.39  for  this  case  (et  =  0.5,  ft  —  0.2). 
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,  romwlrison  of  optimal  nose  shapes  with  the  frictionlcss  optimal  nose  shape  of  [I].  For  the  A  - 1.42  case 
penetration  depth  is  maximized  and  ogival  performance  is  bettered.  Penetration  depth  is  m.n.m.zcd  for  the  a  -  1.36  case 

(nose  blunted). 


Hrizcts  These  tests  involved  projectiles  of  mass  65  g  and  diameter  12.9  mm.  The  grout  target  force 
response  coefficients  were  A  =  2.32E3  kg/m3  (target  density)  and  B  =  281  MPa  (corresponding  to 
r'L  13.4  MPa  and  a  dynamic  strength  multiplier  of  21).  The  numerical  results  involve  se  ec  ing 
reasonable  values  of  the  system  parameters  a,  A,  and  for  parametric  studies.  .  .  . 

Initially  a  test  case  was  conducted  to  determine  if  the  formulation  described  in  this  paper  indeed 
pr"  t^mal  penetration  results.  One  means  of  accomplishing  th»  »  to  compare  the 
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Fig.  6,  Plots  of  optimal  nose  shape  for  a  -  0.5  and  A  =  1 8.576  (v0  =  1 500  m/s)  for  various  values  of  friction  coeir.cient  /<■ 

penetration  depths  of  the  optimal  nose  shape  with  a  well-known  effective  nose  shape  —  the  ogive. 
Fig  2  shows  a  plot  of  nondimcnsional  penetration  depth  ( P  =  2nazAN/m)  of  optimal  and  ogival 
penctrators  versus  A  for  a  =  0.5  and  /f  =  0.2.  As  can  be  seen  from  this  figure,  the  optimal  penetrator 
is  clearly  more  effective  for  the  larger  X  values.  However,  for  X  values  less  than  approximately  1.39 
(lower-velocity  impacts)  the  nature  of  the  optimal  solution  changes  completely.  Instead  of  maxi¬ 
mizing  penetration  depth  minimization  occurs  and  the  optimizer  drives  the  penetrator  to  a  blunt- 
ended  shape  with  penetration  performance  inferior  to  that  of  the  ogive. 
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for  comparison. 


Optimized  nose  shapes  are  compared  with  that  of  the  frietionless  «»_ ■»  Fl«.  3.  Further 
optimized  nose  shapes  are  shown  in  Hg.  4  [*  =  0.5,  a  =  2.0641  h  2 

friction  coefficient  ,1  lev°els.  Note  that  at  the  higher  impact  velocities  (Figs.  5  and  6)  blunting  did  not 

°“ig  7 ’showsplotf  oF offiinml  nosfithape  («  =  0.5,  ,<  =  0.2)  for  various  values  of  i.  The 

ense  Ik  -  0)  is  shown  in  this  figure  for  comparison.  Note  that  at  low  impact  velocities  (small  ^ 

bUintingM^tirs  Ipenetration  depth  minimized)  and  that  a.  high  impact  veloeiries  the  opt, mat  shape 

ringed  v  resembles  that  of  the  frietionless  case.  r  .  «  <* 

Critic, I  levels  of  u  at  which  blunting  occurs  are  plotted  as  a  function  of  a  for  various  values  of 
a  in  Fig.  8  This  ligire  clearly  shows  that  unrealistically  large  friction  coefficients  are  necessary  to 
cause  a  blunt  pcnctrator  solution  at  the  higher  impact  velocities. 

Finally  Fig.P<>  compares  optimal  and  ogival  nose  penetration  performance  as  a  f“nctl°" 
various  values  of  a.  In"  this  Hgure  optimal  nose  results  were  no.  plotted  for  those  values  of  X  wheie 

blunting  occurred. 


7.  Conclusions 

In  this  paper  we  have  presented  a  variational  analysis  of  normal  penetration  into  scmi-mfitnte 
t  u  aets  including  the  effects  of  sliding  friction  on  the  tip  of  the  penclrator.  The  choice  of  frlcf'®"^ 
fo  This  panel-  was  one  of  the  simplest.  However,  the  choice  of  friction  may  be  simple,  but  its  effect 
on  thiToptimization  problem  is  far  from  simple.  Eq.  (25) is  a  nonlinear  differenual-integralcquation 
“staggering  proportions  and  any  form  of  analytical  solution  ,s  practically  impossible.  The  most 
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expedient  approach  to  solving  the  problem  was  to  employ  a  weighted  residual  technique  involving 
a  trial  solution  that  contained  powers  of  the  independent  variable  and  four  free  constants  chosen 
by  an  optimizer  to  minimize  the  residual  error.  This  technique  produced  very  satisfactory  results 
when  the  combination  of  physical  constants  a.  A,  and  /t  dictated  a  maximum  for  the  variational 
integral  Except  in  the  neighborhood  of  the  transition  to  a  minimum  (conjugate  point),  the  solution 
was  stable  and  converged  rapidly.  After  the  transition  to  a  minimum,  the  geometry  predicted  for 
the  penetrator  tip  was  as  close  to  blunt-ended  as  possible  (see  Fig.  3).  This  situation  in  the 
variational  calculus  is  not  uncommon  and  is  usually  detected  by  examining  the  sign  of  the  second 
variation.  However,  in  this  instance,  that  approach  is  practically  impossible  due  to  the  severe 

complexity  of  the  second  variation.  . 

The  presence  of  friction  alters  the  geometry  for  optimal  performance  at  tower  impact  velocities 
by  sharpening  the  nose  of  the  projectile.  The  more  friction  that  is  present,  the  sharper  the  nose 
required  to  achieve  maximum  depth  (of  course,  this  assumes  that  no  erosion  is  possible  and  the 
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that  future  efforts  in  this  area  will  take. 
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ABSTRACT  ^  t  , 

In  related  papers,  the  problem  of  maximizing  the  depth  of 
penetration  by  a  normally  impacting  cylindrical  projectile  by 
optimizing  the  nose  geometry  was  considered.  In  Jones,  et  al  (1998a), 
results  were  accomplished  by  neglecting  any  frictional  resistance 
offered  by  the  target  and  only  considering  the  normal  pressure  acting 
against  the  penetrator  nose.  The  effects  of  pressure-dependent  friction 
were  treated  by  Jones  and  Rule  (1999).  Here,  the  formulation 
presented  in  Jones  and  Rule  (1999)  is  modified  to  treat  the  frictional 
force  as  a  constant  that  is  intended  to  represent  the  shear  strength  of 
the  target.  The  results  of  parametric  studies  arc  presented  to 
demonstrate  system  behavior.  Also,  experimental  data  was  used  with 
the  model  to  determine  the  shear  strength  of  a  concrete  target 

$ 

INTRODUCTION 

In  two  earlier  papers  Jones,  ct  al.  (1998)  and  Jones  and  Rule 
(1999),  the  authors  investigated  the  geometry  of  the  nose  of  a  rigid 
penetrator  acted  upon  by  a  velocity-squared  pressure.  This  was  first 
done  in  the  absence  of  friction  and  later  in  the  presence  of  a  pressure- 
dependent  friction.  The  results  were  veiy  interesting.  Using  friction 
proportional  to  the., pressure,  it  was  noted  that  the  tip  of  the  optimal 
nose  geometry  sharpened  at  lower  impact  velocities.  At  higher  impact 
velocities,  friction  had  less  influence  and  the  nose  geometry  returned 
to  the  zero  friction  case,  unless  the  friction  coefficient  was  very  large. 

One  thing  is  very  clear.  There  is  not  very  much  known  about 
friction  at  high  sliding  speeds  (e.g.,  see  Bowden  and  Tabor  (1964)  or 
Kragelskii  (1965)).  Much  of  the  work  that  has  been  reported  is  at 
lower  speeds  or  pressures  than  those  encountered  during  a  penetration 
event  In  view  of  this,  we  decided  that  it  was  prudent  to  repeat  the 
analysis  presented  in  Jones  and  Rule  (1999)  using  an  alternative 
friction  law  to  determine  what  effect  this  had  on  die  results. 


THEORY 

The  problem  considered  is  similar  to  that  recently  presented  by 
the  authors  (1999),  A  rigid  axisymmetric  projectile  normally  impacts  a 
semi-infinite  target.  The  cross-section  of  the  nose  is  shown  in  Fig,  1. 
The  length  of  the  nose  is  b  and  the  radius  of  the  shank  of  the  projectile 
is  a.  For  all  acceptable  geometries,  the  surface  of  the  nose  is  given  by 
y=y(x)  with  y(O}«0  and  y(b)~a.  We  assume  that  the  effects  of  friction 
are  negligible  beyond  the  nose  at  x=b.  As  shown  in  Jones  and  Rule 
(1999),  the  net  force  F  resisting  the  motion  of  the  projectile  is  given 
by 

b 

F*2*  (I) 

0 

where  p  is  the  pressure  and  /is  the  friction  acting  on  the  nose  of  the 
projectile.  In  the  previous  analysis,  /  was  taken  to  be  proportional  to 
die  pressure  p,  In  this  paper,  we  take  f*  T ,  a  constant,  possibly  equal 
to  the  shear  strength  of  the  target  As  we  did  in  the  previous  paper  on 
this  subject,  we  take  the  pressure p  to  be  of  the  Poneelet  form 

p^Av^sin^G  +  B  (2) 

where  A  and  B  am  constants,  v  is  the  current  velocity  of  die  projectile, 
vsin  9  Is  the  normal  component  of  the  axial  velocity  contributing  to 
the  pressure  at  the  nose,  and  9  is  the  tangent  angle  at  the  surface  of 
the  nose  (see  Fig.  1).  Now  using  Eq.  (2)  in  Eq.  (1)  and  the  fact  that 

sin  &  «  y ' 7  ^l+y'2  ,  we  find  that  die  resisting  force  on  the  projectile 
has  the  form 
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which  can  be  written  as 
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In  these  equations,  x~b{,y"at,  a**alb,  y-r/fl,  and  *■*(£) 
and  £  are  dimensionless  variables  with  *(0)-0  and  sOW*  Results 
similar  to  Eqs.  (4M6)  were  first  presented  by  Luk  and  Forrestal 

(1989)  for  spherical  and  ogival  nose  projectiles.  .  ,  . 

Now,  using  the  force  from  Eq.  (4),  the  equation  of  motion  for  the 
projectile  becomes 


mv 


*-m2(ANv2  +BM).  (7) 


This  equation  can  be  integrated  to  find  the  depth  of  penetration  P  of 
the  projectile 


r - r-4'*^) 

2 m2AN  V  ™  ) 


(8) 


because  M  and  N  are  independent  of  time.  In  the  last  equation,  m  is 
the  mass  of  the  projectile  and  V0  is  the  impact  speed. 

OPTIMAL  NOSE  GEOMETRY 

Equation  (8)  is  difficult  to  use  to  optimize  the  nose  geometry 
because  M  and  N  both  depend  on  the  nose  profile  y=y(x).  However, 
the  conventional  approach  used  in  the  calculus  of  variations  (e.&,  see 
Lanczos  (1996),  Pars  (1962),  or  Vujanovic  and  Jones  (1989))  is 
adequate  to  find  the  optimal  geometiy  to  maximize  the  penetration 
depth,  P.  In  this  context,  suppose  that  r-  w(£)  Is  the  profile  that 
maximizes  the  penetration  depth.  Consider  continuous  variations  of 
this  path  7=77(4;)  with  7(0)  =  7(1)  ”  ® 


*0  w+*7 


(9) 


is  clear  that  P  «  P{t) .  It  Is  ftirthcr  clear  that  P(0)  Is  a  local  extreme 
for  the  Autctlon  P.  Hence,  it  follows  that  dP/dS- 0  at  £-0.  By 
differentiating  Eq.  (8)  with  respect  to  S ,  we  find 


dP  m 
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dN 
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dt  ~ 

“2 m2AN2 
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ds 

where  £  is  a  parameter.  If  we  substitute  Eq.  (9)  into  Eq.  (8)  (this 
means  that*  in  Eqs.  (5)  and  (6)  is  modified  by  the  substitution),  then  U 
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The  derivatives  of  N  and  M  with  respect  to  £  can  be  found  b) 
differentiating  Eqs.  (5)  and  (6).  These  differentiations  lead  to 


do 


where 


(12) 


and 
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In  Eqs.  (11)  and  (12),  a'-dt/df.  Now,  If  we  substitute  Eqs.  (1 
and  (13)  into  Eq.  (10),  take  the  limit  as  ff->0,  and  manipulate  tl 
integrals,  we  can  show  that 
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for  all  admissible  variations.  In  this  equation,  N  and  M  are 
limits  in  Eqs.  (5)  and  (6)  as  s-»0,  which  means  that  s  is  sin. 

replaced  by  win  these  equations.  .... 

Now,  if  the  integral  In  Eq.  (14)  equals  zero  forall  admissr 
variations,  then  the  integrand  must  be  equal  to  zero.  This  leads  tc 
extremely  complicated  Euler-Lagrange  Equation  for  the  determine 
of  w=  M.4)  subject  to  the  conditions  w(0)  =  0  and  w(l)  =  1 . 1 
equation  is 
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the  physical  parameter*  a,  X*  and  y .  Thi*  wilt  be  illustrated  in  the 
next  section. 


2 a4 


14 


■HI#  V  ill 


BM 


AN 


i  2 


& 


jjst\ 


r.\* 


+Mf£ 

»Uj 


2 a4 


■  "J  w,£ 


M 

+  A| 


i  2y 


i+/t 


a 

A/ 


05) 


where  A'  and  M  involve  integrals  of  functions  of  w  and  w'  and 
X  -  4v|  /  B  is  a  dimensionless  parameter.  This  means  that  Eq,  (15)  is 

a  nonlinear  differential-integral  equation  with  derivatives  of  the 
second  order  and  integrals  with  fixed  limits.  Finding  a  solution  to  this 
equation  is  indeed  a  challenge.  We  will  not  attempt  to  find  any  form 
of  approximate  analytical  solution  and  instead  concentrate  on  a  high 
accuracy  numerical  approximation. 


NUMERICAL  SOLUTION 

A  numerical  solution  for  Eq,  (15)  was  obtained  by  assuming  a 
solution  of  the  following  form 

s  =  ai£*  +  $242n  +&3f3n  0®) 

% 

where  aj  and  n  are  adjustable  parameters  which  are  a  function  of  a,  X, 
and  y  *  A  least  squares  approach  was  used  to  obtain  values  for  these 
parameters.  For  particular  a,  X,  and  y  values,  Eq,  (15)  was  evaluated 
[using  the  assumed  function,  Eq.  (16)]  at  20  evenly  spaced  %  values 
from  0.05  to  L  These  twenty  function  values  (which  ideally  should 
equal  zero)  were  then  squared  and  summed  to  produce  an  aggregate  fit 
error.  An  optimizer  was  used  to  adjust  the  a]  and  n  values  to  minimize 

the  fit  error.  Values  of  the  N  and  M  integrals  for  insertion  into  Eq, 
(15)  were  obtained  by  a  numerical  integration  scheme  also  using  20 
evenly  spaced  %  values  from  0,05  to  1.  The  optimizer  was  constrained 
to  seek  solutions  with  z  and  Z*  greater  than  or  equal  to  zero.  Further, 
the  parameter  n  of  Eq.  (16)  was  forced  to  be  positive.  These 
calculations  were  conveniently  conducted  using  a  spreadsheet 
computer  program. 

It  must  be  noted  that  the  development  of  Eq.  (15)  is  a  necessary, 
but  not  sufficient,  condition  for  maximum  penetration  depth.  It  can 
equally  apply  to  minimum  penetration  depth.  In  fact,  both  maxima  and 
minima  are  achieved  along  the  same  path  for  different  combinations  of 


TYPICAL  RESULTS 

Numerical  test  cases  were  investigated  using  the  same  model 
parameter*  as  reported  by  Forrcstal,  et  ai  (1996)  for  test  results 
involving  firing  small  «eel  projectiles  into  semi-infinite  grout  targets. 
These  tests  involved  projectiles  of  mass  65  g  and  diameter  12,9  mm. 
The  grout  target  force  response  coefficients  were  A  *•  2.32E3  kg/m^ 
(target  density)  and  B  -  2B1  MPa  (corresponding  to  fc *  ■  13,4  MPa 
and  an  5  multiplier  of  21,  B The  numerical  results  involved 
selecting  reasonable  values  of  the  system  parameters  a,  X,  and  y  for 
parametric  studies. 

Initially  a  test  case  was  conducted  to  determine  if  the  formulation 
described  in  this  paper  indeed  produced  optimal  penetration  results. 
One  means  of  accomplishing  this  is  to  compare  die  penetration  depths 
of  the  optimal  nose  shape  with  a  well  known  effective  nose  shape  •  the 
ogive.  Fig,  2  shows  a  plot  of  nondimensional  penetration  depth 

( P  m  2m2  AP I m  )  of  optimal  and  ogival  penetrators  versus  X  for  a  - 
0,5  and  y  *  0,2,  As  can  be  seen  from  this  figure,  the  optimal 
penetrator  is  clearly  more  effective  for  the  larger  X  values.  However, 
for  X  values  less  than  approximately  1,83  (lower  velocity  impacts)  the 
nature  of  the  optimal  solution  changes  completely.  Instead  of 
maximizing  penetration  depth  minimization  occurs  and  the  optimizer 
drives  die  penetrator  to  a  biunt-ended  shape  with  penetration 
performance  inferior  to  that  of  the  ogive. 

Optimized  nose  shapes  are  compared  with  that  of  the  frictionless 
case  in  Fig,  3,  Further  optimized  nose  shapes  are  shown  in  Fig,  4  (a  * 
0.5,  X  =  8.2562  (v0  «  1000  m/s)]  for  various  friction  coefficient  y 
levels.  Note  that  blunting  occurred  at  the  highest  friction  level. 

Figure  5  shows  plots  of  optimal  nose  shape  (a  =  0,5,  y  “  0,2}  for 
various  values  of  X,  The  frictionlcss  case  (y  *  0)  is  shown  in  Oils 
figure  for  comparison.  Note  that  at  the  lowest  impact  velocity  shown 
(small  X)  blunting  occurs  (penetration  depth  minimized)  and  that  at 
the  higher  impact  velocity  the  optimal  shape  closely  resembles  that  of 
the  frictionless  case. 


EVALUATION  OF  THE  SHEAR  STRENGTH  OF  A 
CONCRETE  TARGET 

Recently,  Frew  et  al,  (1998)  published  results  for  ogive-nose  steel 
rods  impacting  concrete  targets  at  velocities  ranging  from  442  to  1165 
m/s.  The  data  of  Table  1  of  Frew  et  al.  (1 998)  was  used  with  the 
present  model  to  back-out  an  effective  target  shear  strength,  t.  A  least 
squares  approach  was  used  to  adjust  t  to  minimize  the  difference 
between  measured  and  calculated  concrete  target  penetration  data.  The 
model  parameters  used  are  listed  in  Table  1, 
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TabU  1  Modol  parameters  used  for  comparison  with  the 
date  of  Frtw  at  al.  (199$) 

a  1.015E-02  m 

b  3.370E-02  m 

m  0.478  kg 

A  2320  kg/m* 

B  484.7  MPa  (Dynamic  Strength  Factor  - 

5-8.3  from  Frew,  ct  al.  (1998)) 

The  best  fit  value  obtained  was  t  -  4.93  MPa  (y  «  1.018E- 
2)  which  amounts  to  8.4%  of  the  reported  f£  -  58.4  MPa  of  the 
concrete.  Measured  and  calculated  results  are  compared  in  Fig.  6. 

CONCLUSIONS 

In  this  paper,  we  have  presented  a  variational  analysis  of  normal 
penetration  into  semi-infinite  targets  including  the  effects  of  constant 
friction  on  the  tip  of  the  penctrator.  The  choice  of  friction  law  for  this 
paper  was  one  of  the  simplest.  However,  the  choice  of  friction  may  be 
simple,  but  its  effect  on  the  optimization  problem  is  far  from  simple. 
Eq.  (15)  is  a  nonlinear  differential-integral  equation  of  staggering 
proportions  and  any  form  of  analytical  solution  is  practically 
impossible.  The  most  expedient  approach  to  solving  the  problem  was 
to  employ  a  weighted  residual  technique  involving  a  trial  solution  that 
contained  powers  of  the  independent  variable  and  four  free  constants 
chosen  by  an  optimizer  to  minimize  the  residual  error.  This  technique 
produced  very  satisfactory  results  when  the  combination  of  physical 
constants  o,  \  and  y  dictated  a  maximum  for  the  variational 
integral.  Except  in  the  neighborhood  of  the  transition  to  a  minimum 
(conjugate  point),  the  solution  was  stable  and  converged  rapidly.  After 
the  transition  to  a  minimum,  the  geometry  predicted  for  the  penctrator 
nose  was  as  close  to  blunt-endcd  as  possible  (see  Fig.  3).  This 
situation  in  the  variational  calculus  is  not  uncommon  and  is  usually 
detected  by  examining  the  sign  of  the  second  variation.  However,  in 
this  instance,  that  approach  is  practically  impossible  due  to  tho  severe 
complexity  of  the  second  variation. 

'  The  presence  of  friction  alters  the  geometry  for  optimal 
performance  at  lower  impact  velocities  by  sharpening  the  nose  of  the 
projectile.  The  more  friction  that  is  present,  the  sharper  the  nose 
required  to  achieve  maximum  depth  (of  course,  this  assumes  that  no 
erosion  is  possible  and  the  nose  does  not  fail).  However,  for  higher 
impact  velocities,  this  sharpening  of  the  nose  only  occurs  for  more 
friction  than  is  reasonable  to  expect  in  these  problems.  For  modest 
friction,  the  optimal  nose  geometry  is  very  close  to  that  predicted  in 
the  frictionlcss  case.  This  is  very  useful  conclusion  indeed.  Actual 
friction  levels  are  extremely  difficult  to  assess,  making  this  analysis 
awkward  to  use  in  the  design  of  a  penetrator.  This  analysis  docs, 
however,  provide  us  with  qualitative  insight  into  the  penetration 
process  and  the  role  that  friction  plays  for  high  and  low  velocity 
projectiles. 
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Figure  1.  Cross-eectfon  of  the  nose  of  an  axisymmetric 
penetrator.  The  penetrate r  Is  acted  upon  by  a  continuous 
pressure  p  and  friction  (per  unit  area)  f.  The  length  of  the 
nose  of  the  projectile  Is  b  and  the  radius  of  the  shank  Is  a. 
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Figure  2.  Plot  of  nondimensional  P  > 


-P  versus  X  for  optimal  and  ogival  nose  shapes.  Note  that  the  optimal  nose  goes 


blunt  (penetration  depth  minimized)  for  X  values  less  than  1.83  for  Oils  case  (y  a  0.2,  a  =  0.5). 


Figure  3.  Comparison  of  optimal  nose  shapes  with  the  frictionless  optimal  nose  shape  of  Jones,  etai  (1998).  For  the  X  =  1.86 
and  2.50  cases  penetration  depth  is  maximized  and  ogival  performance  is  bettered.  Penetration  depth  is  minimized  for  the  X= 

1.80  case  (nose  blunted). 


Figure  5.  Plots  of  optimal  nose  shape  for  a  =  0.5  and  y 


■  0.2  for  various  values  of  X.  The  frictionless  case  (y  *  0)  Is  shown  f< 
comparison. 
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F$UZ6',  ComPari8°n ^  measured  (Frew,  etal  (1898))  and  calculated  concrete  penetration  data.  The  measured  data  was  usee 
to  obtain  a  value  for  the  shear  strength  (t  =  4.93  MPa)  of  the  concrete  target  which  was  then  used  to  generaTe  tSSated 

results  shown. 
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Abstract.  Analytical  models  of  the  penetration  process  focus  on  estimating  depth  of  penetration  based  on 
target  density,  target  strength  (sometimes  associated  with  the  unconfined  compressive  strength  of  the  target 
for  geological  targets),  the  areal  density  of  the  penetrator  (W/A),  and  the  impact  velocity.  In  this  paper,  an 
expression  for  work  is  used  in  conjunction  with  thermodynamic  considerations  to  devise  a  simple  estimate 
for  mass  lost  by  a  high  velocity  projectile  during  the  penetration  process.  The  result  shows  that  the  mass  loss 
is  directly  proportional  to  the  tunnel  length  and  the  target  shear  strength.  The  constant  of  proportionality  is 
not  easy  to  deduce,  however,  in  that  it  contains  an  unusual  factor  from  the  work  analysis.  A  method  for 
estimating  target  shear  under  high  pressure  from  penetration  experiments  is  introduced. 


INTRODUCTION 

Rigid  body  penetration  of  geological  targets  has 
been  explored  by  many  authors  [1,2].  Mass  loss 
from  these  penetrators  has  been  reported  [3],  but  no 
theory  to  account  for  the  loss  has  been  proposed. 

The  purpose  of  this  paper  is  to  report  a  simple  one¬ 
dimensional  estimate  for  mass  loss  that  successfully 
correlates  the  results  of  a  number  of  experiments. 

AN  ESTIMATE  FOR  THE  WORK  DONE  BY 
SHEAR 

We  use  the  term  ‘rigid’  in  the  context  a  penetrator 
that  neither  mushrooms  nor  experiences  significant 
mass  loss.  In  such  cases,  the  contribution  to  the 
motion  of  the  body  due  to  inertial  change  is 
assumed  to  be  minimal. 

Estimates  for  the  work  done  by  all  of  the  forces 
acting  on  the  nose  of  the  projectile  along  the  tunnel 
path  can  be  made  using  a  one-dimensional 


penetration  model.  Consider  an  axisymmctric 
projectile  normally  striking  and  rectilinearly 
penetrating  a  semi-infinite  target.  The  nose  of  the 
projectile,  acted  upon  by  normal  and  shear  stress,  is 
described  in  Figure  1.  Following  [1],  we  take  the 
normal  pressure  p  acting  on  the  nose  of  the 
projectile  to  have  the  form 

p  =  p,  sin2  Qv~  +R  (1) 

where  p,  is  the  target  density  (assumed  to  be 

constant),  6  is  the  tangent  angle  to  the  surface  of 
the  nose,  v  is  the  current  velocity  of  the  projectile, 
and  R  is  the  dynamic  compressive  target  strength 
under  high  confining  pressure. 

We  will  take  the  target  shear  strength  to  be  of  the 
Mohr-Coulomb  type.  This  has  been  very 
successfully  employed  in-  applications  involving 
geological  targets  [2],  In  this  context,  T  has  the 
form 
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ra^p  +  r  o  (2) 


where  jj.  and  T0  are  constants. 


Integrals  for  (3)  arc  easy  to  obtain  and  one 
of  them  relates  position,  j,  in  the  target  to  the  current 
velocity,  v.  This  relationship  takes  the  form 

j  a  «  .\p,Nvl  +  R{\  +  MM)+r0M'\  (6) 

2 m2p,N  \_p,Nv2  +  R{\+mM)+TqM 

The  work  done  by  the  tangential  forces 
acting  at  the  surface  of  the  nose  is  given  by 

W,  =  *»2  [V,A/,v2  (7) 

where  N-Nq  +  /jN\.  The  definitions  of  A/0  and 

N,  come  from  (4).  We  can  transform  the  integral  in 
(7)  and  evaluate  it.  This  will  only  be  done  for  one 
case,  ^sO,  and  the  result  is 


Under  these  conditions,  the  equation  of 
motion  of  the  projectile  is 

mv*s-7ta}\p,Nv~  +  R{\+pM)+TqM\  (3) 

where  m  is  the  mass  of  the  projectile  and  a  is  the 
radius  of  the  shank.  The  constants  N  and  M  are 
dimensionless  nose  shape  factors  defined  by 


where  y-y(x)  is  the  continuous  path  with 
nonnega'ive  slope  from  the  tip  of  the  nose  to  the 
shank  defined  in  Figure  1  ([4]).  Although  mass  is 
lost  from  the  nose  of  the  projectile,  which  changes 
the  shape  of  the  nose,  we  will  treat  N  and  M  in  (4) 
and  (5)  as  approximately  constant  in  this  paper. 


W,  -  m2TQMz  (8) 


where  the  velocity  v  has  been  algebraically 
eliminated  in  favor  of  the  penetration  depth  z.  This 
expression  will  be  combined  with  the  results  of  the 
next  section  to  produce  an  estimate  for  mass  loss  by 
the  projectile. 

To  estimate  target  shear  we  find  the  work 
done  by  the  tangential  forces,  we  must  find  a  way  to 
estimate  fJ,  and  T0.  The  pressures  and  rates 
involved  in  the  penetration  process  presently 
preclude  the  possibility  of  accomplishing  this  with 
any  simple  laboratory  test.  Penetration  tests  have 
often  been  used  for  this  purpose  because  the 
appropriate  pressures  and  rates  are  obviously 
achieved  and  penetration  depths  are  easy  to 
measure.  A  direct  approach  to  the  problem  is  to  use 
(6)  to  correlate  the  post-test  data.  At  the  conclusion 
of  penetration  v=0  and  (6)  becomes 


Z=- 


m 


2mi2p,N 


■tn\ 


1  + 


P,Nv  o 


R{\+pM)+T0M  J 


(9) 


where  Z  is  the  total  depth  of  penetration. 
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With  test  data  from  a  series  of  penetration 
experiments,  we  can  look  for  the  best  fit  by  varying 
R,  fj ,  and  T0 .  However,  the  physical  parameters  R 
and  T0  only  appear  in  (9)  as  a  sum  and  cunnot  be 
separated  unless  more  titan  one  ogive  is  used,  which 
gives  us  two  different  values  of  M.  If  penetration 
data  for  two  different  ogive-nose  projectiles  of  the 
same  steel  into  the  same  target  material  can  be 
found,  then  R  and  ?„  can  be  determined  as  the 
solution  of  a  pair  of  similtaneous  linear  equations,  A 
series  of  high  velocity  penetration  tests  were 
performed  at  Eglin  AFB,  FL  [5],  The  projectiles 
were  hard  4340  steel  with  3.0  and  4.25  CRH  ogive 
noses.  The  targets  were  aged  concrete,  R=737MPa, 
T0  =  l3.8mpa,  and  JJ  =  0.0  gives  the  best  fit  to  the 
data.  The  shear  strength  is  only  1 .87%  of  the  normal 
compressive  target  strength. 

The  mass  loss  is  calculated  based  on 
thermodynamic  consideratios.  Steel  penetrators 
impacting  geological  targets  "wear"  by  melting.  The 
melted  material  flows  backward  over  the  penetrator 
coating  it  with  rapidly  solidified  material.  A  brief 
heat  flux  from  the  liquid  steel  transforms  a  thin  layer 
on  the  surface  to  austenite  and,  upon  cooling,  to 
untetnpered  martensite.  The  Peclet  Number  [6], 
Pe  =  VLc/h ,  where  V  is  the  velocity  of  the 

penetrator,  Lc  is  a  characteristic  length,  and  h  is  the 

thermal  diffusivity  of  the  penetrator,  is  on  the  order 
of  10  J  for  the  penetration  events.  Thus,  the  heal 
shared  by  the  target  due  to  frictional  heating  is  less 
•  than  one  part  in  a  thousand.  We  will  assume  that  all 
of  the  heat  generated  is  accepted  by  the  penetrator. 

The  mechanical  work  done  by  the  forces 
acting  on  the  nose  of  the  projectile  was  estimated. 
As  work  is  done  by  friction  (shear)  acting  on  the 
surface  of  the  penetrator  nose,  heat  is  generated.  The 
relationship  between  the  heat  generated  Q  and  the 
work  done  by  shear  W,  is  given  by 

w;  =  kQ  (10) 

where  k= 4.18  joules/calorie  is  the  mechanical 
equivalent  of  heat  [?]. 

The  first  law  of  thermodynamics  defines  the 
relationship  between  heat  and  other  thermodynamic 


state  variables.  The  heat  capacity  of  metals  is  only 
weakly  dependent  on  pressure  below  10  GPa  (7] 
which  is  well  below  the  pressure  levels  at  the 
penctrator/iargct  interface  as  estimated  by  cither 
analytical  models  [11  or  continuum  code 
calculations  [8).  Also,  in  this  pressure  regime,  the 
solid-solid  and  solid-liquid  phase  transitions  in  steel 
have  little  pressure  dependence  [9].  The  path 
dependence  in  the  integration  is  for  the  most  part 
reflected  by  the  temperature  dependence  in  the  heat 
capacity.  Therefore,  the  enthalpy  is  evaluated  in  the 
integration  to  assess  the  end  state  assuming  no 
change  in  pressure,  litis  means  that . 

dH  =  pAVcpdT  =  dQ  (ii) 

where  H  is  the  enthalpy,  T  is  the  temperature,  cp  is 
the  heat  capacity,  p  is  the  penetrator  density,  and 
AV  is  the  volume  of  the  heat  affected  zone. 

The  change  in  enthalpy  is  estimated  directly  from 
heat  capacities  and  the  latent  heats  for  the  three 
allotropic  phase  transitions  experienced  by  iron 
during  melting.  The  temperature  dependence  in  the 
heat  capacity  and  enthalpy  of  the  phase  transitions 
are  available  from  several  sources  [10].  When  this 
data  is  used  to  perform  the  integration  in  (11),  we 
can  show  that  fcJCpdt  =  1032  J/g,  The  calculated 

change  in  enthalpy  is  then  combined  with  the  work 
done  by  tangential  forces  in  the  penetration  process 
to  arrive  at  an  estimate  for  the  mass  loss  of  the 
penetrator  due  to  healing,  Am ,  given  below 

kjCpdT  kfCpdT 

Equation  (8)  was  used  to  estimate  the  mechanical 
work.  Equation  (12)  indicates  that  the  mass  loss  due 
to  surface  heating  is  directly  proportional  to  the 
tunnel  length  z,  the  cross-sectional  area  of  the 

projectile  7ta  s  and  the  target  shear  strength  T0 . 

This  result  also  indicates  that  increment  of  mass  loss 
Am  is  inversely  proportional  to  the  heat  required  to 
melt  the  steel. 
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RESULTS 

As  mentioned  earlier,  for  these  targets  Tq  f  1 3.8 
MPa.  Figure  2  shows  the  estimated  mass  loss  for 
65g.  CRH=3.0  and  4.25  ogive-nose  projectiles 
against  aged  concrete  targets.  At  this  point,  only  one 
CRH=4.25  projectile  has  been  recovered  and 
weighed.  The  mass  loss  was  2.  Ig.  which  agrees  very 
well  with  (he  estimate. 


Another  source  of  mass  loss  datu  is  contained  in 
(3J.  Figure  3  gives  comparisons  between  experiment 
and  (12)  for  two  different  cases.  The  “small’’ 
projectiles  were  478g.  20.1mm  diameter,  hard  4340 
and  AcrMet  100  steel  projectiles.  The  “large 
projectiles  were  1.62kg.  30.5mm  diameter.  AerMet 
100  steel.  The  targets  were  high  strength  concrete 
( /'=58.4MPa).  All  of  the  projectiles  had  CRH=3.0 

ogive  noses.  The  impact  velocities  ranged  from 
442m/s  to  1225  m/s  and  the  mass  losses  were 
reported..  Because  only  one  nose  shape  was  used, 
we  could  not  estimate  the  target  sheaf  strength  using 
the  method  employed  for  the  Eglin  targets  discussed 
earlier.  In  order  to  make  the  estimate,  we  took  the 
same  fraction  of  normal  dynamic  strength  (1.87%) 
as  concluded  earlier  for  the  Eglin  targets.  In  this 
case,  T0=  8.22  MPa.  The  agreement  between  (12) 

and  the  experiments  is  very  good. 

The  target  shear  characteristics  have  been 
estimated  from  a  series  of  high  velocity  penetration 
tests  performed  at  Eglin  AFB,  FL  [5]. 
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Figure  3.  Companion  of  calculated  ond  measured  (Frew  et  at.. 
(3])  ma*s  loss  versus  penetration  depth. 


CONCLUSIONS 


In  this  paper,  wc  have  presented  an  analytical 
estimate  for  mass  loss  from  high  velocity  projectiles 
due  to  surface  melting.  A  method  for  estimating  the 
target  shear  stress  is  introduced  and  applied  to  a  set 
of  penetration  experiments  at  Eglin  AFB.  The 
results  correlate  very  well  to  experimental  mass  loss 
measurements  from  recovered  projectiles. 
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ABSTRACT 

Analytical  models  of  the  penetration  process  focus  on  estimating  depth  of  penetration  based  on  target  density, 
target  strength  (sometimes  associated  with  the  unconfmed  compressive  strength  of  the  target  for  geological 
targets),  the  areal  density  of  the  peuctrator  (W/A),  and  the  impact  velocity.  In  this  paper,  an  expression  Tor 
work  is  used  in  conjunction  with  thermodynamic  considerations  to  devise  a  simple  estimate  for  mass  lost  by  a 
high  velocity  projectile  during  the  penetration  process.  The  result  shows  that  the  mass  loss  is  directly 
proportional  to  the  tunnel  length  and  the  target  shear  strength.  The  constant  of  proportionality  is  not  easy  to 
deduce,  however,  in  that  it  contains  an  unusual  factor  from  the  work  analysis.  A  method  for  estimating  target 
shear  under  high  pressure  from  penetration  experiments  is  introduced. 

INTRODUCTION 

Traditionally,  researchers  interested  in  the  terminal  ballistics  of  rigid  bodies  have  tried  to 
connect  depth  of  penetration  to  target  density,  target  strength,  weight  per  unit  of  cross-sectional 
area,  and  impact  velocity.  Absent  are  any  references  to  penetrator  strength,  toughness,  hardness, 
or  resistance  to  wear.  The  first  two,  strength  and  toughness,  are  accounted  for  by  assuming  that 
the  projectile  has  sufficient  strength  and  toughness  to  remain  a  rigid  body,  though  dynamically 
these  quantities  remain  guesses.  Hardness  and  resistance  to  wear  have  not  been  considered, 
despite  the  fact  that  carefully  chosen  nose  geometries  change  as  wear  occurs.  However,  these 
parameters  must  somehow  be  included  now  because  higher  impact  velocities  are  now  producing 
longer  tunnels  that  are  promoting  substantial  wear.  This  is  additionally  significant  because  early 
wear  may  establish  asymmetry  in  the  nose  that  can  result  in  unstable  motion  of  the  projectile.  This 
has  been  observed  in  sub-scale  tests  of  ogive-nose  steel  projectiles  (Wilson  and  Christopher, 
1997). 


In  this  paper,  we  introduce  a  simple  estimate  for  mass  loss  in  steel  penetrators.  This 
estimate  is  based  on  surface  melting  of  the  nose  of  the  projectile  which  we  regard  as  the  primary 
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cause  of  wear.  Surface  melting  of  the  nose  blunts  the  projectile  which  increases  the  nose  factor. 

This,  in  turn,  degrades  the  performance  of  the  penetrator.  Based  on  elementary  thermodynamic 
considerations,  a  one-dimensional  estimate  for  mass  loss  from  high  speed  steel  projectiles  is 
presented.  It  is  shown  that  mass  loss  is  directly  proportional  to  the  target  shear  strength  and 
inversely  proportional  to  the  energy  required  to  melt  the  steel.  An  additional  fallout  of  this  work  is 
a  practical  estimate  for  dynamic  target  shear  under  high  pressure. 

MOTION  OF  THE  PROJECTILE 

Consider  the  normal  impact  of  an  axisymmetric  rigid  rod  projectile.  A  cross-section  of  the 
nose  of  the  projectile  is  shown  in  Figure  1 .  Even  if  some  other  form  of  symmetry  exists,  this 
rectangular  coordinate  system  attached  to  the  nose  is  adequate  to  perform  the  analysis  in  this 
paper.  For  those  nose  geometries  that  arc  admissible  to  this  study,  the  tip  passes  through  zero  at 
*=0  and  must  join  with  the  shank  of  radius  a  at  x=b.  Additionally,  all  admissible  paths  between 
x=0  and  x=b  are  continuous  with  nonnegative  slope.  A  more  detailed  discussion  of  this  nose 
geometry  is  given  in  Jones,  ct  al  (1998)  or  Jones  and  Rule  (1999). 

Assume  that  pressure  sensitive  friction  per  unit  area/ of  the  form 

/  =  MP'-t0  <l> 

acts  on  the  nose  of  the  projectile,  where  ;/  and  r0  are  constants  and/?  is  the  normal  pressure 
acting  on  the  nose.  This  form  for  the  friction  has  proved  to  be  very  useful  in  the  study  of  the 
penetration  of  geological  targets  (e  g.,  Forrestal,  et  al,  1981).  Now,  the  axial  force,  F,  resisting 
the  motion  of  the  projectile  has  the  form 

F  =  |  (p  sin  0  +  f  cos  9)dA  (2) 

A 

where  A  is  the  surface  area  of  the  projectile  nose  and  6  is  the  tangent  angle  to  the  surface  of  the 
nose.  We  take  the  pressure  p  to  have  the  form 

p  =  p,  sin  20  v2  +  R  (3) 

where  p,  is  the  target  density,  R  is  the  dynamic,  compressive  target  strength  under  high  confining 
pressure,  and  v  is  the  axial  velocity  of  the  projectile.  This  form  of  velocity  dependent  pressure  has 
been  suggested  by  cavity  expansion  methods  (e.g.,  Luk  and  Forrestal,  1987). 

For  a  given  nose  shape  y—y(x),  sin  0-y'l  yjl+y'2  and  cos  0—\!  yfi ~+y  .  The  integral 
in  Equation  (2)  can  be  arranged  for  the  pressure  distribution  given  in  Equation  (3)  and  the  result  is 

F  =  m2  ( ptNv 2  +  72(1  +  pM )  +  t0M  )  (4) 
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where 


N  = 


2  ty,il±JiZ! 

a2  l+/: 


dx 


(5) 


and 


M  = 


(6) 


For  any  given  continuous  nose  shape,  the  integrals  in  Equations  (5)  and  (6)  can  be  evaluated  and 
are  constants  Note  that  the  definition  of  the  constant  M  has  been  changed  from  that  which  was 
given  earlier  by  Jones  and  Rule  (1999).  This  constant  basically  represents  the  dimensionless 
longitudinal  cross-sectional  area  of  the  penetrator  nose. 

Using  the  force  in  Equation  (4)  and  ignoring  any  mass  loss  for  this  application,  the 
equation  of  motion  of  the  rigid  projectile  is  given  by 

mv  =  -no1  [p,Nv2  +  R{  1  +  pM)  +  tqM  ).  O) 


This  equation  may  be  easily  integrated  to  produce  the  relationship 


z 


m 

2  m2  ptN 


/ 

in  ■ 


PjNvt  +  *(1  +  MO  +  tjM 
p,Nv 2  +  R(  1  +  pM)  +  t$M  , 


(8) 


In  Equation?  (7)  and  (8),  m  is  the  mass  of  the  projectile,  z  is  the  current  depth  of  penetration,  v  is 
the  current  velocity  of  the  projectile,  and  v0  is  the  impact  velocity.  The  constant  of  integration  has 
been  evaluated  with  the  initial  condition  z  =  0  when  v  =  v0 .  At  the  end  of  the  event,  v  =  0  and  the 
total  depth  of  penetration  Z  can  be  found 


Z  = 


m 


2m2  pi  N 


-in 


1  + 


pM 


R(l  +  pM)  +  t0M 


(9) 


When  r0 =p  =0,  we  recover  the  classic  rigid  body  penetration  equation  (e.g.,  see  Luk  and 
Forrestal,  1987). 

Another  independent  integral  of  motion  involving  the  time  of  penetration  /  can  also  be 
found  by  direct  separation  of  the  variables  of  Equation  (7).  This  integral  takes  the  form 


(10) 


I  = 


m 

p,N 

mP"  p(N  ^ 

R(  l  +  /M)  +  rftA7 

tan 


-I 


p,,V 


R{\  +  fiM)  +  r{)M 


v0 


-  tan 


p,N 


R(\  f  ftM)  +  r0M 


where  the  constant  of  integration  was  evaluated  with  the  initial  condition  t  -  0  when  v  =  v0 . 
When  Equation  (10)  is  carried  to  the  end  of  the  event,  an  estimate  for  the  terminal  time  7  can  be 
found 


7  = 


m 


p,N 


m1  ptN  V  *0  +  /*#)  +  ^ 


p,N 


R(\  + + 


(U) 


Equations  (8)  and  (10)  are  the  only  independent  integrals  of  motion  of  Equation  (7).  What 
complicates  their  use,  is  the  fact  that  R  and  r0  arc  not  independent  for  the  same  nose  shape. 

These  two  stresses  are  combined  in  the  sum  K(1  +  /?M)  +  wherever  they  appear  in  Equations 

(8)-(H). 


ESTIMATES  FOR  R,  r0 ,  AND  // 


There  are  several  strategies  for  using  combinations  of  Equations  (8)-(l  1)  to  find  the  ^ 
combination  of  compressive  target  strength  under  high  confining  pressure  R,  shear  strength  under 
high  confining  pressure  r0 ,  and  the  friction  coefficient  p .  Certainly,  the  most  attract.ve  would  be 

to  have  measured  values  for  the  penetration  depths  and  the  terminal  times  However,  we  rarely 
have  reliable  estimates  for  the  terminal  time.  Finite  thickness  targets  could  be  used  in  connection 
with  Equations  (8)  and  (10).  However,  the  front  crater  and  rear  spall  regions  may  occupy  a  large 
percentage  of  the  tunnel,  unless  the  target  is  very  thick.  The  results  presented  in  the  previous 
section  only  apply  when  the  tunnel  is  the  dominant  penetration  mode. 


This  leaves  us  with  Equation  (9)  as  the  only  viable  option.  Suppose  that  we  have  test  data 
from  a  series  of  n  penetration  experiments  into  semi-infinite  targets  of  the  same  material  with 
sufficiently  high  impact  velocities  that  the  tunnels  are  very  long  relative  to  the  crater  region  at  the 
surface  of  the  target.  Let  the  impact  velocities  for  these  tests  be  v,  (/  =  1,2,...,/?)  and  the 
measured  penetration  depths  for  these  tests  be  Z,  (/  =  1,2,...,/?),  respectively.  Let  us  further 
assume  that  the  impact  velocities  are  sufficiently  high  to  produce  strain-rates  in  the  target  material 
that  are  high  enough  that  the  strength  does  not  vary  significantly  between  the  tests  In  all  respects, 
we  assume  that  the  projectiles  and  targets  are  identical.  This  means  that  Equation  (9)  can  be  used 

to  find 


m 


-in  1  + 


ptNvf 


lm2ptN  ^  R(\  +  pM)  +  r0M 


(12) 
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where  i  =  .These  equations  are  a  system  of  nonlinear,  transcendental  equations  for 

/?(1  -i-  /.iM)  +  r0M  and  ju .  They  are  complicated  by  the  fact  that  N  also  depends  on  ft ,  as 
observed  in  Equation  (5).  If  we  take  any  pair  of  data  points,  say  the  i-th  and  the  j-th,  and 
combine  them,  we  can  eliminate  the  dependence  on  r0 .  This  leaves  us  with  a  single  equation  in 
which  the  only  unknown  is  r .  This  equation  is  given  below 


exp- 

[  2 na2p,NZ, } 

1 .  f 

L  m  J 

lira1  p,NZj 

►  -1 

exp- 

m 

(13) 


/^though  equation  (13)  is  transcendental  in  f.t ,  but  can  still  be  solved  fairly  easily. 

Equations  (12)  and  (13)  apply  to  any  nose  shape.  Later  in  this  paper,  N  and  M  will  be 
given  for  some  of  the  common  shapes.  But,  this  does  not  answer  the  question  of  how  to  separate 
R  and  t0  .  To  do  this,  we  make  the  observation  that  regardless  of  the  shape  of  the  nose,  these 

quantities  should  remain  the  same.  If  we  have  penetration  data  for  two  distinct  nose  shapes  into 
the  same  target,  then  M  (and  N)  will  be  different  for  these  two  projectiles.  This  means  that  we  can 
take  the  results  of  the  best  fits  to  the  data  in  Equation  (12)  and  have  two  linear  equations  in  two 
unknowns  from  which  to  determine  R  and  r0  . 

PENETRATION  INTO  CONCRETE 

A  series  of  penetration  experiments  involving  hard  steel  penetrators  normally  impacted 
into  hardened  concrete  targets  were  performed  at  Eglin  AFB,  FL  (Wilson  and  Christopher,  1997). 
The  targets  contained  lar  ge  aggregate  limestone  and  had  an  unconfmed  compressive  strength  of 
51  MPa  (Jerome,  1998).  The  projectiles  were  ogive-nose  cylindrical  rods  12.7mm  in  diameter 
with  a  mass  of  65  g.  Two  different  ogives  were  used.  They  were  of  Caliber  Radius  Head  (CRH) 
3.0  and  4.25.  Each  class  of  projectile  was  impacted  at  increasing  velocity  until  failure  of  the 
projectile  occurred.  The  data  from  these  experiments  were  shared  with  us  by  the  project  engineers 
(Wilson  and  Christopher,  1997)  and  are  summarized  in  Tables  1  and  2.  When  the  data  from 
Tables  1  and  2  is  used  in  a  least  squares  fit  to  Equation  (12),  it  follows  that  n  =0.  This  conclusion 
may  be  verified  by  taking  any  pair  of  data  points  within  each  data  set  and  applying  Equation  (13). 


Table  l  Observed  penetration  depths  of  4.25  CRH  hard  4340  (  K,= 45)  steel  pcnetrators  (m  = 
0.065  kg,  a  =  6.46  mm)  into  concrete  targets  (f.'  =  51  MPa,p  =  2336kg/m  containing  large 
limestone  aKuregatcs  [Wilson  and  Christopher,  1997], 


Eglin 

Experiment 

Number 

Impact 
Velocity  v„ 
(m/s) 

Observed 
Penetration 
Penth  (m) 

17 

1431  1 

0.528 

20 

1213 

0.392 

22  ! 

1636 

0.665 

24 

1202 

0.386 

25 

758 

0.162 

26 

688 

0.134 

f  27 

975 

0.262 

Table  2.  Observed  penetration  depths  of  3.0  CRH  hard  4340  (R,=45)  steel  penetrators  (m  - 
0  065  kg  a  -  6.46  mm)  into  concrete  targets  (C  ■=  51  MPa,  p  =  2336  kg/m!)  containing  large 
limestone  aggregates  [Wilson  and  Christopher,  1 997], 


Eglin 

Experiment 

Number 

Impact 
Velocity  v0 
(m/s) 

Observed 
Penetration 
Depth  (m) 

16 

1505 

0.548 

33 

1051 

0.293 

34 

856 

0.201 

The  least  squares  fit  for  the  data  in  Tables  1  and  2  described  above  produced  the 
parameter  estimates  R  -  737  MPa  and  x0  =  13.8  MPa.  These  strengths  come  from  the  solution  of 

the  similtaneous  linear  equations  *  +  5.399r0  =8U.51MPa  and  /?  +  4.502r0  =  799.13M>a. 
Measured  and  calculated  penetration  depths  are  compared  in  Fig.  2.  The  agreement  is  excellent. 
For  the  purpose  of  illustration,  plots  of  penetration  depth  versus  impact  velocity,  and  penetration 
depth  versus  time  for  this  system  are  included  in  Figures  3  and  4,  respectively.  The  agreement 
with  the  observed  penetration  depths  in  Figure  3  is  very  good,  with  very  slight  deviations  noted 
only  for  the  highest  impact  velocities. 
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Table  3.  Observed  penetration  depths  of  3.0  CRH  steel  pcnetrators  into  concrete  (f«  *  58.4  MPa, 

p  =  2320  kg/m3)  targets  [Frew  et  at,  1998]. 


Test  ID 

a  (m) 

shank  radius 

b(m) 

nose  length 

Mass  (kg) 

Observed 
Penetration 
Depth  (m) 

1-0354 

1.015E-02 

3.370E-02 

4.780E-01 

2.870E-01 

1-0355 

1.015E-02 

3.370E-02 

4.780E-01 

4.910E-0I 

1-0356 

1.015E-02 

3.370E-02 

4780E-01 

8.400E-01 

1-0357 

1.015E-02 

3.370E-02 

4.780E-01 

1.300E+00 

1-0358 

1.015E-02 

3.370E-02 

4.780E-01 

L590E+00 

1-0390 

1.015E-02 

3.370E-02 

4.780E-01 

7.300E-01 

1-0391 

1.015E-02 

3.370E-02 

4.780E-01  1 

1.160E+00 

1-0392 

I.015E-02 

3.370E-02 

4.780E-01 

1.460E+00 

LROD95-1 

1.525E-02 

5.050E-02  | 

1.620E+00 

4.600E-01 

LROD95-2 

1.525E-02 

5.050E-02 

1.620E+00 

7.900E-01 

LROD95-3 

1.525E-02 

5.050E-02 

1.620E+Q0 

1.23QE+00 

LROD96-0 

1.525E-02 

5.050E-02 

1.620E+00 

1.950E+00 

LROD95-4 

1.525E-02 

5.050E-02 

1.620E+00 

1.960E+00 

LROD95-6 

1.525E-02 

5.050E-02 

1 .620E+00 

2.670E+00 

LROD96- 1 

1.525E-02 

5.050E-02 

1 .620E+00 

1 .960E+00 

LROD96-4 

1.525E-02 

5.050E-02 

1.620E+00 

2.830E+00 

An  additional  set  of  impact  data  reported  by  Frew  et  al.  (1998)  was  also  considered,  see 
Table  3.  A  plot  of  observed  versus  calculated  penetration  depths  for  this  data  set  with  parameters 
R+  Mra=  478  MPa  and  p  =  0  (obtained  from  a  least  squares  fit  as  before)  is  shown  in  Figure  5. 
Figure  5  shows  that  the  agreement  between  observed  and  calculated  penetration  depths  is 
excellent  in  this  case.  It  is  interesting  that  again  p  was  forced  to  zero  by  the  least  squares  fit.  t 
could  not  be  separated  from  R  in  this  data  set  since  there  is  only  one  CRH  in  this  case.  Thus,  the 
quantity  R+Mtq  =  478  MPa  obtained  for  this  case  is  actually  an  estimate  for  the  dynamic, 

compressive  target  strength  under  the  influence  of  high  confining  pressure.  This  target  strength 
obviously  compares  very  well  with  that  obtained  by  Frew  et  al.  (1998)  for  this  data  set,  which  was 
485  Mpa,  because  their  equation  and  Equation  (9)  are  virtually  the  same  when  the  shear  combines 
in  this  manner. 


WORK  DONE  BY  THE  TANGENTIAL  FORCES 

We  are  now  in  a  position  to  find  an  expression  for  the  work  done  by  the  tangential 
components  of  force  in  bringing  the  projectile  to  rest.  The  tangential  components  of  force  consist 

of 


Ft  =  m*(pp,Nlv2  +  pRM  +r<}A/) 


(14) 
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(15) 


where  N  =  Nc+pNr  The  work  done  by  this  force,  Wt ,  is  given  by 

W,  =  no1  fyip,  Nxv2  +  pRM  +  r0M )  dz 

where  the  integration  is  taken  along  the  rectilinear  tunnel  length  z.  Using  the  equation  ot  motion 
of  the  projectile,  Equation  (7),  we  can  transform  the  integral  in  Equation  (15)  to 

=  roQjftjV!  +  /*RM  +  r0M)vcfv  (16) 

'  p,Nv2  +  /?(!  +  //Af)  +  r0  M 


which  can  be  integrated  to  give 


W, 


pmN{  (  2  2\  m\pR(MN0  -N^  +  TqMN,,] 

l=~n r[v°~v)  2p,N 2 


p,Nvl  +  R(\  +  ttM)  +  TQM 

p t  Nv 2  +  R(\  +  pM)  +  r0M  J 


(17) 


This  equation  expresses  the  work  done  in  terms  of  the  current  velocity,  v.  Work  is  usually 
expressed  in  terms  of  distance,  or  arc  length,  along  the  trajectory.  It  is  not  difficult  to  find  such  a 
relationship.  We  can  use  the  integral  given  in  Equation  (8)  to  eliminate  the  velocity  in  terms  oft 
distance  z.  This  will  only  be  done  for  one  case,  because  the  results  are  particularly  interesting. 
When  //  =  0,  Equation  (17)  becomes 


w.ajsO-tn 

‘  2p,N0 


A^0V0  +  R+Jjyh£ 


p,N0v2  +  R  +  t0M  J 


(18) 


and  Equation  (8)  becomes 


2  —  ■ 


m 


2  tcct  p,Nn 


-id 


a#qVq  tAlhM. 
p,N0v2  +R  +  t0M  J 


(19) 


By  eliminating  the  velocity  between  these  two  equations,  we  find 

Wt  -m2xQMz  (20> 

is  the  work  done  by  the  pressure  independent  target  shear  force  acting  on  the  projectile.  This  is  a 
particularly  simple  result.  It  shows  that  the  work  done  by  shear  is  proportional  to  the  cross- 
sectional  area  of  the  shank  of  the  projectile,  the  normalized  cross-sectional  area  of  the  nose,  an 
the  penetration  depth.  However,  in  spite  of  its  simplicity,  this  result  is  not  easy  to  anticipate 
because  it  involves  the  constant  M. 
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It  is  interesting  to  compare  the  work  done  by  shear  to  the  total  work  done  by  all  of  the 
forces  in  bringing  the  projectile  to  rest.  The  total  work  done  is  equal  to  the  available  energy, 
m\>0 1 2 ,  which  means  that  2 m'xJvtZ  !mv\  is  the  fraction  of  work  done  by  shear.  For  the  Egltn 

experiments  (Tables  1  and  2),  r0  =13.8  MPa.  The  highest  impact  velocity  in  the  data  set  is  v0  = 

1636  m/s  for  a  CRH  =  4.25  ogive  nose  projectile.  In  this  case,  A/ =  5.399,  m  =  65g,  a  =  6.46mm, 
and  Z  -  0.665m.  With  this  data,  we  can  see  that  the  fraction  of  work  done  by  shear  is  only  7.5% 
of  the  total  work.  While  this  is  small,  it  is  very  significant  to  problems  involving  projectile  heating 
and  erosion.  This  topic  will  be  discussed  now. 

THERMODYNAMIC  CONSIDERATIONS 

The  process  driving  the  mass  loss  during  the  penetration  process  has  been  attributed  to 
friction  and  shear  by  various  investigators.  The  microscopic  analysis  of  recovered  penetrators 
serves  as  clear  evidence  of  the  thermal  effects  of  these  processes.  For  high  velocity  penetration 
problems,  the  heat  generated  by  tangential  forces  between  the  penetrator  and  the  stationary  target 
goes  into  heating  the  surface  of  the  penetrator.  This  fact  is  fairly  easy  to  establish.  The  Peclet 
Number  is  a  dimensionless  heat  transfer  grouping  that  governs  the  heat  partitioned  between 
sliding  bodies  (e.g.,  Cowan  and  Winer,  1998).  For  our  purpose,  the  Peclet  Number,  Pe,  is  defined 
by  pe=  VLC  /  h  ,  where  V  is  the  velocity  of  the  penetrator,  Le  is  a  characteristic  length,  and  h  is  the 

thermal  diffusivity  of  the  penetrator.  For  a  steel  penetrator,  h  —  0.127  x  10  m  /  sec .  For 
example,  take  the  velocity  of  the  projectile  F=1000  ml  sec  and  the  characteristic  length  to  be  a 
penetrator  nose  length,  say  2xl0'2  m.  In  this  case,  Pe=  1.57x  106,  For  such  an  event,  the  heat 
partition  factor  is  smaller  than  10'3 ,  indicating  that  less  than  one  part  in  a  thousand  of  the  heat 
generated  is  shared  by  the  target.  Even  for  substantially  larger  characteristic  lengths,  the  Peclet 
Numbers  are  still  very  large.  Thus,  we  may  ignore  the  target  and  assume  that  all  of  the  heat 
generated  by  frictional  heating  is  accepted  by  the  penetrator. 

In  the  previous  section,  the  mechanical  work  done  by  the  forces  acting  on  the  nose  of  the 
projectile  was  estimated.  As  work  is  done  by  friction  (shear)  acting  on  the  surface  of  the 
penetrator  nose,  heat  is  generated.  The  relationship  between  the  heat  generated  Q  and  the  work 
done  by  the  tangential  forces  Wt  is  given  by 


Q  =  kW,  (21) 

where  £=4.18  calories/joule  is  the  mechanical  equivalent  of  heat  (e.g.,  see  Zemansky,  1968). 

The  first  law  of  thermodynamics  defines  the  relationship  between  heat  and  other 
thermodynamic  state  variables, 

du  =  dQ-  dW  (22) 


where  the  inexact  differentials  in  4Q  and  dW  indicate  path  dependent  functions.  The  standard 
thermodynamic  functions:  internal  energy,  enthalpy,  Gibb’s  free  energy,  and  Helmoltz  free  energy 
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provide  a  means  to  select  the  most  suitable  integration  path  to  calculate  the  end  state  which 
results  from  the  addition  of  the  heat.  The  heat  capacity  of  metals  is  only  weakly  dependent  on 
pressure  below  10  Opa  (Zemansky,  1968)  which  is  well  below  the  pressure  levels  at  the 
penetrator/target  interface  as  estimated  by  either  analytical  models  (e.g.,  Luk  and  Forrestal,  1987) 
or  continuum  code  calculations  (e.g,  Johnson  and  Holmquist,  1992).  Also,  in  this  pressure  regime, 
the  solid-solid  and  solid-liquid  phase  transitions  in  steel  have  little  pressure  dependence  (e.g., 
Leslie  1981)  The  path  dependence  in  the  integration  is  for  the  most  part  reflected  by  the 
temperature  dependence  in  the  heat  capacity.  Therefore,  the  enthalpy  is  used  to  do  the  integration 
to  assess  the  end  state  assuming  dp~0.  This  means  that 


UH  =  pSVcpdT  =  dQ . 


(23) 


where  H  is  the  enthalpy,  AF  is  the  volume  of  the  heat  affected  zone,  p  is  the  penetrator  density, 
and  cf,  is  the  temperature  dependent  heat  capacity  of  the  penetrator  material.  Equation  (23)  can 

now  be  integrated  to  produce  an  estimate  tor  Q.  This  result  is 

QsfiATfc'dr  <24> 


where  the  integration  is  taken  from  the  ambient  temperature  to  the  melt  temperature.  A  complete 
discussion  of  the  evaluation  of  the  integral  in  Equation  (24)  is  given  in  the  next  section.  For  the 
moment.  Equations  (21)  and  (24)  can  be  combined  to  arrive  at  the  estimate  for  mass  loss  from  the 
penetrator  due  to  surface  heating,  A m ,  given  below 


pAF  =  A m  = 


k\cpdT 


(25) 


When  this  equation  is  combined  with  Equation  (20),  we  get 


A m  = 


na2rQMz 

k\cpdT 

T 


(26) 


which  indicates  that  the  mass  loss  due  to  surface  heating  when  p  =  0  is  directly  proportional  to 
the  tunnel  length  z,  the  cross-sectional  area  of  the  projectile  m2 ,  and  the  target  shear  strength  r0 . 
This  result  appeared  earlier  in  Foster,  et  al,  1999.  This  result  also  indicates  that  increment  of  mass 
loss  Am  is  inversely  proportional  to  the  heat  required  to  melt  the  steel. 


EVALUATION  OF  HEAT  REQUIRED  TO  MELT 

The  heat  required  for  melting  the  steel  penetrator  can  be  found  once  the  integral  in 
Equation  (24)  has  been  evaluated.  In  this  paper,  we  approximate  the  properties  of  the  steel 
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penctrator  by  the  properties  of  its  major  constituent,  iron.  In  this  case,  the  temperature-dependent 
heat  capacity  cp  takes  the  form 


cp  =C,  +C2'/'  (cal./gram-  K ) 


(27) 


where  the  constants  C,  and  C2  are  given  in  Table  4  (see  Kubaschewski  and  Evans,  1958).  In 
Equation  (27),  K  indicates  temperature  in  degrees  Kelvin.  Iron  goes  through  three  distinct  phases 
prior  to  melting.  The  first  phase  is  the  ferrite  or  a  -phase.  The  second  is  the  austenitic  or  y  - 
phase.  The  last  phase  is  called  the  8  -phase.  Table  4  gives  the  values  of  C,  and  C1  during  each  of 
these  three  phases  and  the  temperature  range  for  each  phase  (Kubaschewski  and  Evans,  1958). 

Now,  using  Equation  (27),  we  can  evaluate  the  integral  in  Equation  (24)  and  get 


(28) 


where  Ta  is  the  ambient  temperature,  Ty  is  the  temperature  of  transition  from  ferrite  to  austenite, 
Ts  is  the  temperature  of  transition  from  austenite  to  8  -phase,  and  T„  is  the  melt  temperature  of 
iron.  In  Equation  (28),  AHr ,  A Hs  ,  A HL  are  the  latent  heats  required  for  each  of  the  three  phase 

changes  experienced  by  iron  during  heating  through  the  melting  point.  The  heat  capacities  in  the 
integrands  of  the  integrals  in  Equation  (28)  apply  in  the  temperature  range  indicated  by  the  limits 
of  integration.  The  latent  heats  of  transformation  for  iron  are  taken  to  be  A Hy  =2.87  cal/gram, 

A Hs  =3.60  cal/gram,  and  AH  L  =58.98  cal/gram  (see  Kubaschewski  and  Evans,  1958  and 


Kubaschewski  and  Alcock,  1979). 

Table  4.  Heat  Capacity  Coefficients 


C(  (cal/gram 
■K) 

C2  (cal/gram-  AT2 
) 

T(K) 

a  -phase 

7.49  xlO'2 

1.06  xlO'4 

273  <  T  <  1 185 

y  -phase 

3.30  xlO"2 

8.35x10  3 

1185  <  T  <1674 

8  -phase 

1.88x10-’ 

0.00 

1674  <  7’  <1812 

With  the  information  provided  in  the  previous  paragraph,  we  can  use  Equation  (28)  to 
evaluate  the  heat  capacity  integral  in  Equation  (27).  After  perfectly  straightforward  integrations 

and  additions,  we  find  that  j  cpdT  =  302.58  cal/gram.  This  means  that  k^cpdT  =  1264.78 

r  t 
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J/gram  for  iron.  This  number  will  be  used  in  the  denominator  of  Equation  (26)  to  estimate  mass 
loss  in  steel  penetrators. 

RESULTS 

As  indicated,  mass  loss  can  be  estimated  by  Equation  (26)  using  the  heat  required  to  melt 
iron  given  in  the  previous  section.  This  will  be  accomplished  for  the  experiments  into  concrete 
reported  inTablesP  1-3.  Although  there  is  mass  losss  and  wear  on  the  nose  of  the  projectiles, we 
will  use  the  value  of  M  in  Equation  (6)  for  the  initial  ogive  in  this  application. 

In  the  first  case,  experimental  data  for  two  different  ogives  was  provided  by  Wilson  and 
Christopher" 1997  (Tables' 1  and  2).  This  enables  us  to  find  r0.  In  this  case,  /*  -  0  and  Equation 
(26)  applies  The  estimated  mass  loss  for  the  two  different  ogives  is  shown  in  Fl8ure6, 

Unfortunately  only  one  of  the  penetrators  has  been  removed  from  the  target  and  weighed. 

However  the’single  data  point  shows  very  good  agreement  with  the  estimate.  U  must  be  pointed 
out  that  there  is  much  uncertainty  in  experimental  determinations  of  mass  loss  fr°m  tl^e  n°^  ° 
penetrator.  Simply  weighing  the  projectile  usually  underestimates  the  mass  loss  because  mo 
penetrator  material  is  reattached  to  the  shank  (see  Toness,  et  al,  ). 

The  second  set  of  penetration  data  (Table  3)  from  Frew,  et  al,  1998,  is  for  3.0  CRH  ogive 
nose  projectiles.  The  estimate  for  r0  is  based  on  the  same  fraction  of  R  that  was  found  foi  the 
orevious  data  set.  The  mass  loss  estimates  are  shown  in  Figure  7  for  two  different  classes  of 
penetrators  The  ‘small”  penetrators  have  a  mass  of  0.478kg  and  the  “large  penetrators  have  a 
mass  of  1  62kg  The  target  material  is  the  same.  The  agreement  between  Equation  (26)  and  the 
experiments  is  good  considering  the  nature  of  penetration  testing.  The  agreement  is  exce  lent  at 
the  lowest  impact  velocity  where  the  tunnel  is  shortest.  This  is  expected  because  mass  loss  and 
wear  are  the  least  there.  Obviously,  we  have  used  data  to  characterize  the  target  and  the 
penetrator  that  is  influenced  by  mass  losss  and  wear.  It  is  evident  that  the  more  mass  loss  an 
wear  that  occurs,  the  greater  this  influence  should  be. 

METALLURGICAL  OBSERVATIONS 

In  this  section,  we  present  the  metallurgical  observations  that  support  the  case  for  wear  by 
surface  melting  of  the  nose.  As  indicated  in  the  introduction  of  this  paper,  the  analysis  of 
experiments  performed  by  WES  of  hard  4340  steel  penetrators  into  weathered  granite  was  the 
seed  for  the  theory.  For  this  reason,  it  is  appropriate  to  present  the  supporting  metallurgy  in  ter 
of  the  recovered  penetrators  from  these  experiments.  Further  details  are  contained  in  Toness  et 
al  1999  In  this  context,  the  questions  that  must  be  answered  are:  1)  How  much  wear  took  place. 
2)  How  much  metal  is  removed?  and  3)  What  is  the  wear  mechanism?  Each  of  these  questions 
will  be  addressed  separately  in  the  paragraphs  that  follow. 

First  let  us  address  the  question  of  how  much  wear  took  place.  The  parameters  for  two  of 
the  six  experiments  performed  are  given  in  Table  5.  At  first  glance,  it  appears  that  very  little  wear 
tookplac^Fo^example^the  greatest  weight  lost,  2.29  lbs,  is  a  mere  2*  more  or  less  of  its  gross 
weight.  However,  this  grossly  understates  the  wear  process.  When  the  54.5kg  penetrator  hits 
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rock,  it  carries  from  5.2  to  23.5  megajoules  of  energy  with  it.  Only  approximately  10%  of  the 
work  done  by  this  energy  is  devoted  to  shear.  Nevertheless,  the  rate  of  metal  removal  from  the 
nose  is  respectably  large  (see  Table  2).  Compare  this  with  what  the  American  Society  for  Metals, 
International  (ASM)  calls  “high  removal  rate  machining”  which  achieves  removal  rates  of 
370  in1  /  min  (for  steel  this  is  104  ibs/min,  see  ASM  Metals  Handbook,  Vol  16,  Machining, 
p.  607).  Thus,  the  wear  process  can  be  characterized  as  high  energy,  high  rate.  The  resulting 
surface  of  the  nose  of  the  penetrator  is  very  smooth  and  true  to  its  original  form,  as  illustrated  in 
Figure  8.  The  smooth  horizontal  surface  is  the  result  of  the  high  energy,  high  rate  penetration 
wear.  The  rough  vertical  surface  is  saw  cut. 

Table  5.  Material  Loss  From  Two  4340  Steel  Penctrators 


Penetrator 

Penetration 

Time  (sec) 

Lbs  Lost 

Lbs/scc 

Lbs/minute 

A 

1.12x  10'2 

2,29 

204 

12,267 

D 

o 

X 

CO 

0.57 

70 

4,226 

We  will  now  address  the  questions  of  what  is  the  wear  mechanism  and  how  much  metal  is 
removed.  Pressures  and  velocities  are  such  that  the  nose  is  melted.  This  is  evident  from  the 
scabrous  deposits  on  the  shank  of  the  projectile,  see  Figure  9.  The  small  humps  in  the  surface  are 
a  cast  of  the  cavity  in  which  the  projectile  came  to  rest.  It  is  difficult  to  estimate  the  amount  ot  re¬ 
deposited  material.  It  is  unevenly  distributed  both  in  location  and  thickness  and,  in  addition,  the 
re-deposited  metal  contains  inclusions  of  geological  materials. 

Microstruetural  observations  of  surface  layers  of  nose  material  indicate  that  the  material 
had  been  heated  to  the  austenite  transformation  temperature.  This  transformed  layer  is  shown  in 
Figure  10.  This  layer  in  the  austenitic  state  is  very  plastic  and  is  easily  removed  by  abrasion.  This 
removal  process  further  raises  the  temperature  to  the  melting  point  and  the  melted  matei  ial  flows 
backward  onto  the  shank.  Alternatively,  the  thin  layers  could  be  melted  directly  and  the  molten 
material  wiped  backward.  Extensive  metallurgical  observations  provided  no  evidence  of  shear 
banding  or  other  indications  of  deformation  of  the  nose. 

The  melted  material  forms  layers  on  the  shank.  The  heat  from  the  melted  material  and 
friction  raises  the  temperature  of  a  thin  layer  on  the  surface  of  the  shank  to  past  that  required  for 
the  formation  of  austenite.  Thus,  the  shanks  have  three  layers:  melt,  heat  effected  zone  (HAZ), 
and  bulk  material.  Microhardness  measurements  converted  to  Rockwell  C  (Rc)  are  as  follows; 
melt- 7?c  =49.5,  HAZ- i(c  =56.1,  bulk  i?c=40.4.  A  sample  cut  from  the  shank  and  polished  through 
the  surface  reveals  sufficient  melt  and  HAZ  surfaces  for  X-ray  diffraction  analysis.  The  results 
indicate  that  the  structures  are  all  ferrite  with  no  retained  austenite.  Analysis  of  x-ray  diffraction 
peaks  in  the  transverse  direction  across  the  surface  show  a  distinct  broadening  of  the  peaks  in  the 
melt  and  HAZ,  indicating  the  presence  of  untempered  martensite.  The  diffracting  particle  size  was 
determined  to  bell.  lnm.  The  cooling  rate  associated  with  this  particle  size  is  greater  than 
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lOOOC/scc  (see  Weins,  et  al,  1999).  This  is  a  reasonable  estimate  of  the  cooling  rate  experienced 
by  a  hot  projectile  entering  into  and  stopping  in  ambient  temperature  granite 


CONCLUSIONS 

In  this  paper,  we  have  presented  a  simple  one-dimensional  estimate  for  mass  loss  from  a 
high-speed  steel  projectile.  Required  for  its  use  is  an  estimate  for  dynamic  target  shear  stress 
under  very  high  pressure.  A  method  for  estimating  this  stress  is  included  in  the  paper.  Another 
constant  that  is  required  is  related  to  the  longitudinal  cross-sectional  area  of  the  ogival  nose.  A 
complete  discussion  of  this  constant  is  given  in  the  Appendix  of  this  paper. 

The  agreement  between  the  one-dimensional  theory  and  experimental  observations  is 
reasonable,  considering  the  nature  and  reproducibility  of  penetration  experiments  and  some  oft  e 
fundamental  assumptions  in  the  development.  Some  of  the  shortcomings  of  this  analysis  are  the 
subject  of  future  work  and  work  in  progress.  Because  these  arc  important  considerations,  we  wil 
mention  a  few  of  them.  Penetrator  wear  is  a  time-dependent  process.  As  mass  is  lost  from  the 
nose  the  penetrator  is  blunted  and  the  nose  factor  N  increases.  This  can  have  a  considerable 
influence  on  high-speed  penetration.  Because  mass  is  primarily  lost  from  the  nose,  even  modest 
projectile  mass  loss  can  result  in  fairly  substantial  change  in  the  nose.  If  regular  wear  is  assumed, 
some  of  these  changes  can  be  modeled  and  a  simple  strategy  for  blunting  and  longitudinal  area 
change  in  the  nose  produced.  These  topics  will  be  addressed  in  future  work. 
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Figure  1.  Cross  section  of  projectile  nose. 


Dm  =  MEASURED  PENETRATION  DEPTH  (m) 


Figure  2.  Plot  of  measured  versus  calculated  penetration  depths  obtained  by  applying  Equation  (9) 
to  the  data  of  Tables  1  and  2  with  the  parameters  R  =  737  MPa,  %  „  =  1 3.8  MPa,  and  p,  =  0.0.  The 
parameters  were  obtained  by  a  least  squares  fitting  process. 


IMPACT  VELOCITY  (m/s) 


Figure  3  Plot  of  penetration  depth  versus  impact  velocity  for  the  impact  system  of  Table  1  with 
parameters  R  =  737  MPa,  x0  -  13.8  MPa,  and  p  =  0.0. 


ELAPSED  TIME  FROM  IMPACT  (s) 


Figure  4.  Plot  of  penetration  depth  versus  time  for  the  impact  system  of  Table  2  (with  parameters 
R  =  737  MPa,  x0  =  13.8  MPa,  and  p  =  0.0)  for  die  case  of  a  projectile  with  an  impact  velocity  o 


1500  m/s. 
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Figure  5.  Plot  of  measured  versus  calculated  penetration  depths  obtained  by  applying  Equation  (9) 
to  the  data  of  Table  3  with  the  parameters  R+Mr0  =  478  MPa  and  p  =  0.0.  The  parameters  were 

obtained  by  a  least  squares  fitting  process. 
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Figure  6.  Predicted  mass  loss  versus  penetration  depth  based  on  tests  by  Wilson  and  Christopher 


Figure  7.  Comparison  of  calculated  and  measured  (Frew  et  al,  1998)  mass  loss  versus  penetraUoi 
6  depth. 


Figure  8  Micrograph  of  the  surface  of  a  4340  penetrator.  This  longitudinal  section  shows  the 
nonetched  HAZ  (heat  affected  zone)  formed  by  friction  along  the  horizontal  surface  at  the 
bottom.  The  rougher  edge  rising  at  about  1  o’clock  is  a  saw  cut  surface.  (5  x) 
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Figure  9.  Nose  of  a  4340  penctralor  showing  HAZ  and  melted  material,  captured  in  solidified 

rock. (4G0x) 


Figure  10.  Cast  of  molten  steel  on  the  shank  of  a  4340  penetrator.  Also  visible  is  the  non-staining 

HAZ  (heat  affected  zone).  (53x) 
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APPENDIX 


In  this  appendix,  the  integrals  in  Equations  (5)  and  (6)  are  evaluated  for  some  common 
and  useful  nose  geometries.  This  enables  us  to  easily  employ  the  results  in  the  previous  section. 

The  Conical  Nose 

There  is  a  particular  nose  geometry  that  offers  considerable  simplification.  In  terms  of  the 
geometry  noted  in  Figure  1 ,  the  conical  nose  has  the  equation 


y  = 


(A-l) 


By  substituting  Equation  (A-l)  into  equations  (5)  and  (6),  we  find 


N  = 


a 

1 +aJ 


(A-2) 


and 

M  =  i  (A-3) 

a 

The  Ogive  Nose 

Much  of  the  penetration  data  that  has  been  reported  is  for  ogive-nose  projectiles.  This 
nose  geometry  is  very  significant.  In  this  section,  we  detail  the  technique  presented  in  the  previous 
section  for  conical-nose  projectiles  with  the  ogive-nose.  The  results  will  certainly  lack  the 
simplicity  of  the  conical-nose  projectile,  but  are  nevertheless  very  useful. 

The  ogival  geometry  is  shown  in  Figure  6.  It  is  easy  to  see  that  the  equation  for  the  ogive 
is  given  by 

y  =  -Js2  ~(b-  x)2  -  (, s  -  a)  ( A“4) 

where  5  is  the  radius  of  the  ogive.  The  ogive  is  a  circular  arc  of  radius  s  tangent  to  the  shank  at 
x~b.  In  terms  of  the  notation  in  Figure  A-l,  the  ogive  radius  is  given  by 


s  = 


a2  +  l>2 
2a 


(A-5) 


This  means  that  the  Caliber  Radius  Head  (CRH)  (eg.,  see  Luk  and  Forrestal,  1987),  ¥  =  s/2a, 
can  be  expressed  as 
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Vs 


a'+b* 

4a3 


1  +  a3 
4a3 


(A-6) 


where  a -alb  is  the  dimensionless  nose  ratio  (see  Jones,  et  al.  1998). 

The  obstacle  to  Equation  (A-4),  in  Equations  (5)  and  (6),  is  the  evaluation  of  the  integrals. 
After  some  very  tedious  manipulations,  we  can  show  that 


N  = 


2  a2(a2  +2) 
3(l+«2)2 


"(1  +«2)2  •  -if 

l-a2 

„  2,3 

(I-a  ) 

4(1 -a2) 

W*  Sm  1 

J  +  a2> 

8a3 

4a3  (1  + a2)2 

3a(t  +  «2)2 

(A-7) 


and 


M  = 


(i  +  g3)3 

4a4 


sin 


1-g3 

2a3 


(A-8) 


These  equations  have  been  presented  in  a  different  form  by  Luk  and  Forrestal,  1989.  They  are 
included  here  for  convenience. 

Equations  (A-7)  and  (A-8)  are  fairly  complicated.  However,  there  is  one  shape  for  which 
they  reduce  to  something  particularly  simple.  The  spherical  (hemispherical)  nose  is  a  degenerate 
case  of  the  ogive  for  which  the  ogive  radius  is  equal  to  the  shank  radius  and  the  center  of 
curvature  moves  to  the  axis  of  the  specimen.  In  this  case,  a  =  l  and  Equations  (A-7)  and  (A-8) 
become 


and 


N  =  -  +  ^-  (A-9) 

2  8 

M  =  — .  (A- 10) 

2 
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Figure  A-l.  Cross  section  of  projectile  with  ogive  nosf 
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ABSTRACT 

Analytical  modeling  of  high  velocity  penetration  by  rigid 
projectiles  has  generally  ignored  modest  erosion  with  reasonable 
success.  However,  even  modest  mass  loss  from  u  high  velocity 
penetrator  can  result  in  fairly  significant  change  in  performance  due  to 
blunting  and  volume  change  in  the  nose.  Recent  observations  ol  mass 
loss  in  high  velocity  steel  projectiles  has  lead  to  the  conclusion  that 
surface  melting  of  the  nose  is  the  primary  contributor  to  the  total  mass 
toss,  ill  is  has  motivated  the  formulation  of  a  one-dimensional 
mathematical  model  to  explain  this  process.  This  mode!  uses  data  from 
post-test  measurements  of  penetration  tests,  but  neglects  the  time- 
dependent  changes  in  the  nose  geometry  produced  by  erosion. 

This  paper  is  devoted  to  a  one-dimensional  analysis  or 
penetration  that  includes  the  effects  of  blunting  and  erosion.  These 
effects  arc  important  because  the  nose  factor  can  increase  significantly 
for  very  little  mass  loss  from  the  penetrator  nose.  The  nose  usually 
contains  a  small  fraction  of  the  total  mass  and  small  changes  in  total 
mass  result  in  fairly  large  changes  in  the  nose  mass.  These  effects  and 
their  impact  on  penetration  performance  are  investigated,  Especially 
interesting  is  the  impact  that  they  have  on  the  mechanical  properties  of 
the  target  material  when  the  one-dimensional  mathematical  model  is 
used  to  deduce  these  properties  from  penetration  data.  The  results 
confirm  that  mass  loss  and  blunting  are  important  considerations  in 
high  velocity  penetration  analysis. 


INTRODUCTION 

Analytical  modeling  of  high  velocity  penetration  by  rigid 
projectiles  has  generally  ignored  modest  erosion  with  reasonable 
success.  However,  the  direction  taken  by  some  important  hard  target 
weapons  programs  has  demanded  substantial  increases  in  impact 
velocity.  Under  these  conditions,  mass  loss  and  blunting  in  recovered 
projectiles  has  been  observed.  Under  some  circumstances,  this  has  lead 
to  substantial  reduction  in  performance  at  the  higher  velocities. 
Mathematical  models  that  ignore  blunting  and  erosion  have  failed  to 
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produce  reasonable  correlations  with  experimental  observations.  This 
has  lead  to  recent  investigations  where  the  effects  of  surface  melting 
and  wear  have  been  used  to  explain  the  loss  of  penetrator  performance 
(e,g,,  see  Foster,  et  al,  [ 11,  Jones,  et  ah  [2],  and  Beissel  and  Johnson 

Pfr 

In  order  to  correlate  wear  and  penetrator  mass  loss  with 
penetrator  performance,  a  new  one-dimensional  penetration  model  is 
proposed  in  this  paper.  This  model  includes  the  effects  of  time- 
dependent  mass  loss  and  blunting  (increases  in  the  nose  factor). 
Naturally,  this  complicates  the  analysis  and  an  explicit  solution  is  no 
longer  possible,  ilie  equation  of  motion  is  nonlinear  with  time- 
dependent  coefficients.  The  solution  to  this  equation  is  shown  to  be 
implicit  when  the  time-dependent  coefficients  are  expressed  in  terms 
of  the  penetration  depth,  A  blunting  parameter  is  introduced  and  a 
simple  erosion  schedule  is  used  to  reduce  the  nose  length  in  the 
penetrator.  A  two-parameter  solution  is  shown  to  produce  substantial 
agreement  with  experimental  results. 


AN  ERODING  AND  BLUNTING  PROJECTILE  MODEL 

Consider  an  ogival  nose  rod  projectile  impacting  a  semi-infinite 
target,  as  shown  in  Figure  1.  The  projectile  is  acted  upon  by  a  net 
resistive  force  F  at  time  t  and  has  velocity  v  directed  to  the  left.  At 
some  later  time  t  +  hi ,  the  projectile  has  lost  an  increment  of  mass 
Am  and  has  a  new  velocity  v  +  Av ,  An  internal  force  Ft  acts 

between  tire  main  body  of  the  projectile  and  the  mass  increment.  The 
mass  increment  is  moving  with  velocity  u.  The  change  in  linear 
momentum  between  time  t  and  time  t  +  A/  is  equal  to  the  impulse  of 
the  forces  acting  on  the  system,  which  leads  us  to 

mAv  +  Am(v  -  u)  =  I  =  FAt  (1) 


S-l 


where  the  linear  impulse  Integral,  /,  has  been  evaluated  using  the  mean 
value  theorem.  The  force  F  »  F&)  is  evaluated  at  an  intermediate 
lime  % ,  where  /<$</  +  At .  Ming  the  limit  ns  Af  -+  0 .  we  find 
the  equation  of  motion  of  the  projectile 

mv  +  «(v-w)  =  F  (2) 

This  equation,  which  accounts  for  the  mass  loss  during  penetration, 
was  presented  earlier  by  Jones,  ct  al  (41  and  used  in  connection  with 
projectile  motion  in  which  mass  loss  and  mushrooming  occurs.  In  the 
present  context,  mass  loss  will  be  permitted,  but  mushrooming  of  the 
nose  will  not.  Blunting  of  the  ogival  nose  will  be  accounted  for  in  the 
time-dependent  description  of  the  force  F.  In  general,  we  will  assume 
that  mass  loss  occurs  at  the  nose  and  is  the  result  of  surface  melting 
(Foster,  et  al.  [I]).  Thus,  it  is  appropriate  to  assume  that  w*0 
because  the  melted  projectile  material  will  be  stripped  from  the  nose 
by  the  longitudinally  stationary  target. 


THE  FORCE  F  ,  .... 

'Ihe  pressure  P  acting  on  the  surface  of  the  nose  of  the  projectile 
is  assumed  to  have  velocity-squared  dependence  and  have  the  form 


acting  on  the  nose  of  the  pcnctrntor  is  constant.  This  friction  will  be 
denoted  by  /o . 

The  nose  of  the  projectile  is  assumed  to  be  ogival.  The  ogival 
geometry  is  shown  in  Figure  4.  Now,  Integrating  over  the  surface  or 
the  ogive,  we  find  that  the  component  of  force  resisting  the  motion  or 
the  projectile  is 

F  =  na2(yiVv2 +  F+/oAf)  W 


where 


t 


,  r—dx 


(6) 


and 


(7) 


In  general,  the  coefficients  N  and  M  in  Equations  (6)  and  (7)  nrc  time- 
dependent.  From  Figure  4,  we  can  find  the  equation  for  the  ogive 


P  =  yv2  sin2  0+  R 


(3) 


where  y  is  a  constant  with  the  dimension  of  density,  v  is  the  current 
speed  of  the  pcnctrntor,  R  is  a  constant  with  the  dimension  strength, 
and  0  is  the  local  tangent  angle  of  the  nose.  The  pressure  in  Equation 
(3)  is  of  the  Poncclet  type.  Cavity  expansion  methods  suggest  that 
y  -  pt ,  where  p,  is  the  mass  density  of  the  target  (c.g.,  see  Luk  and 
Forrcstal  |51).  This  is  not  the  only  interpretation  for  y .  For  example, 
the  eroding  penetrating  rod  model  of  Tate  (6,7]  employs  the  Modified 
Bernoulli  fyuation  and  rigid  body  penetration  in  this  theory  is  a 
limiting  case.  The  pressure  acting  on  the  face  or  the  rod  pcnctralor  is 
also  of  the  Poncelet  type,  but  in  this  case,  y  =  p,  /2 . 

Assume  that  friction  /  acts  on  the  surface  of  the  nose  of  the 
projectile.  This  frictional  resistance  acts  tangent  to  the  surface  and  has 
the  units  of  force  per  unit  area  (see  Figure  2).  Integrating  over  the 
surface  of  die  nose  leads  to 


F  =  2n  ^yy'Pdx  +  2n  ^yfdx .  (4) 

Before  proceeding  further,  we  should  mention  the  friction 
force  that  we  will  employ  for  this  analysis.  High  speed  friction  is  a 
subject  that  has  very  little  history,  in  spite  of  the  fact  that  references 
dating  ns  early  as  1785  can  be  found.  However,  Kragclsku  [81  reports 
the  results  of  several  early  investigations  and  some  trends  can  be 
noted.  Pressure  dependence  at  low  velocities  serves  to  increase  the 
maximum  sliding  friction  attainable.  As  the  velocity  increases  friction 
the  friction  decreases  and  appears  to  approach  an  asymptotic  limit,  as 
shown  in  Figure  3.  The  results  reported  by  the  early  investigators, 
indicate  that  this  asymptotic  limit  is  approached  for  velocities  that  arc 
much  lower  than  those  experienced  in  high  speed  penetration 
problems.  With  these  observations,  it  is  appropriate  for  a 
fundamentally  one-dimensional  analysis  to  assume  that  the  friction 


)>  =  ■$*  -(6-x)^-(^-o).  (*) 

In  this  equation.  S  is  the  ogive  radius,  b  is  the  nose  length,  and  a  is  the 
radius  of  the  shank  of  the  penetrator.  These  quantities  are  all  related  to 
the  nose  ratio  a  =  a/b  and  the  shank  radius  a  through  the  ogive 

2  2 

geometry  in  Figure  2.  It  is  easy  to  show  that  S  =  a(l  +  a  )  /  2a  . 

Evaluation  of  the  integrals  in  Equations  (6)  and  (7)  is  fairly 
tedious  when  Equnlion  (8)  is  used.  However,  after  many 
manipulations,  we  can  show  that 


and 


2a2(2  +  a2) 
3(1  + a2)2 


W 


M  - 


(1+a2)2 

4a4 


sm 


-I 


(10) 


These  results  have  been  presented  in  a  slightly  different  fonn  by  l.uk 
and  Forrcstal  [9].  In  the  analysis  that  follows,  both  of  these  quantities 
will  be  time  dependent  because  a ,  the  nose  ratio,  will  be  changing 
with  time.  This  means  that  the  equation  of  motion  for  the  projectile. 
Equation  (2),  is  not  only  nonlinear,  but  has  time-dependent 

coefficients,  m,  N,  M. 


MOTION  OF  THE  PROJECTILE 

Combining  the  results  of  the  previous  sections  and 
observation  that  u  «  0 ,  we  get 


the 


mv+mv 


--na2  (yM>2  +R+/qM  )  (II) 


S-2 


os  the  equation  of  motion  for  the  projectile,  This  differential  equation 
appears  to  he  complicated,  but  con  he  easily  integrated.  Let  vm$/m 

and  now  <j>  satisfies 

r  r 

$+na2ym-2N$2 +na2R  \  +  =0.  (12) 

R 

However,  the  change  of  variables 

*=A  =  vf!!L±f£  (13) 

dz  dz  m  dz 

permits  us  to  write  Equation  ( 1 2)  in  the  form 

—  +  2na2ym^Nw+2na2ttiR  \  +  ~  M  =0  (14) 

dz  R  J 

where  w=  <j)2 .  This  equation  is  linear  and  may  be  easily  integrated 
after  multiplying  by  the  integrating  factor 

£■=  expj 2rca2v  f  m~lNdz\ ,  Hie  result  is 


£=  exp^Tta^y  nf^Ndz  ■ ,  Hie  result  is 

(j>2  =  £_l  vg/»i-2jra2f?^l+^-iW  Edz  ,  (15) 

where  m0  =  m(0)  and  §  (0)  =  m0v0  (v(0)  =  v0)  were  used  to 
evaluate  the  constant  of  integration.  Now,  reverting  to  the  original 
dependent  variable,  we  see  that 


vowo  ~2na2R  !  +  — M  Edz  (16) 


is  an  integral  of  motion  of  Equation  (II).  This  integral  can  be  used  to 
find  the  maximum  penetration  depth  achieved  by  the  projectile,  z=Z, 
Maximum  penetration  occurs  when  v=0,  which  means  that 


1+— M 
i  R 


Edz  = 


2n  a2R 


is  the  equation  that  determines  Z. 

Equation  (17)  is  generally  nonlinear  and  implicit  in  Z.  As  such,  it 
is  difficult  to  find  Z  as  a  function  of  the  parameters  in  the  problem. 
However,  there  is  a  simple  example  that  can  be  used  to  test  Equation 
(17).  Suppose  that  m,  M,  and  N  arc  all  constants,  say  m  =  , 

M  =  M0 ,  and  N  =  Nq.  Then,  ail  of  the  integrals  in  Equation  (17) 
can  be  directly  evaluated  and  it  is  easy  to  show  that 


2na  yN$  *i  +  ^M0 


This  is  the  estimate  for  penetration  depth  introduced  by  Jones,  cl  nl. 
|  |fl]  and  used  to  estimate  R  and  /o  from  penetration  tints.  When 
/0  a  0,  Equntion  (18)  reduces  to  the  classic  rigid  body  penetration 
estimate  obtained  by  cavity  expansion  methods,  e.g.,  I.uk  and  Forrcstal 

[51- 

A  second  integral  of  motion  can  now  be  found  from  Equation 

(16) 


dz  _i 
v  =  —  =  m 
dl 


E~*  -2na2R  l  +  ^-M  Edz  (19) 


by  separation  of  variables.  The  result  is 


vlml  -  2na2R 


r-K 


\Edz 


and  this  naturally  lends  to  the  estimate  for  terminal  time,  / j 


v2m2  -2n a2 R 


■»  L  R  J 


Now,  all  that  remains  to  use  these  results  is  to  find  suitable  z - 
dependent  estimates  for  m,  M,  and  M  This  issue  will  be  addressed  in 
the  next  section. 


ANALYSIS  OF  CHANGE  IN  OGIVAL  PENETRATOR  NOSES 

Based  on  some  earlier  reasoning  (Foster,  ct  al,  [1]),  mass  is  lost 
from  the  surface  of  the  nose  through  surface  heating  due  to  interaction 
with  the  target.  Mass  loss  due  to  surface  melting  has  been  discussed  by 
Foster,  et  ah  [l]  and  Jones,  et  al.  (10],  For  ogive-nose  projectiles  N 
and  M  are  expressed  in  terms  of  the  nose  ratio  a  -  alb  in  Equations 
(9)  and  (10).  The  mass  in  the  nose  can  also  be  expressed  in  terms  of 
a .  For  an  ogive,  the  volume  of  the  solid  nose,  expressed  in  the 
nomenclature  of  Figure  2,  is  given  by 


■"j y* 


T  3  + 2a2  +3a4  (l-a2)(l  +  a2f  .u-i[  2“ 

_  na-> - - - - sin  - - j 


This  moms  that  the  mass  of  the  projectile  material  contained  in 
the  nose  is  m„  -pK ,  where  p  is  the  mass  density  of  the  projectile 
material.  Notice  that  the  mass  of  the  nose  Is  directly  a  (Unction  of  the 
nose  ratio  a. 

Mass  loss  in  high  speed  pcnctrators  is  largely  due  to  surface 
melting  or  the  nose  (Foster,  et  al.  |1|  and  Jones,  et  al.  1 101). I?or  “*» 
reason,  it  is  safe  to  assume  that  the  shank  radius  ti  remains  constant. 
This  means  that  the  time-dependence  in  m„  is  approximately 
restricted  to  changes  in  the  nose  length  b~ab(t).  I  his  observation 
allows  us  to  estimate  the  rate  of  mass  loss  in  the  nose  by  differentiating 
Equation  (23) 


assumptions  that  apply  to  high  velocity  penetration  ore  made.  Small 
changes  in  m  and  M  do  not  significantly  influence  penetration  results. 
So.  we  will  neglect  changes  In  these  quantities  and  treat  them  as 
constants  m0  and  M0,  their  initial  values.  This  enables  us  to 

evaluate  the  integral  in 


E  a  cxp|2na2y  £  wT'AM:  j 

^  [2«o2Y  |«2a2(2+tt2) 

"  eXpl  win  1> 


3(1  + a2)2 


(26) 


m„  -pV 
=  npa2 


fW-(3-aaXH.S^,|.-'rj“  t  ■ 

2a4  4a5  ll  +  a  J 


(23) 


Evidently,  mn  <0  because  b<  0.  For  any  prescribed  erosion 

schedule,  we  can  find  the  rate  of  change  in  the  nose  length  from 
Equation  (23)  and  the  time-dependent  nose  length  b~b(t)  Irom 
Equation  (22).  However,  penetration  depth  is  time-dependent,  which 
means  that  b  is  implicitly  depth-dependent.  Suppose  that  the  initial 
length  or  the  nose  is  A  =*  fcfc  and  erosion  takes  the  nose  length  to  a 
final  length  of  bj  .  Suppose  that  this  process  is  roughly  linear  in  the 
depth,  which  means  that 


b  =  bo-(b0-bf)j;.  (24) 

This  is  the  simplest  approximation  to  shortening  of  the  nose.  There  are 
others,  some  of  which  are  more  complicated.  Itiese  will  be  considered 
in  later  reports. 

For  the  moment.  Equation  (24)  allows  us  to  express  a -alb 
approximately  as  a  function  of  z.  This  means  that  N,  AY,  and  m  can  all 
be  expressed  in  terms  of  z  by  Equations  (6),  (7),  and  (22).  The  mass  or 
the  projectile,  m,  can  be  written  as  the  sum  of  mn  and  the  mass  of  the 
material  in  the  shank,  which  is  assumed  to  remain  constant,  so  that  any 
erosion  only  affects  mn. As  indicated,  we  can  use  Equation  (24)  to 

express  a  in  terms  of  z 


a  =  « 


a0 


(25) 


where  aq  =  a/bo  is  the  initiui  nose  ratio  and  X  =  1  -  bj  I  bo  is  n 
dimensionless  blunting  parameter  expressing  the  change  in  nose 
length.  If  no  blunting  occurs,  then  X  -  0 .  For  significant  blunting, 

X  is  close  to  1 .  However,  X  is  always  between  0  and  I . 

Each  of  the  functions  of  a  that  express  the  time-dependence  of 
N,  M,  and  m  is  very  complicated  when  Equation  (25)  is  used.  In  spite 
of  the  simplicity  of  Equation  (25),  Equations  (6),  (7),  and  (  )  arc 
generally  too  difficult  to  perform  the  operations  required  by  the  theory. 
However,  in  this  case  some  of  the  analysis  can  continue  if  a  few  more 


After  some  tedious  manipulations,  we  can  show  that 
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For  a  penctrator  with  no  blunting,  X  =  0 .  To  recover  this  limiting  case 
from  Equation  (27),  we  compute  the  limit  ns  X  -+  0  and  we  can  show 
that  the  rigid  hand  side  of  Equation  (27)  tends  to 

2ajj(2+ao)z/3(1  +  cto)2  as  it  should.  Now,  we  can  use  this  result 

in  Equation  (26)  and  then  substitute  the  result  into  Equation  (17)  to 
find  7.  for  a  specific  erosion  situation.  If  no  erosion  occurs,  or  the 
effect  of  blunting  can  be  neglected,  the  right  hand  side  of  Equation 
(26)  is  replaced  by  the  limit  as  X  ->  0 . 


EXPERIMENTS  „  J  .  ,  , 

A  scries  of  penetration  experiments  were  performed  on  the  test 
range  at  Eglin  AFD,  FL.  These  50-calibcr  depth  of  penetration 
experiments  were  conducted  with  steel  projectiles  striking  grout  and 
concrete  targets  at  800-1800  m/scc  (2624-5904  ft/scc).  The  targets 
had  nominal  unconfmed  compressive  strength  of  56.3  MPa  (8160  psi), 
and  a  mass  density  of  2300  kg/m5  (143  lb/ft5).  The  projectiles  were 
fabricated  from  several  different  types  of  high  strength  steel  alloys, 
which  ranged  in  yield  strength  from  1.24-1.76  CJPa  (180-255  ksi).  All 
projectiles  were  machined  with  a  3.0  caliber-radius-head  tangent  ogive 
nose,  a  shank  diameter  of  12.7  mm  (0.5  in),  and  length-to-diameter 
ratio  of  7.0.  The  projectiles  had  a  mass  of  65g  (0.143  lb),  and  also 
contained  an  internal  cavity.  Depths  of  penetration  were  recorded, 
which  increased  as  striking  velocity  increased.  An  innovative 
projectile  recovery  technique  was  developed  in  order  to  study  the  tn- 
situ  projectile  trajectories.  This  technique  utilizes  a  fluorescent  dye- 
impregnated  two-part  epoxy  to  stabilize  the  penetration  channel  and 
surrounding  crack  systems.  Large  diameter  (25.4  cm/10.0  in)  cores 
including  the  impact  crater,  penetration  channel,  and  projectile  were 
removed  from  the  target,  allowing  the  sectioning,  visualization,  and 
analysis  of  the  in-silu  trajectories.  Subsequent  projectile  recovery 
revealed  moderate  nose  erosion  and  blunting,  and  mass  losses  up  to 


S-4 


«%  of  the  total  projectile  inass.  An  8%  mass  loss  can  be  way 
significant  if  the  volume  of  the  nose  is  only  n  small  fraction  of  tMMW 
volume  of  the  projectile  itself. 


RESULTS  ■  ,  .  •  . 

For  each  set  of  experimental  data,  the  blunting  parameter  >s 
evaluated  and  a  best  fit  to  the  experimental  data  is  achieved  by  vaiying 
r  and  /o .  The  results  of  these  correlations  arc  given  in  Figures  J-10. 
The  most  effective  penctrator,  Experimental  Steel  2  (Figure  5),  law  the 
minimum  frictional  coefficient  fa  =6.69  MPa.  The  penctrator  that 
performed  worst,  4340  Steel  (Figure  10),  had  the  highest  value  of 
yjsll.6  MPa.  All  of  the  other  materials  were  somewhere  between. 
The  values  or  R  also  varied  from  material  to  material,  but  not  as  much 
on  a  percentage  basis.  The  range  in  R  values  is  from  446  MPa  to«25 
MPa.. 


CONCLUSIONS  ,  L  . 

The  correlation  between  the  theory  and  the  experimentally 
measured  penetration  depths  is  excellent  ns  expected  because  the 
parameters  R  and  /o  were  chosen  to  minimize  the  error.  Nevertheless, 
important  trends  may  be  noted.  The  best  performing  projectile  manorial 
was  that  lor  which  the  friction  between  target  and  the  projectitemosc 
was  least.  This  correlation  is  consistent  with  mass  loss  observations. 
Instinctively,  we  would  think  diat  R  would  remain  constant  Bar  the 
different  penctrator  materials  because  the  normal  pressure  aa  the 
projectiles  should  be  a  target  property,  rather  than  a  target/penrtrator 

There  were  several  assumptions  mude  to  simplify  the  analysis  that 
could  account  for  the  discrepancies.  A  more  accurate  friction  lw*  that 
reflects  the  velocity-dependence  along  the  profile  of  the  nose  could 
account  for  the  difference.  Also,  the  assumption  regarding  the 
shortening  of  the  nose  in  Equation  (24)  may  be  too  crude.  «■  any 
event,  there  arc  several  points  to  nddress  in  future  work. 
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Figure  1.  An  ogive-nose  projectile  Impacts  a  target  At  time 
t  the  projectile  ha8  mass  m  and  velocity  v  at  a  depth  of 
penetration  z.  At  time  t  ♦  At,  the  projectile  has  lost  an 
Increment  of  mass  Am.  The  mass  Increment  Am  has 
velocity  u,  while  the  projectile  has  velocity  v  +  Av  and  the 
depth  is  z  ♦  Az. 
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Figure  3.  "typical  sliding  friction/velocity  profiles.  The  shape 
of  these  curves  depends  on  tho  materials  In  contact  and 
the  normal  pressure.  But,  they  all  share  ono  thing  in 
common  In  the  asymptotic  limit. 


Figure  5.  Plot  of  penotratlon  depth  versus  impact  voloclty 
for  experimental  steeMt. 


Figure  4.  The  ogival  nose  geometry.  The  tip  passes  through 
zero  at  x=0  and  the  tangent  is  zero  at  x=b.  The  remainder  of 
the  projectile  Is  a  cylinder  of  length  L. 
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Figure  6.  Plot  of  penetration  depth  versus  Impact  velocity 
for  AF1410  steel. 
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Figure  10.  Plot  of  ponetratlon  depth  versus  Impact  velocity 
for  4340  stoel. 
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Figure  8.  Plot  of  penetration  depth  versus  Impact  velocity 
for  Experimental  Steel_1. 
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km/s  The  analysis  presented  here  includes  an  initial  transient  phase 

and  modifies  previous  estimates  for  pressure  on FS°.,Ai 
.  s. ,  at  steadv  state  was  found  to  be  & 


computational  simplicity  oy  rcnimum&^u.ptw^, 

Cnrrftlation  with  a  majority  of  the  readily  available  experimental  data 
is  given.  The  results  are  very  reasonable  for  a  one-dimensional  model. 


USJ 0F 

A  crow-sectional  area  of  the  mushroom  of  the  ngtd-plastic 

A-  FnUiaTe'ross-sectiona]  area  of  the  undeformed  penetrator 
A*  cross-sectional  area  of  the  penetrator  at  impact 

A,  cross-sectional  area  of  the  penetrator  at  steady  state 

h  intercept  of  the  crater  volume/kinctic  energy  relationship 
D  origini  diameter  of  the  undeformed  penetrator 

e  enfineering  strain  in  the  mushroom  °f  *e  P=netrator 

c  engineering  strain  in  the  mushroom  at  impact 

°  engineering  strain  in  the  mushroom  at  steady  state 

Eq  kinetic  energy  of  the  penetrator  at  impact 
*  current  undeformed  section  length 


pressure  on  the  axis  of  the  penetrator  tip  at  impact 
pressure  on  (he  axis  of  the  penetrator  tip  at  steady  state 


average  pressure  on  die  penetrator  tip 
average  pressure  on  the  penetrator  tip  at  impact 

average  pressure  on  the  penetrator  tip  at  steady  state 
average  pressure  on  die  penetrator  tip  at  steady  state, 
independent  of  Vq 

radial  distance  from  the  axis  of  the  penetrator 
original  undeformed  penetrator  rod  radius 
dynamic  yield  strength  of  target 

current  penetration  velocity 
penetration  velocity  at  impact 
current  velocity  of  the  undeformed  section 
impact  velocity 

crater  volume  of  the  recovered  target 
dynamic  yield  strength  of  penetrator 

penetration  depth 
penetrator  density 

ratio  of  target  density  to  penetrator  density 


Tate  (1967)  and  simultaneously  Aleksecvjki!  (1966V 
published  a  one-dimensional  theory  for  the  penetration  or  semi- 
infinite  targets  by  long  rods.  Tate  (1969)  later  published  a  second 
paper.  These  papers  form  the  basis  upon  which  the  accepted  theory 
of  one-dimensional  rod  penetration  rests.  This  theory  attempts  to 
accurately  describe  the  penetration  process  of  a  uniform  long  rod 
into  a  uniform  semi-infinite  construct  of  target.  A  prediction  of  the 
resulting  penetration  hole  characteristics  Is  available  from  this 
analysis.  By  comparing  the  theoretical  predictions  to  experimental 
data,  we  can  evaluate  the  accuracy  of  these  one-dlmcnsional  models. 

Jones,  et  al  (1987)  modified  the  equations  of  motion  for 
the  undeformed  rod  section  by  employing  a  balance  of  linear  Impulse 
and  momentum.  In  subsequent  papers,  Wilson,  ct  a!  (1989)  and 
Gillis,  et  al  (1989)  offered  some  improvements  and  better  agreement 
between  the  theory  and  experimental  data  was  observed.  However, 
this  approach  relied  upon  post- test  measurements  for  estimates  of  the 
engineering  strain  in  the  mushroom  of  the  pcnctrator  tip.  The  strain 
was  assumed  to  be  constant  throughout  the  process  and  equal  to  that 
measured  from  the  profile  hole  diameter.  By  using  the  modified 
Bernoulli  Equation  proposed  by  Tate,  the  pressure,  penetration 
velocity,  and  undeformed  section  velocity  were  coupled  with  the 
modified  equation  of  motion  and  an  equation  for  the  conservation  of 
mass  passing  from  the  undefonned  section  of  the  penetrator.  This 
system  was  integrated  and  the  resulting  predictions  for  penetration 
depth  were  compared  to  experimentally  observed  values  from  the 
recovered  targets.  The  penetrator  and  target  dynamic  yield  strengths 
were  taken  to  be  constant  during  the  event  and  estimated  from 
laboratory  values  for  yield  strengths  at  the  highest  available  strain- 
rates. 

These  results  were  satisfying  and  showed  promise,  but 
based  analysis  of  key  parameters  on  post-experiment  measurement. 
Kerber,  et  at,  (1990)  utilized  a  well-established  crater  volume  - 
kinetic  energy  relationship,  e.g.  Murphy  (1987),  to  remove  some  of 
the  dependence  on  post-test  measurements.  The  aim  was  to  produce 
engineering  strain  as  a  by-product  of  the  solution  of  the  model 
However,  because  the  penetration  process  was  treated  as  being 
dominated  by  the  steady  state,  the  results  did  not  correlate  well  over 
a  large  range  of  impact  velocities  and  rod  lengths.  The  correlations 
with  experiments  were  satisfactory  for  longer  rods  and  higher  impact 
velocities  where  steady  state  penetration  can  be  presumed  to 
dominate  the  event.  The  initial  and  terminal  transients  were 
neglected  in  this  and  previous  analysis.  The  initial  transient  would 
appear  to  become  more  important  in  shorter  rods  and  lower  impact 
velocities. 

Cinnamon,  et  al  (1992a,b)  reported  a  significant  increase 
in  accuracy  by  incorporating  an  initial  transient  phase  to  the 
penetration  process.  This  analysis  was  based  on  observations  by 
Ravid,  et  al  (1990),  Gillis,  et  al  (1990),  and  Jones,  et  al  (1991). 
This  latest  approach  yielded  good  accuracy  for  a  one-dimensional 
model  in  the  1  to  3  km/s  velocity  range.  The  results  depended  only 
on  physical  parameters  determined  before  testing  and  the  well- 
estaolished  crater  volume/kinetic  energy  relationship.  The  terminal 
transient  was  neglected  in  this  model.  The  resulting  equations  were 
completely  algebraic  in  nature.  Of  some  concern  in  this  approach 
was  that  the  trends  in  the  predicted  penetration  depth  curves  were 
tending  toward  significantly  high  values  for  impact  velocities  above 
3  km/s.  When  experimental  data  for  3  -  6  km/s  were  evaluated,  the 
model's  accuracy  indeed  deteriorated.  In  examining  the  model,  it 
became  obvious  that  the  predictions  of  pressure  available  from  the 
modified  Bernoulli  Equation  were  simply  too  high.  In  fact,  the 
correlation  discovered  by  Cinnamon,  et  al  (1992a,b),  indicated  that 
the  pressure  profile  could  be  successfully  modified  in  such  a  way  that 
the  average  pressure  at  steady-state  predicted  by  the  Bernoulli 
Equation  was  reduced  by  a  specific  factor  (which  depended 
exclusively  on  target  strength)  to  match  experimental  penetration 
depths.  The  parabolic  nature  in  which  the  modified  Bernoulli 
Equation  predicts  die  interface  pressure  at  steady  state  as  impact 
velocity  increases  was  somewhat  minimized  by  this  technique. 


In  Jones,  et  al  (1993),  the  pressure  distribution  on  the 
penetrator  tip  was  modified  to  attempt  to  correct  for  the  deteriorating 
results  above  2.3  km/s.  With  a  Judicious  choice  of  two 
dimensionless  parameters,  slight  Improvement  was  observed. 
However,  a  physical  relationship  between  these  parameters  and  the 
model  was  not  discovered.  The  pressures  predicted  by  the  modified 
Bernoulli  Equation  were  once  again  reduced  to  achieve  acceptable 
results.  However,  this  new  pressure  distribution  contained  the  same 
parabolic  component  as  the  paevlous  approach. 

In  this  paper,  several  approaches  to  the  choice  of  pressure 
at  steady  state  were  evaluated.  It  became  clear  that  past  successful 
solution  forms  for  the  pressure  distribution  were  those  that  cancelled 
out  the  parabolic  nature  of  the  modified  Bernoulli  Equation.  As  a 
consequence,  when  the  average  pressure  at  steady  state  is  taken  to  be 
a  particular  value  for  a  specific  material  combination  over  all  impact 
velocities  and  direetty  related  to  target  strength,  a  significant  increase 
In  model  accuracy  resulted.  The  model  was  successfully  extended  up 
to  6  km/s.  This  paper  includes  results  reflecting  analysis  of  ail 
readily  available  experimental  data  in  this  field  of  research,  a  great 
majority  of  which  has  been  compiled  by  Anderson,  et  al  (1992). 


THEORY  #  t 

The  general  concepts  of  the  rod  penetration  process  are 
detailed  in  Figure  t.  The  undeformed  penetrator  is  a  cylinder  of 
known  length  and  diameter,  which  impacts  the  target  at  a  nominal 
normal  incidence  at  a  known  velocity.  The  penetrator  enters  the' 
target  and  experiences  mushrooming  in  the  tip.  When  the  event  has 
concluded  a  crater  with  a  measurable  diameter  and  depth  remains. 


Figure  1.  Schematic  of  Rod  and  Penetration  Process. 

(a)  undeformed  rod  of  length  L  and  initial  cross-sectional  area 
Aj.  The  shaded  portion  will  be  lost  to  erosion,  (b)  penetration 

event  l  is  the  undeformed  section  length  and  z  is  the 
penetration  depth. 


Primary  Governing  Equations  ^  f 

Jones,  «  all  (1987J  proposed  a  modification  to  the 
rouation  of  motion  of  the  undeformed  section  of  a  rod  penetrator. 
This  equation  is 


l  v  +  £  (v-u) 
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p(l  +  e) 


(l) 


T-2 


where  £  Is  the  undeformed  section  length,  v  is  the  current 
undeformed  section  velocity,  u  is  the  penetration  velocity,  P  is  the 
average  pressure  on  the  penetrator  tip,  p  Is  the  penetrator  density, 
and  e  is  the  engineering  strain  in  the  penetrator  mushroom.  The 
details  behind  the  development  of  this  equation  are  contained  In 

Jones,  et  a^t987).^  ^  ^19g9}  addcd  softer  gey  equation  to  the 

analysis.  The  conservation  of  mass  across  the  plastic  interface 
between  the  mushroom  and  the  undeformed  section  of  the  penetrator 
was  given  in  the  form 

e  £  =  v-u  (2) 

The  penetrator  is  assumed  to  be  rigid-plastic  during  the  event.  _ln 
both  (1)  and  <2),  dots  over  the  symbols  represent  differentiation  with 
respect  to  time.  The  engineering  strain  in  the  mushroom  is 
compressive  and  therefore  negative.  The  current  value  of  the 
engineering  strain  in  the  mushroom  is  defined  to  be 


(6) 


When  P  was  calculated  for  (5),  the  result  was  .  The  predictions 

m 


assume  a  no  norm  pressure  tu»u  juumm,  ■  uv  iwuhj  an*. 

from  ignoring  the  initial  and  final  transients  in  the  penetration  event. 
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by  reducing  the  effect  of  (4),  the  addition  of  at  least  an  initial 
transient  seemed  warranted.  „ 

In  Cinnamon,  et  al.  (1992a,b),  the  pressure  distribution  was 
generalized  to  die  form 


p-p.O—t)* 


(7) 


A 


where  Ai  is  the  initial  cross-sectional  area  of  the  undeformed 
penetrator  and  A  is  the  current  cross-sectional  area  of  the  mushroom. 


Previous  Pressure  Analysis  .  _  ,  ,  , 

9  The  average  pressure  on  the  penetrator  tip,  P* 
by  considering  various  pressure  profiles.  In  Jones,  et  al  (1987)  and 
Wilson*  et  al  (1989),  the  pressure  was  assumed  to  be  uniform  across 
the  mushroom  face.  The  intensity  of  the  pressure  was  assumed  to  be 
the  solution  of  the  modified  Bernoulli  equation.  This  equation,  from 
Tate  (1967, 1969)  and  Alekseevskii  (1966),  is  applied  at  steady  state 
and  relates  pressure  on  the  axis  of  the  specimen  at  the  penetrator  tip, 
Pa,  to  the  undeformed  section  speed  v,  the  penetration  velocity  u,  and 
material  properties  of  the  target  and  penetrator.  The  modified 
Bernoulli  equation  is 

p,  =in*puJ  +Rt  =ip(v-u)J+Y|,  (4) 

2  *• 

where  R*  and  Yp  arc  dynamic  yield  strengths  of  the  target  and 

penetrator  at  suitably  high  strain  rates  respectively,  and  (I  is  the 

ratio  of  the  target  to  penetrator  density. 

Gillis  et  al  (1990)  suggested  that  the  uniform  pressure 
profile  was  not  realistic  and  proposed  a  parabolic  form,  which  was 
symmetric  about  the  axis  of  the  specimen  and  zero  on  the  edge  of  the 
mushroom.  In  this  case,  the  pressure  p  had  the  form 


p-p,ci~) 


(!) 


where  pa  is  the  current  pressure  on  the  rod  axis,  Ris 
radius,  £id  r  is  the  radial  distance  from  the  axis.  The  factor  (1+e)  m 
the  denominator  of  the  pressure  term  in  0)  forces  the  pressure  to  act 
over  the  deformed  mushroom  face  with  area  A,  even  though  (5) 
refers  to  the  original  rod  configuration. 

The  average  pressure  P  can  be  computed*  m  general,  by 


which  made  the  average  pressure  term  become 


P  = 


P, 


(n+l) 


This  new  pressure  distribution  was  successfully  employed 
with  an  initial  transient  phase  to  correlate  to  a  large  number  of 
experimental  cases.  The  pressure  exponent  n  was  found  to  be  a 
direct  function  of  target  strength.  Although  this  approach  provided 
improved  results  over  previous  approaches,  die  analysis  could  not  be 
successfully  extended  oeyand  3  km/s.  *  ,,  . 

Jones,  el  al  (1993)  attempted  to  correct  the  problem  by 
adding  a  uniform  component  to  the  pressure  profile.  The  distribution 

Wail  fW#  lAfftt 


P 


=  q  +  (p,-q)(l¬ 


(9) 


and  the  average  pressure  became 


P  = 


nq  |  P, 
(n+l)  (n+l) 


(10) 


This  new  pressure  profile  improved  results  slightly  and  extended 
them  into  the  hypervelocity  range  (3*6  km/ s),  However,  q  and  n 
were  not  successfully  correlated  to  any  physical  parameters 

In  this  paper,  another  approach  to  the  determination  of  the 
average  pressure  will  be  explored  and  a  successful  correlation  to 
target  strength  will  be  presented,  in  addition,  the  widest  possible 
body  of  available  data  wilt  be  used  in  the  correlation. 


.  MU  mM  - 

penetration  was  added  to  the  model.  The  transient  phase  is 
characterized  by  impact  shock  effects  and  complete  mushroom 
growth  which  occurs  between  impact  and  the  beginning  of  steady 
state  penetration.  We  assume  that  the  penetrator  impacts  the  target  at 
a  known  velocity,  vn,  of  sufficient  magnitude  (i*c.  vq  >  1  km/s)  such 
sMitifttt  cannot  sustain  any  appreciable 


deceleration  (i.e,  Y  £  0)  during  the  initial  transient.  This  means 
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that  v  -  VA  throughout  the  transient  or  mushrooming  phase  of 
penetration.  During  the  initial  transient,  the  mushroom  develops 
from  a  cross-sectional  area  Ao  at  Impact  to  Aj,  when  steady  state 
begins.  The  mushroom  retains  an  area  of  At  throughout  the  steady 
state  portion  of  the  penetration  process  until  the  end  of  the  event. 

Ravid,  it  at,  (1990)  reported  that  there  was  little  change  In 
penetration  velocity  u  during  the  shock/impact  stage  of  the  initial 
transient  phase.  Motivated  by  this  observation,  we  aasumed  that  the 
penetration  velocity  was  approximately  constant  (l.c.  u  -  uo) 
throughout  the  initial  transient.  Hence,  (l)  becomes 


r(v0-u0) 


-p 

p(l+e) 


(11) 


and  (2)  Is  modified  to 


ei?  =  V0  -U0  (12) 

These  two  equations,  (11)  and  (12),  govern  the  mushrooming  of  the 
rod  during  the  initial  transient  phase  of  the  penetration  event  •  which 
precedes  the  steady  state.  At  impact,  the  engineering  strain  in  the 
mushroom  is  cq,  when  steady  state  is  reached,  the  strain  becomes 
e\. 

By  eliminating  t  between  (1 1)  and  (12)  and  solving  for  c, 
we  arrive  at  an  expression  for  the  engineering  strain. 


ess 


-(Vq-Uq)* 

/  x2  P 

(vo“uo)  +p 


(13) 


This  relationship  provides  us  with  an  explicit  formula  for  the  strain 
in  the  mushroom  as  it  develops  during  the  transient  phase.  This 
equation  governs  the  behavior  until  the  beginning  of  the  steady  state 
penetration  phase.  The  pressure  on  the  axis,  pa*  Is  changing  rapidly 
during  mushroom  formation.  It  has  a  large  value,  po*  at  impact  and  a 
reduced  value,  pi,  at  steady  state. 

When  steady  state  is  reached,  we  assume  that  the  modified 
Bernoulli  Equation,  (4),  is  valid.  At  the  transition  point  between  the 
transient  and  steady  state  portions  of  the  event,  (4)  can  be  expressed 
as 


•P,  =  ^)t2pu02  +R,  =|p(v0  -u0)2  +Yp 

2  (14) 


and  (13)  can  be  written  as 


e,  = 


-(Vq-Uq)2 

(v0-u„)2+^- 

p 


(15) 


where  Pi  Is  the  average  pressure  on  the  penctrator  tip  at  the 
beginning  of  steady  state. 

Equation  (14)  can  then  be  used  to  solve  for  uo  in  terms  of 

the  known  quantities  vq,  p ,  p.2 ,  Rt>  ^  Yp.  The  remaining 
variable  in  the  system  of  equations  is  Pj.  The  determination  of  Pj  is 
the  primary  focus  of  this  paper. 


The  penetration  velocity  uo  can  be  found  algebraically 
from  (14).  The  three  primary  cases  are  outlined  below 

For  equal  penctrator  and  target  dynamic  yield  strength  (l.e. 

Rt -  Yp) and  equal  densities  (l.e.  I),  uo  reduces  to 

u,=iv,  0« 

Por  unequal  penctrator  and  target  dynamic  yield  strength 
(i.e.  Rt  ^  Yp)  and  equal  densities  (l.e.  |i2  •  I),  uq  becomes 


P  v02  +2(Yp  -R,) 
2pv0 


In  the  general  case,  uo  i*  given  by 


(H) 


U, 


1 


-2p(^-lXR,-Y,- 


1 


(18) 


In  each  of  these  cases,  then,  uq  can  be  determined 
algebraically  from  known  material  properties  and  impact  conditions. 
This  leaves  ci  in  (15)  as  a  fonction  of  known  parameters  and  the 
averago  pressure  on  the  penctrator  tip  at  steady  state. 


LmP  Qt  outiined  above  also  provides  some  information 

about  conditions  at  impact  The  strain  on  impact  «o  can  be 
calculated  from  (13)  if  we  know  the  average  pressure  on  the 
penetrator  tip  at  impact,  Po- 


e0  ~ 


— (Vq-Uq)1 

(v0-u  o)i+y 


(19) 


The  impact  pressure  can  be  estimated  from  elementary  shock 
physics,  using 


p0=pu,u0  (2°) 

where  us  is  the  shock  speed  in  the  target.  Values  for  u<  as  a  function 
of  un  can  be  found  in  shock  Hugoniot  tables,  e.g.  [16].  Calculat  on 
of  Po  from  a  known  value  of  po  can  typically  be  accomplished  using 
the  same  approach  as  the  calculation  of  Pj  from  pa- 


£ate°nfl[^m^lnatical  model  for  the  behavior  of  the  penetrator 
is  a  rigid-plastic,  instantaneously  eroding  rod  model.  As  a  result,  the 
penetrator  enters  the  target  with  some  impact  engineering  strain  ep 
that  expands  to  e\  during  the  transient.  The  impact  pressure  po  is 
usually  very  high  relative  to  the  steady  state  pressure  pj.  Although 
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this  pressure  decrease*  rapidly  during  mushroom  formation  In  the 
transient  phase,  the  values  for  m  can  be  significant.  The  mushroom 
diameter  grows  from  the  time  or  impact  through  the  transient  phase, 
and  ceases  at  the  beginning  of  the  steady  state  portion  of  the  event 
The  shock/impact  stage  takes  place  in  a  period  of  a  few  microseconds 
(Ravid,  ct  al  (1990)).  .  ,  . 

The  instantaneous  erosion  assumption  prevents  the  model 
from  accounting  for  any  additional  erosion  of  the  target  *  which 
occurs  in  actual  practice.  There  is  typically  appreciable  change  in 
target  geometry  sue  to  penetrator  and  target  material  ejection  from 
the  crater.  As  a  consequence,  the  recovered  targets  will  appear  to 
have  more  cylindrical-type  craters  than  the  model  would  predict. 
Figure  2  illustrates  the  crater  predicted  by  the  mathematical  model, 
and  Figure  %  indicates  how  the  actual  geometry  frequently  appears. 


PanetfP^n^nnlyiif  ^ir^tjoi^  ftom  the  above  model  Is 

made  possible  through  the  use  of  a  somewhat  empirical  approach. 
For  a  number  of  years,  researchers  have  observed  a  significant 
correlation  between  crater  volume  in  the  recovered  targets  and 
impact  kinetic  energy,  e.g,  Murphy  (I9E7).  This  relationship  appears 
to  be  linear  for  impact  cases  of  sufficient,  but  not  excessively,  high 
energy  and  can  be  expressed  in  the  form 


Vc  =a  E0  +  b 


(21) 


where  Vc  is  the  crater  volume,  £0  is  the  impact  kinetic  energy  and  is 

equal  to  —  p  AjL  V0*  ,  and  the  variables  a  and  b  are  regression 

constants  determined  from  the  available  experimental  data.  The 
linear  fit  is  performed  for  each  shot  combination, 

Tnese  crater  volume/kinetic  energy  relationships  are 
computed  from  data  points  for  a  particular  shot  combination.  The 
reliability  of  the  linear  fit  is,  of  course,  a  function  of  the  number  of 
data  points  available,  Since  most  experimental  tests  are  quite 
expensive,  frequently  the  data  is  sparse  and/or  somewhat  scattered. 
When  the  linear  fit  predicts  cratering  at  mo  impact  kinetic  energy, 
or  in  some  other  way  reflects  erroneous  trends,  the  usefulness  of  the 


particular  case  Is  significantly  reduced.  This  phenomenon  is 
typically  avoided  by  a  sufficient  number  of  experimental  points.  The 
accuracy  of  the  penetration  prediction  is  extremely  dependent  on  the 
crater  volume/kinetic  energy  relotionshlp  arrived  at  using  tills 
technique. 


Figure  3.  Actual  Crater  Geometry 
A  |  is  the  observed  crater  cross-sectional  area.  The  crater  is 
assumed  cylindrical  with  altitude  z. 


By  adopting  the  cylindrical  approximation  for  the  crater 
geometry  discussed  above,  we  can  generate  predictions  for  the 
penetration  depths.  Because  of  toe  ejection  of  material  from  the 
crater,  the  cross-sectional  area  of  the  recovered  target  hole,  A],  will 
be 


A,  = 


Aj 

(1+e,) 


The  crater  volume  can  be  expressed  as 


(22) 


Vc  -  A,Z  (23) 

where  z  is  the  penetration  depth.  The  penetration  depth  can  be 
predicted  by  applying  toe  crater  volume/kinetic  energy  relationship 
to  Vc.  From  (21)  and  (23),  z  is  given  by 

2  =  — 0  +  e|)V,  ®~”(l+c»XaE0+b) 

Aj  A, 

(24) 

Thus,  the  penetration  depth  can  be  expressed  as  an  algebraic  function 
of  known  material  properties  and  impact  conditions,  and  as  a 
function  of  the  average  pressure  on  the  penetrator  tip  at  steady  state. 


CURRENT  PRESSURE  PROFILE  ANALYSIS 

In  the  previous  work  outlined  above,  it  was  noted  that  one 
of  the  primary  difficulties  in  achieving  good  predictions  for  the  crater 
characteristics  was  the  manner  in  which  the  modified  Bernoulli 
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Equation  (4)  predicted  prcuure  as  a  (Unction  of  u  ahd  v.  Tlio 
parabolic  nature  of  (4)  tended  to  ovcr-predlct  penetration  depths  for 
the  higher  velocity  cases  (3  -  6  km/sj.  B"ller  successes,  partcu  arly 
In  the  Intermediate  velocity  range  (1  -  3  km/s),  wete  re*“,t 
pressure  distributions  that  tended  to  reduce  the  effect  of  (4).  In  this 
paper,  additional  pressure  distribution  analysis  Is  performed  to 
address  this  problem. 

^,Vl0U,Jtn^viou5Pjlepawre9^int  for  the  attempt  to  Improve  the 
onc-dimensional  analysis  and  extend  it  Into  the  hypervelocity  range 
was  to  begin  with  the  previous  pressure  distributions.  A  great  body 
of  additional  experimental  data  became  available  in  Andcrson.ct  al 
(1992)  that  expanded  the  range  of  materials,  greatly  increased  the 
number  of  shot  combinations  accessible  for  analysis,  and  provided 
data  In  the  hypervclocity  range.  The  pressure  profiles  detailed  in  (7) 
and  (9)  were  examined  for  possible  application  in  these  new  coses. 

The  distribution  in  (7)  was  unable  to  compensate  for  the 
parabolic  nature  of  (4)  while  maintaining  accuracy  in  tne 
intermediate  velocity  ranges  if  n  was  considered  a  constant  as  t  was 
in  Cinnamon,  ct  al  (l992a,b).  Attempts  to  model  n  as  a  function  of 
material  properties  or  Impact  conditions  were  not  successful.  In 
genera),  it  was  observed  that  n  needed  to  increase  with  Impact 
velocity  to  essentially  cancel  the  effects  of  the  modified  Bernoulli 
Equation.  Tho  distribution  in  (9)  followed  the  same  trend.  Although 
the  results  improved,  the  net  effect  was  to  choose  n  and  q  to  counter 
the  dramatic  pressure  increase  dictated  by  equation  (4). 


N«w  pressure  Distribution  . 

jo  attempt  to  find  a  solution  to  this  dilemma,  a  new,  more 
general,  pressure  distribution  was  proposed.  The  pressure  profile 
takes  the  form 


P-q+(p.-qXi -(^"T  <“> 


This  profile  Is  a  more  complex  and  versatile  one.  A  great  deal  of 
additional  control  over  the  shape  of  the  pressure  distribution  was 
provided  by  (25).  The  average  pressure  then  is  given  by 

T(— )F(l+n) 

P  =  q+2(p,  -q)  —  2 -  (26) 

mr(l+ — +n) 
m 


where  T  is  the  well  known  mathematical  gamma  function. 

As  a  significant  number  of  cases  were  examined,  it  became 
increasingly  clear  that  in  order  to  achieve  the  desired  trends  in  the 
theoretical  penetration  curves,  n  and  m  were  chosen  in  such  a  way  as 
to  essentially  eliminate  the  effect  of  the  second  term  in  (26).  TJat  is, 
an  average  pressure  comprised  of  a  single  value,  q,  which  was 
unvarying  over  the  range  of  impact  velocities,  achieved  the  best 
results.  This  discovery  matched  our  previous  experience  with  (7) 
and  (9),  Apparently,  the  magnitude  and  trends  in  the  pressures 
predicted  by  the  modified  Bernoulli  Equation  were  not  leading  to 
acceptable  results.  All  previous  successes  were  based  on  choices  that 
reduced  or  eliminated  the  contribution  of  the  velocity  dependent 
axial  pressure  in  (4)  to  the  value  of  Pj. 

Revised  Average  Pressure  Approach 

n  With  tne  results  described  above,  another  approach  was 

required.  It  became  clear  that  the  previous  calculation  of  the  average 


ereMuro  at  steady  state,  Pi,  was  not  acceptable.  To  simplify  the 
analysis,  the  connection  of  P|  to  ft  particular  pressure  distribution  is 

Ignored.  ^  probkm  j*  farther  simplified  by  the  fact  lhat  the 
desired  trends  in  tho  pcnotratlon  depths  result  fVom  a  constant  value 
for  Pi  over  the  entire  velocity  range.  . 

This  approach  docs  not  imply  that  the  pressure 
distributions  have  tne  same  shape  for  differing  velocities,  or  that  pa 
Is  equivalent  for  all  velocities,  simply  lhat  the  value  of  Pg  Is  constant 
for  a  particular  shot  combination  over  all  impact  velocities. 


RESULTS 

When  Pi  was  assumed  to  be  some  constant  average 
pressure  on  the  penetrator  tip  independent  of  vo*  defined  here  to  be 
Q  for  all  impact  velocities  in  ft  particular  shot  combination,  the 
results  of  this  model  improved  tremendously.  The  penetration  depth 
theoretical  curves  adopted  the  trends  present  in  the  experimental  data 
(|.c.  penetration  depths  leveling  off  as  velocity  increases  toward  6 
km/s).  In  addition,  tho  values  for  Q  that  yielded  the  best  results 
correlated  strongly  to  target  strength. 

In  order  to  establish  the  most  credible  and  most  complete 
correlation  possible,  all  availablo  data  were  employed.  As  a 
consequence,  this  paper  Includes  a  large  number  of  representative 
figures.  In  order  for  this  theoiy  to  be  applied  effectively, 
experimental  data  sets  must  have  included  crater  diameters.  A 
number  of  the  coses  in  Anderson,  et  al  (1992)  did  not  provide  this 
information.  In  addition,  a  minimum  of  two  data  po  nts  was  required 
to  construct  the  crater-volume/kineiic  energy  relationship.  Hence, 
some  other  cases  could  not  be  evaluated.  With  those  limitations  in 
mind,  the  author  applied  all  readily  available  cases  to  this  model  and 

reports thcresults.  aummarizcs  ^  ^  CBSCS  ^  provides  essential 

data  about  each  shot  combination.  The  figure  numbers  referred  to 
can  be  found  in  this  paper.  The  figures  shown  arc  representative  of 
the  entire  body  of  data  One  figure  number  is  assigned  to  each  shot 
combination  shown.  The  crater  volume/kinetic  energy  relationship 
used  to  generate  the  penetration  depths  appears  In  Table  2.  in  some 
cases  (m  indicated  in  Table  2),  the  relationship  was  modified  by 
removing  certain  data  points  that  appear  erroneous  or  that  skewed  the 
general  trend.  When  these  points  arc  removed,  the  relationship 
changes  -  which  modifies  the  resulting  penetration  curve.  Of  course 
this  does  not  alter  the  strain  curve  in  any  way.  The  entire  data  set, 
with  both  modified  and  unmodified  curves  for  ail  cases,  appears  in 
Cinnamon  (1992  a,b).  ,  , 

The  figures  show  theoretical  curves  superimposed  on 
discrete  experimental  points.  The  upper  curve  in  the  strain  vs. 
impact  velocity  figures  represents  the  estimate  for  eo- 

When  these  cases  were  evaluated,  a  certain  value  for  Q 
could  be  chosen  to  match  the  experimental  data.  This  Q  was  found 
to  strongly  correlate  to  target  strength.  Table  3  reports  each  of  the 
different  targets  present  in  the  data  and  their  corresponding  Q  value. 

With  this  information,  it  was  immediately  evident  that 
some  strong  relationship  existed  between  Q  and  target  strength. 
Figure  4  depicts  the  values  for  Q  chosen  to  allow  the  model  to 
predict  penetration  depths  and  crater  diameters  accurately  against  Rt. 
A  curve  is  fit  through  the  data  to  both  illustrate  the  correlation  and 
provide  a  functional  relationship  between  Q  and  The  best  fit  is 


Q  =  3.8(l-e(“ooou3R,))-0.8 


(27) 


With  Q  as  a  direct  function  of  target  strength,  this  one¬ 
dimensional  penetration  model  can  be  expressed  in  terms  of  known 
material  properties  and  impact  conditions.  The  crater  volume/kinetic 
energy  curve  is  still  needed  to  allow  for  the  calculation  of  penetration 
depths,  however. 
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those  used  previously,  Figures  5  «td  6  are  ;,|“”!rlmeIlto,  Dit.  Summary 
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Tabic  2.  Crater  Volume/Kinetic  Energy 
Relationihip  Used  in  Figures 


Table  3,  Correlation  of  Q  to  Target  Strength 
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Figure  13b.  Penetration  Depth  (mm)  vi  Impact  Vet  (km/s) 
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Figure  14a,  Strain  vs  Impact  Velocity  (km/s) 


Figure  14b,  Penetration  Depth(mm)  vs  Impact  VeL(km/$] 
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Figure  18a,  Strain  vs  Impact  Velocity  (km/s) 


Figure  18b.  Penetration  Depth  (mm)  vs  Impact  Vei.(km/s) 


CONCLUSION 

In  this  piper,  a  new  one-dimensional  model  for  die 
penetration  of  semi-infinite  targets  by  long  rods  was  developed.  Its 
basis  was  the  revision  of  the  previous  techniques  employed  to 
calculate  the  average  pressure  at  steady  state.  The  modified 
Bernoulli  Equation  appears  to  result  In  values  for  P|  that  are  simply 
too  high  for  the  impact  cases  in  the  hypervelocity  range. 

By  correlating  a  new  approach  to  a  great  body  of  data,  it 
was  discovered  that  a  single  value  for  the  average  pressure  on  the 
penetrator  tip  at  steady  state,  Q,  could  successfully  represent  the 
pressure  at  steady  state  over  the  impact  velocity  range  of  1  to  6  km/s, 
This  formulation  for  Q  allowed  the  model  to  improve  its  accuracy 
and  its  trends  at  higher  velocities.  In  addition,  this  value  Q  was 
shown  to  have  a  strong  correlation  to  target  strength.  This  approach 
has  resulted  in  a  completely  algebraic  solution  that  relies  only  on 
known  test  parameters  and  the  well-established  crater  volume/kineuc 
energy  relationship. 

Future  work  will  involve  an  effort  to  revise  or  replace  the 
modified  Bernoulli  Equation's  estimate  for  pressure  at  steady  state. 
Additional  analysis  also  needs  to  be  conducted  to  ascertain  the  form 
of  die  pressure  distribution  that  leads  to  a  constant  Q  over  all  impact 
velocities. 

The  aim  of  this  paper  was  to  extend  the  one-dimensional 
penetration  analysis  into  the  hypervelocity  range.  The  resulting 
model  offers  reasonable  accuracy  for  a  one-dimensional  description 
of  the  penetration  event. 
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CONCLUSION  * 

In  this  paper,  a  new  one-dimensional  model  for  the 
penetration  of  semi-infinite  targets  by  long  rods  was  developed.  Its 
basis  was  the  revision  of  the  previous  techniques  employed  to 
calculate  the  average  pressure  at  steady  state.  The  modified 
Bernoulli  Equation  appears  to  result  In  values  for  P|  that  are  simply 
too  high  for  the  impact  cases  in  the  hypcrvelocity  range. 

By  correlating  a  new  approach  to  a  great  body  of  data,  it 
was  discovered  that  a  single  value  for  the  average  pressure  on  the 
penetrator  tip  at  steady  state,  Q,  could  successfully  represent  the 
pressure  at  steady  state  over  the  impact  velocity  range  of  I  to  6  km/s. 
Tills  formulation  for  Q  allowed  the  model  to  improve  iu  accuracy 
and  iu  trends  at  higher  velocities.  In  addition,  this  value  Q  was 
shown  to  have  a  strong  correlation  to  target  strength.  This  approach 
has  resulted  1 n  a  completely  algebraic  solution  that  relies  only  on 
known  test  parameters  and  the  well-established  crater  volume/kinetic 
energy  relationship. 

Future  work  will  involve  an  effort  to  revise  or  replace  the 
modified  Bernoulli  Equation’s  estimate  for  pressure  at  steady  state. 
Additional  analysis  also  needs  to  be  conducted  to  ascertain  the  form 
of  the  pressure  distribution  that  leads  to  a  constant  Q  over  all  impact 
velocities. 

The  aim  of  this  paper  was  to  extend  the  one-dimensional 
penetration  analysis  into  the  hypervelocity  range.  The  resulting 
model  offers  reasonable  accuracy  for  a  one-dimensional  description 
of  the  penetration  event. 
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